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ABSTRACT

Volume I of the final report for the
Battelle Integrity of Nuclear Piping
(BINP) program provided a summary of
the results from this program and a
discussion of the implications of those
results. This volume (Volume II -
Appendices) provides the details from

the various technical tasks conducted as
part of this program. Each individual
appendix provides the details of a
specific task conducted as part of the
BINP program.
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FOREWORD

Since 1965, the U.S. Nuclear Regulatory
Commission (NRC) has been involved
in research on various aspects of pipe
fracture in nuclear power plant piping
systems. The most recent programs are
the Degraded Piping Program, Short
Cracks in Piping and Piping Welds
Program, and two International Piping
Integrity Research Group programs.
These programs have developed and
validated "state-of-the-art" structural
analysis methods and data for nuclear
piping systems.

This report describes the results of the
Battelle Integrity of Nuclear Piping
(BINP) program, which was performed
by Battelle Columbus Laboratories.
The objective of the BINP program was
to address the most important unresolved
technical issues from the earlier research
programs. The BINP program was
initiated as an international program to
enable fiscal leveraging and an expanded
scope of work. Technical direction for
the program was provided by a Technical
Advisory Group composed of
representatives from the funding
organizations.

The BINP program was divided into
eight independent tasks, each of which
examined one of the unresolved
technical issues. These eight tasks
included both experimental and
analytical efforts. The two pipe-system
experiments examined the effects of
secondary stresses (such as thermal
expansion) and cyclic loading (such
as during a seismic event) on the load-

carrying capacity of flawed piping. For
these experiments, the pipe system had
large flaws or cracks. The remaining six
tasks were "best-estimate" analyses
to examine the effects of other factors,
such as pipe system boundary
conditions, and weld residual stresses on
the behavior of flawed pipes. Many of
these analyses involved the use of finite
element modeling techniques. One of
these analytical tasks was to examine the
actual margins that may exist in flawed
pipe evaluations as a result of non-linear
behavior. While the magnitude of these
margins would vary on a case-by-case
basis, the results of this task show that a
potential for significant margins does
exist.

In addition to developing a technical
basis for more advanced inservice flaw
evaluation procedures for use with Class
1 piping, as defined by the American
Society of Mechanical Engineers
(ASME), the BINP program considered
the development of flaw evaluation
procedures for ASME Class 2 and 3
piping and balance-of-plant piping.

This research supports the NRC's goal to
improve the effectiveness and realism of
the agency's regulatory actions.

Carl Paperiello, Director
Office of Nuclear Regulatory Research
U.S. Nuclear Regulatory Commission
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APPENDIX A

EVALUATION OF PROCEDURES FOR THE TREATMENT OF
SECONDARY STRESSES IN PIPE FRACTURE ANALYSES



A.1 BACKGROUND this option is not given so that secondary and
primary stresses are combined.

Currently, the flaw evaluation procedures
embodied in ASME Section XI specify different .- A.2 RESULTS OF PRIOR PIPE-SYSTEM
safety factors for global secondary stresses, such EXPERIMENTS
as thermal expanision and seismic anchor motioin;
(SAM) stresses, than they do for primary The results from the IPIRG pipe-system
stresses, such as primary membrane or primary , experiments indicate that for large cracks, where
bending stresses. The ASME Code specifies a ' the failure stresses are below the general yield
safety factor of 2.77 for Service Levels A and B,; strength of the uncracked pipe, the thermal
and 1.39 for Service Levels C and D for primary . expansion and SAM stresses contributed just as
stresses. For cracks in ferritic materials (base C much to fracture as did the primary stresses, see
metal and welds) and austenitic flux welds Figure A. 1. Figure A. 1 shows a plot of the
(submerge-arc and shielded-metal-arc welds),: ; maximum experimental stress normalized by the
the Section XI procedures indicate that the :- Net-Section-Collapse (NSC) stress for five
thermal expansion stresses should be included, -' quasi-static bend and five pipe-system
but with a safety factor of only 1.0. In addition,- ' experiments conducted as part of the IPIRG
for cracks in austenitic base metals, the ASME. (Refs. A.1 and A.2) and related programs (Refs.
Code indicates that thermal expansion stresses . A.3 and A.4). The crack sizes in each of these
need not be considered. Furthermore, the experiments were relatively large, such that the
current ASME Section XI procedures do not failure moments were low enough that plasticity
explicitly require SAM stresses to be considered,' was restricted to the crack section. The
regardless of the material. maximum experimental stresses have been

normalized by the NSC stress to account for
The R6 analysis classifies certain secondary- .- slight differences in pipe size and crack size.
stresses, such as thermal expansion and other- . For each experiment, the maximum stress has
displacement-induced stresses (SAM), as been broken down into its various stress
effectively being primary stresses if there is components, i.e., primary membrane, primary
significant elastic follow-up at the crack section. bending (inertial), seismic anchor motion, and
These stresses will not generally be self- : thermal expansion (For the quasi-static bend
equilibrating as is typically assumed for - companion experiments, the only stress
secondary stresses, such as weld residual components applicable are primary membrane
stresses. { and primary bending [quasi-static bending]).

From Figure A.1 it can be seen that if the
In a similar view, the LBB procedures specified thermal expansion and SAM stresses are ignored
in draft Standard Review Plan (SRP) 3.6.3 have. in the stress terms for the pipe-system
an option that allows the thermal expansion experiments, then the normalized failure stresses
stresses to be considered in the stability analysis for the pipe-system experiments would only be''
of cracks in austenitic submerge-arc and - 40 to 50 percent of normalized failure stresses
shielded-metal-arc welds, but not in the stability - for the quasi-static bend experiments.
analysis of cracks in austenitic wrought base. Consequently, it appears from these results that
metals and TIG welds. For ferritic materials, - secondary stresses do contribute to fracture, at

least for the case of large surface cracks where
plasticity is limited.
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Figure A.1 Comparison of the results from the IPIRG-1 pipe-system experiments with companion
quasi-static, four-point bend experiments demonstrating how global secondary stresses, such as

thermal expansion and seismic anchor motion stresses, contribute to fracture

A.3 BINP TASK 1 EXPERIMENT

As part of this effort in the BINP program,
another pipe-system experiment (BMNP
Experiment 1) was conducted. For this
experiment the actuator was intentionally offset
at the beginning of the experiment, prior to the
application of the dynamic cyclic load history, to
simulate a larger thermal expansion stress.
Figure A.2 is a plot of the actuator time history
for this experiment along with the actuator time
history for its companion pipe-system
experiment from the First IPIRG program, i.e.,
Experiment 1.3-5. The crack for both of these
pipe-system experiments (1.3-5 from IPIRG-1

and BINP Experiment 1) was located in the
center of a stainless steel submerge-arc weld.
The crack sizes for both experiments were
nominally the same, i.e., 50 percent of the pipe
circumference in length and 66 percent of the
pipe wall thickness in depth. From Figure A.2 it
can be seen that the actuator for the BINP
experiment was offset an additional 56 mm (2.2
inches) at the start of the experiment with
respect to the actuator displacement for the
IPIRG-1 experiment. This additional static
offset in displacement resulted in an additional
255 kN-m (2,257 in-kips) of static moment at
the crack section.
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Figure A.2 Actuator time history for BINP Task 1 experiment and IPIRG-1 Experiment 13-5

Figure A.3 is a plot of the crack section moment
as a function of time for these two pipe-system
experiments up to the instant when the surface
crack jpenetrated the pipe wall thickness. From
this figure it can be seen that the total moment at
the crack section at the instant of surface crack
penetration was comparable for the two
experiments. This further supports the
contention that these global secondary stresses
(thermal expansion and SAM stresses)
contribute just as much to fracture as do the'
primary stresses, at least for the case where the

stresses in the uncracked pipe are below the
yield strength of the pipe. From Figure A.4,
which is a similar plot as Figure A.1, except it
shows the results for the four stainless steel weld
experiments (Experiment 4141-4 from the
Degraded Piping Program, Experiment 1.3-5

-from IPIRG-1, Experiment 1-5 from IPIRG-2,
and the BINP Task 1 experiment), it can be seen
that the primary stresses for the BINP Task 1
experiment represented only 35 percent of the
total stress at maximum load.

, . -
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These findings support the contention that the
thermal expansion and seismic anchor motion
(SAM) stresses (secondary stresses) are as
detrimental as the primary stresses, at least for
these test conditions for which the stresses at
failure for the uncracked pipe were less than the
yield strength of the material.

For such conditions, there is the potential for
elastic follow-up. Section III of the ASME code
recognizes this potential in its local overstrain
criteria in paragraph NC-3672.6(b). This
paragraph implies that global secondary stresses,
such as thermal expansion and seismic anchor
motion stresses, can act as primary stresses
under certain conditions, such as when the
weaker or higher stressed portions of the piping
system are subjected to strain concentrations due
to elastic follow-up of the stiffer or lower
stressed portions. One such obvious example of
this is the IPIRG pipe system in which a large
crack is introduced into a weaker material (lower
yield strength) than the surrounding materials.
Consequently, the resultant stresses for the
uncracked pipe sections were less than the yield
strength at the time of failure of the cracked
section. The implication is that the safety
margins for secondary stresses may be a
function of the ratio of the failure stress to the
yield strength. If the failure/yield stress ratio is
less than 1.0, then global secondary stresses
should probably be treated the same as primary
stresses for fracture in the stability/critical crack
size analyses. If the opposite holds true, then the
global secondary stresses may become less
important with some nonlinear function.
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APPENDIX B

PIPE-SYSTEM EXPERIMENT WITH AN ALTERNATIVE
SIMULATED SEISMIC LOAD HISTORY



In the IPIRG-2 program two surface-cracked
pipe-system experiments were conducted using a
simulated seismic load history for the forcing
function. For both experiments the test
specimens contained internal circumferential
surface cracks located at the same location as the
cracks for the previously conducted IPIRG-1
pipe-system experiments. The cracked test
specimens for these two IPIRG-2 pipe-system'
experiments were sections of A106 Grade B
carbon steel and Type 304 stainless steel.

Of note from the analysis of these experiments
was the fact that the load-carrying capacities of
the simulated seismic experiments were higher
than anticipated. There did not seem to be much
of an effect of the cyclic history on the load-
carrying capacity of the cracked section. One
possible explanation for this observation was
that the seismic history applied had a large cycle
earlier in the time history, see Figure B.1, which
resulted in a large moment cycle to occur at the
crack'section early in the experiment. It was
during this large moment cycle that the crack
initiated and began to grow. Consequently, the
resultant moment-time history for the crack
sectiorn looked very much like a dynamic-
rnionotonic load history, see Figure B.2. As can
bejsefi in this figure there were a number of
small elastic cycles, very early in the time -

history, then the one large plastic cycle, during
which the crack initiated, followed by another-

with an alternative simulated seismic forcing
function. The alternative seismic history would
be designed such that there were more plastic
cycles prior to crack initiation. This appendix
describes the design of this alternative seismic
history as well as presents the results and the
analysis of this experiment.

B.1 DESIGN OF ALTERNATIVE
SIMULATED SEISMIC FORCING
FUNCTION

B.1.1 Background

Design of the forcing function used in the
IPIRG-2 experiments was a well-considered
process (Ref. B.1) using the following design
criteria:

* Used accepted nuclear plant seismic design
procedures

* Met various seismic regulatory guideline
performance criteria

* Met TAG desires for percentage of inertial
loading and stress ratio

* Seemed rational when compared with other
seismic "floor" excitations

* Fit within the loading capabilities of the
IPIRG pipe loop test system

* Was suitable for all of the IPIRG-2
simulated seismic experiments.

series of elastic cycles. -Although the IPIRG-2 forcing function met all
- - ' - of the design criteria, it did have the one

Asaresult,itwasthoughtthattheeffectsof - previously mentioned deficiency that was not
cyclic loading due to a seismic loading event--------- * *-recognized until after all the experiments had
may not have been properly evaluated in these been completed: the forcing function was not
experiments. As such, it was decided to conduct very challenging in terms of cyclic damage
a third surface-cracked simulated seismic pipe- effects.
system experiment as part of the BINP program
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Figure B.2 Moment-rotation response for IPIRG-2 simulated seismic forcing function
for stainless steel base metal experiment (Experiment 1-1)

Task 2 of the Battelle Integrity of Nuclear
Piping (BINP) Program provided an opportunity
to revisit the issue of the effects of cyclic,
variable-amplitude, multi-frequency loading on
the behavior of cracked pipe. Thus, in light of
the understanding of cyclic and dynamic damage
mechanisms that eventually existed at the end of
the IPIRG-2 program, the BINP TAG members
decided to conduct another simulated-seismic
loading test in the IPIRG pipe-loop facility with

a seismic forcing function that would be more
challenging to the crack.
B.1.2 Design Issues for the BINP Seismic
Forcing Function

The design of a seismic forcing function
involves two distinct elements: 1) the selection
of the loading and, 2) the analysis of the effect
of the seismic loading on the cracked pipe.
Because cracked pipe behavior is nonlinear, the
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analysis must be done in the time domain to
capture all of the load history effects and this, in
turn, requires that the loading be defined in
terms of a time history. Thus, the objective for
the design of the BINP simulated-seismic
forcing function was to find a "seismically
inspired" time history of the pipe-loop system
actuator motion that was potentially more
damaging to a cracked pipe than the IPIRG72
seismic time history. --

Within this rather broad prescription for the
design process, there are three basic'issues that
need to be considered:

1. The approach used to design the loading,
2. Material response issues, and
3. The implementation of the material response

in the nonlinear analysis.

Each of these issues played a significant role in
coming up with the final design for the BINP
seismic forcing function and thus, deserves to be
docurnented.

B.1.2.1 Design Approaches - There are a
number of different approaches that can be used
to design a seismic time history. Among the
approaches, three good candidates are:

1. Use traditional seismic design procedures;"''
ground motion developed from design-
response spectra - time history applied to a
building -'building motion applied to the
pipe,

2. Design a "bounding" time history of
excitation, and

3. Synthesize a time history from a floor
response spectrum.

Consideration was given to using all three of
these approaches in this effort before the third
method was selected.

The first approach was the one that was used to
design the IPIRG-2 seismic forcing function. In
this approach, five basic steps were followed:

1. The NRC Regulatory Guide 1.60 ground
acceleration response spectrum provided the
basic description of the seismic input.

2. An artificial time-history of ground
acceleration was generated that was
spectrum-consistent with Step 1.

3. A simple model of a pressurized water
reactor (PWR) plant was used as a transfer
function between the time-history ground
acceleration and an assumed location for
the pipe system.

4. The relative motion between two "floors" in
the PWR model and the inertial loading
represented the loading to be applied to the
pipe system.

5. The time-history of actuator motion for the
pipe loop was defined by finding a
displacement-time history that would give
the same moment-time response at the crack
location as the multi-point excitation defined
in Step.4.

- . . ; F: . .

I . .I
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Figure B3 Traditional seismic design process

Figure B.3 shows a pictorial representation of
this seismic design process. This approach is
not particularly difficult, but is quite tedious
because many synthetic time histories must be
considered. First, time histories must be
qualified in terms of passing the seismic design
rule prescriptions, and secondly, they must meet
the BINP experiment requirements.

The second approach to designing a seismic time
history was to use a "bounding" case type of
loading. Based on the data available at the close
of the IPIRG-2 program from C(T) specimen
testing and the IPIRG pipe-system experiments,
a worst case cyclic damage seismic time history
was hypothesized to be as follows: single
frequency excitation near the natural frequency
of the pipe system, rise time of 3 to 5 seconds
with increasing amplitude, strong motion
duration of 4 to 15 seconds, and loading that
makes the stress ratio less than -0.3 (i.e.,
significant compressive stresses at the crack

location). Figure B.4 shows a conceptual idea of
the "bounding case" forcing function. Assuming
a 4 Hi natural frequency for a pipe system, 12 to
20 cycles of loading would occur in the build-up
phase of the time history with 16 to 60
additional cycles that would continue to grow
the crack after it has initiated. Such a time
history would definitely invoke both cyclic and
dynamic effects.

A third possible approach for designing the
BINP seismic time history is to synthesize a
time history from a floor response spectrum, see
Figure B.5. This approach involves many of the
same basic ideas as the first approach, but it is
not quite as involved, given a target floor
response. Unlike the second approach, this
method has a solid foundation in seismic
analysis techniques. It is, however, like the first
approach, a trial and error process to find the
right solution for the BINP program.
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All three approaches for designing the BINP
seismic time history were considered. The The pipe d6sigiiated as Ag can have one of two
second method, the "bounding case" method, - different chemistries as documented in
was very quickly dropped because it did not - Reference B.3. Although both meet the TP304
have enough of a seismic flavor. The first specifications, eventually it was discovered in
method, the IPIRG-2 design approach, was the IPIRG-2 program that the two different
initially thought to be the best alternative since it" chemistries have very different fracture
already had good technical credentials. toughness levels, and different susceptibility to
Unfortunately, the non-deterministic nature of dynamic and cyclic loading effects, Figures B.6
the design process was judged to be a serious and B.7. Not recognizing that all pipes
impediment. Regarding the last alternative, the' delivered from the same lot and initially labeled
floor response spectrum-based design, an ' as DP2-A8 are different can, in fact, disguise the
IPIRG-2 Round Robin (Ref. B.2) conveniently :, role of cyclic and dynamic effects in pipe
was conducted on this very subject and thus, fracture experiments. Thus, it was important for
there was already a good body of basic data the design of the BINP seismic forcing function
available for guiding the BINP seismic design.' to know which heat of TP304, A8i or A8ii, was
Because the round-robin results greatly going to be used in the experiment.
simplified the design proc'ess, and because of the '` '
direct tie to the IPIRG-2 seismic forcing A second material property issue that impacts
function, the floor-response spectrum analysis the design of the BINP seismic forcing function
approach was selected for the BINP seismic - is the choice/selection of what kind of J-
forcing function design. - resistance curve to use: dynamic or quasi-static

B.1.2.2 Material Property Issues -The test
specimen to be used in the BINP simulated-
seismic experiment was a nominal 16-inch '
diameter Schedule 100 TP304 stainless steel '
pipe, denoted as DP2-A8 in the Battelle material
property library. This pipe has been used for a
large number of the Degraded Piping Program
and IPIRG experiments, and has been very well
characterized in terms of stress-strain behavior
and fracture toughness. Issues involved in the _
use of the TP304 base metal for the BINP test
that have an impact on the seismic forcing
function design include, which heat of TP304 is
to be used in the experiment (high or low sulfur
content) and which J-resistance behavior (quasi-
static, dynamic, cyclic, monotonic) is most
appropriate. -.-.-

loading rates, at what stress ratio, and what
cyclic plastic displacement. Clearly, the
selection is based on the results of the pipe
system stress analysis, which in turn is based on
the selection of the J-resistance curve, i.e., it is a
circular proposition.

The decision about A8i and A8ii was easily
resolved by a chemical analysis, i.e., the BINP
test specimen was from heat A8ii (the higher
sulfur content, lower toughness heat). Likewise,
the decision about whether to use dynamic or
quasi-static data was quite easy, because the
loading is dynamic. The appropriate stress ratio
and cyclic plastic displacement increment to use
was an iterative process driven by the dynamics
and scaling of the forcing function.

�!-, I - -
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B.1.23 ANSYS Implementation Issues - In all
of the design exercises for the EPIRG pipe-
system experiments, dynamic, nonlinear spring,
time-history finite element analysis have been
successfully used with analysis tools that have
evolved to a fairly sophisticated level, Ref. B.4.
In these previous analyses, the best available
data have been used to define the crack
nonlinear response - quasi-static pipe tests at
first, moving to J-estimation scheme analyses
with quasi-static J-R curves and stress-strain
data, and finally ending with J-estimation
scheme analyses with dynamic J-R curves.

The nonlinear crack behavior in the finite
element analyses has been characterized as crack
moment versus crack rotation and, for surface
cracks, has been implemented as a set of three
elastic-perfectly plastic springs in parallel, see
Figure B.8. Implicit with the nonlinear spring
formulation is the assumption of kinematic
hardening, i.e., yielding in the compressive
direction occurs at 2ay below a plastic unloading
point, Figure B.9. This is equivalent to saying
that the compressive moment-rotation response

is the mirror image of the tension moment-
rotation response. Furthermore, because the
nonlinear behavior of the crack is modeled only
as moment-rotation, effects such as axial
loading, which affects the state of stress at the
crack tip, must be "built into" the moment-
rotation curve. That is, a crack with pressure
and moment loading will have an apparently
lower moment-rotation resistance than a crack
with moment only loading, Figure B.1O.

Historically, all of the analyses for the IPIRG-1
and IPIRG-2 programs have been conducted
with moment-rotation curves developed for
moment plus pressure loading. Intuitively, this
would seem to be the correct thing to do and, for
cases where the unloading is limited, i.e., most
of the IPIRG single frequency loading
experiments, it is quite reasonable. However,
for cases where significant reverse loading is
expected, i.e., seismic loading, compressive
yielding will occur far too early if a pressure-
corrected moment rotation curve is used.

Sprk*-Oders
for Purace

crack

Figure B.8 Spring-slider model for a surface crack
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Figure B.9 Kinematic hardening assumption under unloading conditions
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Figure B.11 Crack unloading behavior

Basically, because the pressure-corrected
moment-rotation curve is the mirror image of the
tensile moment-rotation curve, it is as if the
stress at the crack tip, caused by pressure,
changes sign when the crack is unloaded, a
totally inappropriate response. The crack should
unload elastically much further before it yields
in compression, Figure B.11. This is quite
important for the design of a seismic forcing
function because it is the unloading that
determines the stress ratio and hence, the
amount of cyclic degradation that will occur.
Like the fact that the IPIRG-2 seismic loading
was not very challenging, this crack modeling
deficiency was not recognized until the close of
the IPIRG-2 program. Overcoming this
deficiency in the unloading behavior of the
nonlinear spring model requires that a slightly
different approach be used to model the
nonlinear behavior of cracks.

Any new modeling approach for surface cracks
loaded with pressure and bending to better
define the compressive loading behavior needs
to include the following:

* Tensile loading failure based on pressure
plus bending,

* Consistency with kinematic hardening rules,
i.e., 2ay yielding behavior, and

* Compressive loading to account for the
pressure effect.

Taken as a whole, these conditions imply that
the moment-rotation response of the crack must
be asymmetric, i.e., compression is not a mirror
image of tension. The last two conditions imply
that compressive yielding in moment-rotation
coordinates must occur at twice the tensile yield
moment (including the pressure effect) plus
twice the pressure-induced moment effect.
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Figure B. 11 provides a pictorial representation
of the desired behavior.

Implementation of asymmetry in the moment-
rotation response in the finite element model
would, in general, require a special constitutive
model or a special element that ANSYS does not
have in its standard element library. The desired
response, however, can be achieved with the-
current elements as follows:

1. Define the expected tensile crack moment-
rotation behavior using a J-estimation
scheme analysis that includes pressure,

2. Define the pressure contribution to the
tensile failure by running a J-estimation - -

scheme analysis identical to the first one, but
without pressure,

3. Use the data from the second analysis to
define the "springs" and "sliders" for thei
nonlinear crack model, -

4. Apply + and - crack opening moments at the,. -
two nodes of the spring-sliders equal to the
moment difference between the results from
Step 1 and Step 2, and

5. Conduct the analysis as usual.

The net effect of this process is to make the
crack moment-rotation response appear
asymmetric as far as tensile and compressive,
yielding of the crack is concerned. However, as
far as the pipe system is concerned, everything is
as it should be:

* The stresses in the pipe will be calculated
correctly because the moments applied in
Step 4 sum to zero.

* The incremental tensile moment that the
crack can stand will be correct because the
moments applied in Step 4 make up the
difference between the moments the spring
sliders in the model will permit and the real
failure moment calculated in Step 1.

Validation Analyses - To provide some level of
comfort that the new surface crack modeling
approach is rational, an analysis of IPIRG-2
Experiment 1-I was conducted to see how well
the analysis compares with an experiment.
(Experiment 1-1 is the "companion" IPIRG-2
seismic loading experiment to the present BINP
experiment.) Figures B.12 and B.13 show the
measured pipe response from the experiment up
to surface-crack penetration.

IPIRG-2 Experiment 1-1 used Battelle pipe
DP2-A8i. (Note: this is not the same material as
used in the BINP experiment.) Available J-
resistance curve data for DP2-A8i include quasi-
static data (A8i-12a: monotonic, A8i-13: R = -
0.3, A8i-14: R = -1.0), and dynamic data (A8i-
9a: monotonic, A8i-22 and A8i-23: R = -0.3,
A8i-24: R = -1.0). Stress-strain data at a variety

-of testing rates are also available, although no
significant rate dependence has been observed
for either DP2-A8i or DP2-A8ii. Obviously, the
dynamic J-R data are most appropriate for this
analysis.

Bill
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Figure B.12 IPIRG-2 Experiment 1-1 cracked-section moment-rotation response
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Figure B.13 IPIRG-2 Experiment 1-1 cracked-section moment-time history

B-12

I



800

700 -

600-

500 -

IR=-0.31

100 -I

0 0.01 0.02 0.03 0.04

Rotation, radians

Figure B.14 IPIRG-2 Experiment 1-1 predicted cracked-section upper envelop moment-rotation
from the SC.TNP1 J-estimation scheme
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Figure B.16 Predicted IPIRG-2 Experiment 1-1 moment-time history with the dynamic
R = -0.3 J-R curve with the new asymmetric moment-rotation model
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Figure B.17 Predicted IPIRG-2 Experiment 1-1 moment-rotation history with the dynamic
R = -1.0 J-R curve with the new asymmetric moment-rotation model
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Figure B.20 Old (1993) IPIRG-2 Experiment 1-1 pretest design analysis moment-time results

The result of any analysis is driven by the
selection of the moment-rotation response. This,
in turn, is a function of the J-R curve, which is a
function of the stress ratio and plastic
displacement increments. In general, the stress
ratio and plastic increments are not known until
an analysis has been completed. In this case,
however, because the results of the experiment
are available, the "best" J-R curve can be
immediately selected. Inspection of the
experimental results of Experiment 1-1 suggests
that the effective stress ratio (a function of the
actual stress ratio and plastic increments) varies
between R = -0.3 and R = -0.6. To bound the
expected behavior, analyses were conducted
using moment-rotation curves developed from J-
R curves for R = -0.3 and R = -1.0.

The predicted moment-rotation behavior for the
IPIRG-2 Experiment 1-1, generated using the
SC.TNP1 analysis in NRCPIPES Version 3.0, is
shown in Figure B. 14.

Using the design seismic forcing function (there
is virtually no difference between the designed

function and the experimentally measured
actuator response), ANSYS nonlinear-spring
analyses were conducted to the point of
maximum load, i.e., presumed surface-crack
penetration, using the new compressive
unloading behavior model. Figures B.15
through B.18 show the results of the "bounding"
analyses. For reference, Figures B.19 and B.20
show the results of the IPIRG-2 Experiment 1-1
pretest analysis that used the mirror image of the
bending plus tension moment-rotation response
in the compressive regime.

For these curves, the equivalent crack length
(measured crack area divided by the measured
maximum crack depth) was used. There are
significant differences between these curves
because at R = -0.3, there is very little
degradation from the monotonic case, whereas at
R = -1.0, the J-R curve, and hence moment-
rotation is significantly affected.

Comparing Figures B.12, B.15, B.17, and B.19,
qualitatively, the new analyses are much closer
to the experiment than the "old" analysis in two
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regards: 1) the new analyses do not show the
severe crack closures that the old analysis did,
and 2) the new analyses show evidence of the
large monotonic load cycle that the old analysis
did not predict. Quantitatively, the new analyses--
bracket the experimentally observed failure
moment, whereas the old analysis is low,
although there is a good reason for this - the old
analysis was a pretest prediction that used the '
best pretest estimate of the flaw size, whereas
the new analyses used the measured flaw size.
Quantitatively, it is also important to note that
the rotations in the new analyses are very much
larger than the experimentally observed
rotations. This is a J-estimation scheme problem
- the ANSYS nonlinear spring analysis is only
as good as the input from the J-estimation
scheme. As a final observation, in the
experiment, surface-crack penetration occurred
long after maximum moment.

design was based on the results of IPIRG-2
' Round-Robin Problem C.1, "Spectrum-

Compatible Time-Histories". In this round
robin, the participants were given a peak-
-broadened IP1RG-2 SSE actuator acceleration
response spectrum at 2-percent damping, Figure
B.21, and were asked to provide a spectrum-
compatible displacement-time history of
actuator motion. The resulting motion was then
applied to a linear elastic finite element model of

- A: the IPIRG pipe loop by Battelle to see the effect
of different "equivalent" time histories on
applied crack bending moment.

Four solutions to the round-robin problem were
submitted and all solutions were based on the
same methodology: acceleration was assumed to
be the sum of a number of sine functions with
variable amplitudes and random phase angles,
sine amplitudes were fixed using an iterative
process, "raw" accelerations were somehow

Within the bounds of the ANSYS nonlinear ' filtered to meet target maximum displacement
spring.analysis, this just cannot be predicted - prescriptions.
because surface-crack penetration is defined to
happen at maximum moment. From an The key feature of this round-robin problem that
experi mental perspective, what this implies is - led it to be considered for the design of the
that there was either cyclic or fatigue damage BINP seismic forcing function was that two of
that contributed to the eventual failure. the submitted solutions, F-3a and D, show a nice

build-up of moment at the early part of the
In general, the new analysis appears to be an -- -solutions for linear analysis, Figures B.22 and
improvement upon the previous method. The ---- B.23. Figures B.24 and B.25 show the
crack closures that are a part of the old technique corresponding actuator time histories from
would profoundly bias a seismic design analysis Solutions F-3a and D at an SSE scaled level.
because it would suggest that the stress ratio was Given the two candidate time histories of
much more negative than it really is. Since actuator motion, the BINP seismic forcing
stress ratio is one of the principal governing - function design process reduced to finding the
factors in cyclic damage, it is' important to best scaling and "tuning" factors for one of the
calculate it correctly. The new analysis ' ' histories so that it would meet the BINP seismic
technique, although not perfect, is'a distinct forcing function design' goals. As suggested
improvement over the old technique and should earlier, the scaling and tuning process is
lead to a better design for the BINP simulated-- iterative, involving a significant number' of
seismic experiment. - - - - nonlinear analyses. The guiding principles for

the design were a desire to have significant
B.1.3 Design Details for the Simulated- cyclic degradation (stress ratio at or below R=-
Seismic Forcing Function , 0.3, see Figure B.25), a desire to have gradual

'build-up of stress amplitude with about 10
B.1.3.1 Design Process - The BINP seismic '. .7 - .''.-.'platic displacefmienit (rotation) cycles, and a
forcing function design process, as noted earlir, ' -' desire to hadve failure occur in the range of 5 to
was based on developing a time history from a ' 10 seconds.
floor-response spectrum. In particular, the
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Figure B.22 IPIRG-2 Round-Robin Problem C.1 predicted linear
moment response from Solution F-3a
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Figure B.23 IPIRG-2 Round-Robin Problem C.1 predicted linear
moment response from Solution D

20

15

C-

.E

C
2

0

10

-5

0

-5

-10

.; I, . f. ... ;:~ I.II . I.

. It -: .,

I I I _ I I I I I _-

Id I I I Ii I . .; 1 '''

1V.VI 1101111u11 II MI. �111lp
w

-I- 1I YI I II III iiiI

ilo U U" wI I'' III �WI'�1I ____________________�!V!..I! 2.iLJ4lLI ' __________________

-15

-20
0 5 10 15 20 25

Time, seconds

Figure B.24 IPIRG-2 Round-Robin Problem C1 Solution F-3a actuator
displacement forcing function

B-19



.a

20

1 5

10

E

5

I

a

5

0

.5

- L . I

A I I

a k
W

I-10

-15

-20
0 5 10 15 20 25

Time, seconds

Figure B.25 IPIRG-2 Round-Robin Problem C.1 Solution D actuator
displacement forcing function

The predicted pipe-system response is a function
of the moment-rotation curve used in the
analysis. It is expected that the BINP Task 2
crack will behave according to the response
dictated by the dynamic, R = -0.3 J-resistance
curve. In the extreme, however, the behavior
might be as good as if the pipe had quasi-static,
R = -0.3 J-resistance properties. Figure B.26
shows the expected extremes in moment-rotation
behavior for the experiment calculated using the
SC.TNP1 analysis in NRCPIPES Version 3.0
using the A8ii-15 (dynamic, R = -0.3) and AMii-
21 (quasi-static, R = -0.3) J-R curves. [Note: the

cyclic J-R curves had a ratio of cyclic plastic
displacement to monotonic plastic displacement
at crack initiation of 0.1. That is, 10 plastic
displacement cycles were required before crack
initiation.] For reference, the dynamic
monotonic behavior is also shown. To be
certain that the chosen forcing function will be
able to fail the pipe in a single loading, it was
decided that it would be good if the selected
forcing function was able to fail cracks with
either dynamic or quasi-static, R = -0.3 J-R
curve behavior.
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Figure B.26 BINP Task 2 predicted cracked-section upper envelop
moment-rotation from the SC.TNP1 J-estimation scheme

B.1.3.2 Selection and Scaling - Initially it was - 2. Scaling the amplitude of the-SSE level
felt that the F-3a solution was the most forcing function up so that maximum
promising. However, subsequently it was -- - moment is achieved, and
discovered that nonlinear behavior at 4 SSE, at 3. Modifying one of the displacement peaks in
least with dynamic monotonic crack behavior, the original forcing function to get a better
substantially modifies the Solution F-3a - - amplitude build up.
response. Fundamentally, the nonlinear crack
acts like damping, phase shifting the system ' - - This process is an iterative one involving a
response. Initial analysis with Solution D using - - significant number of nonlinear pipe-system
dynamic monotonic crack behavior at 4 SSE ' -- analyses. 'The new surface-crack analysis
looked very promising, so a process of scaling methodology (asymmetric tension and
and "tuning" the Solution D forcing function compression), as described in Section B.1.2.3, is
was undertaken. necessary for these analyses.

Scaling and "tuning" of the Solution D forcing
function to eventually settle on the BINP forcing
function involved three inter-related processes:

1. Changing of the initial static actuator offset
to decrease the stress ratio,

Figures B.27 through B.30 show the final results
of analyses with the scaled and "tuned" Round-
Robin Solution D forcing function with the
BINP Task 2 bounding case crack moment-
rotation curves. Figure B.31 shows the forcing
function used to generate these results. For
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either moment-rotation response assumption, the
forcing function meets all of the BIN? seismic
forcing function design goals:

* Significant cyclic damage potential (the
stress ratio (R) is between - 0.3 and - 1.0),

* 5 to 10 plastic cycles (there are 7 or 9), and
* Reasonable time to failure (it is 6.775 or

9.770 seconds).

The scaling and "tuning" amounted to scaling
the basic Round-Robin Solution D up by a factor
of 3, limiting the amplitude of the large actuator
displacement at time 4.790 seconds to 8.89 mm
(0.35 inch) [it was 15.01 mm (0.591 inch)], and
offsetting the actuator by -12.7 mm (0.5 inch) at
the start of the test. The scaling up is necessary

to get a failure. (In the light of the IPIRG
simulated-seismic test results from the SSE
loading, it would be very surprising if SSE
loading would cause a failure). Reducing the
large amplitude has no dramatic effect on the
response spectrum of the actuator motion, but it
improves the cyclic moment build up.
Offsetting the actuator reduces the initial
bending moment caused by thermal expansion
and makes the stress ratio more negative.
Relating this actuator offset to real plant
operations, it merely means that the expansion
loop is more effective in controlling thermal
expansion stresses.

Figure B.27 Predicted BLNP Task 2 cracked-section moment-rotation behavior
using the dynamic R = -0.3 J-R curve
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R = -03 J-R curve
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Figure B.31 The BINP simulated-seismic forcing function actuator displacement
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B.1.4 Conclusions from Seismic Design'
Analysis

In terms of its character, the BIN? seismic
forcing function is similar to the IPIRG-2
seismic forcing function. Scaled to 3 SSE and
respecting the fact that there is a -12.7 mm (0.5
inch) initial offset in the BINP forcing function,;
it is very difficult to tell the two functions apart,;-
Figures B.31 and B.32. At the 3 SSE level, the
IPIRG-2 seismic forcing function has a-
maximum displacement amplitude of 40.59 mmr-
(1.6 inches) while the BINP forcing function has
a maximum displacement amplitude of 45.03 - -
mm (1.77 inches). Both forcing functions have
the same "floor response" spectrum at the SSE
level loading and 2-percent damping. Thus, at
least superficially, they should have the same
nominal potential for crack-driving force.
Nonlinear analysis suggests otherwise.

As documented in this appendix, the BINP
seismic forcing function was expected to have a
significantly different effect on the cracked pipe
than the IPIRG-2 seismic forcing function. By
design, it had a much more negative stress ratio
and thus, it should have induced more cyclic'
damage. Fortuitously, the BINP Task 2 test '
specimen used pipe DP2-A8ii, a heat of TP304
that has significantly more susceptibility to
dynamic and cyclic effects than other heats
tested in the IPIRG-2 program. The BINP Task
2 seismic loading, as it has been designed,
should bring out these effects so that if the
laboratory property J-resistance data translates
into cracked pipe system fracture resistance
degradation, it should be evident.
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Figure B32 The IPIRG-2 simulated-seismic forcing function actuator displacement at 3 SSE

B.2 RESULTS OF BINP SIMULATED - next. Table B.1 presents the test conditions,
SEISMIC PIPE-SYSTEM EXPERIMENT. ,- e.g., test pressure and temperature and test

specimen and crack dimensions, for this
The key results from the BINP simulated experiment. Also included in Table B.I is the
seismic pipe-system experiment are presented - maximum moment for the experiment. -
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Figure B.33 shows the actual actuator-time
history from the experiment. Comparing the
actual displacement-time history with the design
displacement history in Figure B.31, one can see
that the two forcing functions are very similar
except the actual displacement-time history from
the experiment does not reflect the initial static
offset of -12.7 mm (0.5 inch) that was applied.
The static offset was applied in the experiment,
but the time = zero displacement value from the
experimental record has been set to zero.

Figures B.34 and B.35 show the moment-time
and moment-CMOD (crack-mouth-opening
displacement) response for the experiment. Of
particular note from Figure B.35 is the fact that

there were significantly more plastic cycles in
the early portion of the loading for this
experiment than there were for the IPIRG-2 1-1
experiment, compare Figure B.35 with Figure
B.2. Thus, it appears that the new BINP
simulated seismic forcing function developed as
part of this effort satisfied the basic objective of
this task in that the forcing function resulted in a
more cyclic damaging load history. The stress
ratio, based on moment from Figure B.35, is -1.2
while the stress ratio, based on stress and
accounting for the membrane stress due to the
internal pressure, is -0.73. Consequently, the
new BIN? Task 2 seismic forcing function also
satisfied the objective of creating the proper
conditions for a forcing function with a
significantly negative stress ratio.

Table B.1 Test conditions for BINP Task 2 simulated seismic pipe-system experiment

Mat'l Outside Wail Crack a/t 2c/rnD Test Pipe Max.
Diameter, Thickness, Depth, Temp., Pressure, Moment,
mm (inch) mm (inch) mm C (F) MPa (psi) kN-m (in-

(inch) kips)
TP304 415.3 25.8 (1.016) 13.11 0.508 0.534 288 15.5 590

(16.35) (0.516) (550) (2,250) (5,220).
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Figure B.33 Actuator displacement-time history for BINP Task 2 experiment
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Figure B35 Crack section moment-CMOD response for BINP Task 2 experiment

B.3 ANALYSIS OF RESULTS FROM BINP of surface-cracked pipe-system experimi
PIPE-SYSTEM EXPERIMENT WITH AN'; comparisons with the other companion 1
ALTERNATIVE SEISMIC LOAD' stainless steel surface-cracked pipe-syste
HISTORY experiments conducted as part of the twc

,nts.,

T'304

d PIRG

To ascertain the impact of this alternative
seismic forcing function on the fracture behavior '

programs had to be made. The two companion
stainless steel base metal pipe-system
experiments were Experiment 1.3-3 from the
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IPIRG-I program and Experiment 1-1 from the
IPIRG-2 program. The forcing function for
Experiment 1.3-3 was a single frequency
excitation superimposed over top an increasing
displacement ramp, see Figure B.36. The
forcing function for Experiment 1-1 was the
IPIRG simulated seismic forcing function as
shown in Figure B.1.

Table B.2 summaries the test conditions for the
BINP Task 2 experiment as well as the two
companion stainless steel pipe-system
experiments. The test specimens for
Experiments 1.3-3 from IPIRG-1 and the BINP
Task 2 experiment were fabricated from the

higher sulfur content heat of A8 (ASii) while the
test specimen for Experiment 1-1 from IPIRG-2
was fabricated from the lower sulfur content
heat of AS (Agi). The test conditions for each of
the experiments were comparable (same test
temperature [288 C (550F)], same test pressure
[15.5 MPa (2,250 psi)], and nominally the same
flaw size [50 percent of the pipe circumference
in length and 66 percent of the pipe wall
thickness in depth]). The major discriminator
between the three experiments being the forcing
function.

Table B.2 Test conditions for three stainless steel pipe-system experiments

Expt. Mat'l OD, Wall Pressure, Test a/t 2chtD Max.
Number Heat mm thickness, MPa (psi) Temp., Moment,

(inch) mm (inch) C (F) kN-m
._ _ _ __ _ _ _ _ _ __ _ _ _ _ _ _ _ _ (in-kips)

BINP2 A8ii 4153 25.8 15.5 288 0.508 0.534 590
(high S) (16.35) (1.016) (2,250) (550) (5,220)

1.3-3 A8ii 415.8 26.2 15.5 288 0.647 0.552 426
(high S) (16.37) (1.031) (2,250) (550) (3,770)

1-1 A8i 417.1 25.5 15.5 288 0.632 0.527 598
(low S) (16.42) (1.005) (2,250) (550) (5,290)

Table B.3 summaries the results from these
experiments by presenting the maximum
moment-carrying capacities in terms of the
fracture ratios, i.e., the maximum stress from the
experiments normalized by the Net-Section-
Collapse (NSC) stress, accounting for the
pressure induced membrane stress, see Equation
B. 1. This normalization process accounts for the
slight differences in the pipe and crack sizes.

Table B.3 Test results from three stainless
steel pipe-system experiments in terms of
fracture ratios

Expt. Number Fracture Ratio
BINP2 0.906

1.3-3 0.936
1-1 1.158

FR = (a. +LCex)
(am + a _ NSC J

(B.1)

where,

FR = Fracture Ratio
a, = membrane stress due to pressure
ab ept = experimental bending stress
abN5c = Net-Section-Collapse predicted bending
stress

In can be seen from Table B.3 that the moment-
carrying capacity of the IPIRG-1 simulated
seismic experiment (Experiment 1-1) is about 25
percent higher than the moment-carrying
capacity of the other two stainless steel surface-
cracked pipe-system experiments. One may
want to immediately believe that this entire 25
percent reduction in moment-carrying capacity
for the BINP Task 2 and the IPIRG-1 single-
frequency experiments is due to cyclic effects
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since the cyclic component of the moment-
CMOD or rotation response is much -more
evident in Figure B.35 for BINP2 and Figure
B.37 for Experiment 1.3-3 than it is for IPIRG-2
Experiment 1-1, see Figure B.2. However, the
difference due to cyclic behavior is only half the
story. As alluded to earlier, the test specimen
for Experiment 1-1 was fabricated from the
lower sulfur content, higher toughness heat of
A8 (A8i) while the test specimens for the other0 ,
two experiments were fabricated from higher

sulfur content, lower toughness heat of A8
(A8ii), see Figure B.38. Sensitivity studies
conducted as part of Reference B.5 showed that

- this difference in toughness may account for
about a 15 percent difference in moment-
carrying capacity. Consequently, the higher

- moment-carrying capacity of IPIRG-1
-]Experiment 1-1 is probably an artifact of both
phenomena.
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Consequently the effect of cyclic loading on the
moment-carrying capacity of these stainless steel
base metal pipe-system experiments may result
in only a 10 to 15 percent reduction. This does
not seem to be that important of an effect,
especially in light of the large factors of safety
applied by such standards as ASMIE Section XI.
However, the experiments conducted and
analyzed so far have been for the case where the
surface cracks were in rather high toughness
stainless steel pipe materials for which limit load
conditions probably prevailed and the effects of
toughness degradation due to cyclic loading may
not be that significant. Consequently, the
question that needs to be answered is what
would be the effect if these experiments and
analyses had been conducted using a lower
toughness ferritic material or a lower toughness
stainless steel flux weld, maybe in a larger
diameter pipe for which limit load is less likely
to occur.

In order to address this question, additional I-
estimation scheme analyses were conducted.
For these additional analyses, the SC.TNP1
method was used since past studies have shown
that this method is the most accurate predictor of

the moment-carrying capacity of surface-
cracked pipe.

Two sets of analyses were conducted. For the
first set, J-estimation scheme analyses were
conducted for a 16-inch diameter, Schedule 100
stainless steel pipe, with a crack in the base
metal 25 percent of the pipe circumference long
and 50 percent of the pipe wall thickness deep.
Two analyses were conducted. For one, the
quasi-static, monotonic J-R curve for Heat A8i
was used. For the other, a J-R curve that had
been uniformly reduced for all values of Aa by a
factor of 2.5 was used. This factor of 2.5 was
chosen in that the J-R curve for A8i for the
monotonic, R = -1 loading condition was only
40 percent of the J-R curve for the quasi-static,
monotonic loading condition, see Figure B.39.
For this stainless steel material, with its
relatively high toughness level, limit-load
conditions most likely exist for this diameter
pipe.

For the second set of J-estimation scheme
analyses a case was chosen for which limit-load
conditions most likely did not exist. For these
analyses, 32-inch diameter main steam line was
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chosen for analysis. In this case, the crack was
in a lowertoughness ferritic weld. Both quasi- -.
static, monotonic J-R curve data and quasi-
static, cyclic (R = -1) J-R curve data were used:
in the SC.TNP1 analyses. The quasi-static data
were obtained from weld material DP2-F29W, a
ferritic pipe weld used in a number of past pipe
experiments. The cyclic J-R curve data were
obtained by multiplying each of the J values in
the quasi-static, monotonic J-R curve file by 0.4.
In this manner, it will be possible to ascertain if
the reduction in moment-carrying capacity is
different for the case where limit-load conditions
exist and for the case where elastic-plastic
fracture governs.

Figure B.40 is a plot of the resultant moment-
-,rotation curves from the SC.TNP1 analyses for

the stainless steel case where limit-load
conditions most likely exists. As can be seen,
the maximum moment for the cyclic case was
about 81 percent of the maximum moment for
the monotonic case. Figure B.41 is a plot of the
resultant moment-rotation curves from the
SC.TNP1 analyses for the larger diameter,
ferritic weld case where EPFM most likely
governs. For this case, the maximum moment
when using the cyclic J-R curve was only about
66 percent of the maximum moment when using
the monotonic J-R curve. Thus, it appears cyclic
loading may be a more important factor to
consider for cases where EPFM governs.
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BINP Task 3 - Determination of Actual Margins in Plant Piping

C. 1 Introduction (Refs. C.2 and C.3) suggested that the differ-
ences between traditional flaw evaluation pro-

Traditional plant piping flaw evaluation proced- cedures and analyses incorporating nonlinear
ures use an uncoupled stress analysis and flaw: crack behavior support elimination of an instant-
evaluation procedure. The stress analysis typic-! - '; taneous double-ended pipe break as the system
ally does not include iny feature to account'for -- - design basis for this particular reactor design.
the degradation at the flawed section, it is tradi-'e' For'the case of a 360-degree internal surface
tionally performed using a linear elastic analysis, flaw 75-percent deep with a 41-percent of the
and it usually is done using a response spectrum, 'circumference leaking through-wall crack in
analysis that provides only peak loads. Tradi- ' 406-mm (16-inch) diameter Schedule 40 TP304
tional flaw evaluation procedures do include stainless steel pipe at 3 SSE seismic loading,
plasticity effects, but they generally assume that, nonlinear analysis indicated that the crack
the peak load obtained from the stress analysis is- remained stable, whereas a traditional LBB flaw
load-controlled, they ignore low-cycle fatigue. evaluation (linear stress analysis and Net-
during the seismic event as a crack extension Section-Collapse fracture analysis) suggested
mechanism, and use quasi-static material proper- that the flaw would fail because the linearly
ties. In fact, real piping and real cracks behave calculated applied moment of 192.6 kN-m
in a nonlinear manner. The presence of the (1,705 in-kips) exceeded the calculated flaw
crack can influence the behavior of the rest of - - capacity of 38.9 kN-m, (344 in-kips) see
the piping, sections remote from the crack canr Figure C.1, by almost a factor of 5. Based on
yield and absorb some of the seismic energy that moment, there was a margin in excess of 5
could grow the crack, seismic loads are never between the traditional LBB analysis and the
sustaiiind, cracks can extend by fatigue even for more realistic nonlinear analysis for the DOE
the few load cycles a crack may experience case.
during a seismic event, and the toughness of the
materials is affected by dynamic and cyclic . Prior to the BINP program, there had been no
loads.' Ience, a traditional flaw evaluation systematic effort to determine whether the mar-
analysis may not accurately reflect the ability of. gins suggested above can be realized in broad
the flaw to sustain seismic loads. classes of real plant piping systems, flaw loca-

Results of analyses and experiments conducted.
in the IPIRG-1 and IPIRG-2 programs provided
a strong indication that flawed plant piping can :
withstand far greater loads without failure than
traditional flaw evaluation methods suggest.
Comparing measured experimental moments
and calculated moments for the IPIRG-1 pipe-
system experiments, the linear-elastic moments
were as much as 40 percent higher than the mea-
sured moments (Ref. C. 1). Thus, the crack
driving force is grossly overestimated. For the-
IPIRG-1 pipe-system experiments, the R6
Revision 3 Option I method under-predicted the
flaw stress capacity by as much as 88 percent
(Ref. C.1). This happened in spite of the fact
that the IPIRG-1 flaws were large and none of
the pipe remote from the crack experienced plas-
ticity. Analyses done for the U.S. Department of
Energy's New Production Reactor program

tions, and loadings. The lack of any significant
failures of nuclear power plant piping, such as
loss-of-coolant accidents, indicates that margins
on piping design and flaw evaluation may be
able to be reduced with a consequent reduction
in operating costs, and without compromising
plant safety. Clearly, flaw nonlinearity,
interaction between the crack and the pipe
system, plasticity remote from the crack, and the
transient nature of seismic loads all could
contribute to margins against piping failure that
traditional analyses cannot capture. Conversely,
low cycle fatigue in a seismic event, which is
generally ignored, may reduce margins. For.
advanced reactor design, more realistic LBB
assessments, plant life extension, and more
accurate flaw evaluation procedures, the actual
margins in plant piping needed to be quantified.
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Figure C.1 New Production Reactor moment-time history from both a linear and nonlinear
analysis: a large margin exists between these two analyses

C.1.1 Historical Perspective

The original BINP proposal from November
1996 offered an analytical approach to conduct-
ing the Actual Margins task. This was to be
accomplished by contrasting the results from tra-
ditional and advanced nonlinear piping stress
analyses on actual plant piping systems sub-
mitted for evaluation to Battelle by the TAG. In
a subsequent July 1998 meeting of parties
interested in participating in the BINP program,
it was decided that it would be better if the
Actual Margins task was conducted experiment-
ally. Accordingly, a revised statement of work
was submitted and accepted wherein two IPIRG
cracked pipe system experiments were to be
conduced: A single frequency excitation experi-
ment with the high-strength IPIRG pipe replaced
by A106 Grade B carbon steel pipe and a second
similar experiment using TP304 stainless pipe.

As the BINP program moved forward, there was
an evolution of technical interests that, even-

tually, led to eliminating one of the Actual
Margins experiments in favor of some other
technical activities. This happened in August
2000. Moving forward with the design of the
remaining Actual Margins experiment, it
became apparent by January 2001 that it was
going to be difficult to conduct a meaningful
experiment The allocated budget was insuffi-
cient to conduct an all stainless steel pipe loop
experiment and it was virtually impossible to
find a carbon steel pipe with a sufficiently low
strength to fulfill the task objective of demon-
strating margin. In light of this, a decision was
made in May 2001 to return to the original con-
cept of doing the Actual Margins task
analytically.

C.2 Task Objective and Approach

The objective of the Actual Margins task was to
make a systematic assessment of the margin
between the load capacity of flawed pipe based
on traditional elastic stress analyses of plant pip-
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ing and the load capacity based on more realisti
nonlinear analyses under seismic loads. The aih
was to provide a rational basis for relaxing plan
piping stress limitations or simplifying the flaw
acceptance criteria in piping design codes.

The work conducted in this task was strictly
analytical in nature, although the procedures
were experimentally validated in IPIRG-I
(Ref. C.1), IPIRG-2 (Ref. C.4), and a program
conducted by Battelle for Argonne National
Laboratory (Ref. C.5). Using these previously,
developed analytical tools, which were supple-
mented by a few analytical refinements devel-
oped during the course of the BlNP program,
linear and nonlinear analyses were conducted fc
two classes of problems:

* The IPIRG pipe loop
* Actual plant piping.

The IPIRG pipe loop analyses addressed the
question of what we might have learned had the
task been done experimentally, while the plant
piping analyses addressed real-world practical
applications.

Within the two classes of problems, IPIRG pipe
loop and plant piping, several different margins
were considered:

* The margin between a linear analysis an'd al
analysis that considers nonlinearity due 6nl:
to a crack in the pipe,

* The margin between a linear analysis and ai
analysis that considers nonlinearity caused
by plasticity remote from the crack, i.e.,
general yielding in the pipe, and

* The margin between a linear analysis and ai
analysis that considers the combined non-
linearity of a crack and remote yielding.

The principal output of these analyses was data
to determine whether or not the margins from
any of the nonlinear analyses are large enough ti
warrant conducting such a relatively sophisti-
cated analysis for flaw evaluation or LBB
applications.

C3 Preliminary Technical Considerations

Prior to considering the Actual Margins prob-
lem, some preliminary technical issues need to
be addressed:

* Validation of the ANSYS piping plasticity
model

* Moment-rotation of cracks during unloading
* Crack orientation issues.

Although these issues are peripheral to the main
focus of the Actual Margins task, they are
important elements that enhance the credibility
of the results or they are technical details that are
required to complete the analyses.

C3.1 ANSYS Nonlinear Validation

In work previously done at Battelle some years
prior to the BINP program,-there was some
evidence that the ANSYS computer program's
pipe elements were too stiff compared with
results from the.ABAQUS computer program
when general plasticity was involved. Because'
two of the calculated margins of interest from
the nonlinear analyses are based on remote
yielding, it is imp6rtant to be sure that the
ANSYS program piping elements accurately
predicts plastic behavior. Accordingly, a closed-
form test problem that would exercise the
ANSYS pipe elements in the plastic regime was
developed. Identical analyses were performed
with ANSYS and ABAQUS and the results
compared.

C3.1.1 Closed-Form Pipe Plasticity Solution

Under the kinematic assumption that plane sec-
tions remain plane, radius of curvature, curva-
ture, and strain in a beam bending problem are
related to each other by:

1 E

y ''
(C.1)
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where p and y are defined in Figure C.2. This
relationship applies independent of the material
of the beam, whether or not the beam yields, and
what type of constitutive model the beam
follows. The stress distribution in the beam is
determined by the constitutive model relation-
ship between strain and stress with the strains
defined by Equation C. 1. The bending moment
needed to attain the radius of curvature is simply
the integral of the stresses across the cross-
section.

y = p(1- cos 2)
2

(C.3)

9. Build a finite element model of the canti-
lever beam

10. Apply the calculated moment to the finite
element model

11. Compare the finite element stresses and
strains at various locations in the cross-
section to the corresponding theoretical
values

12. Compare the theoretical and finite element
end deflections.

For the case of bending plus tension, the proced-
ure is altered slightly:

1. An initial axial strain is assumed, E6
2. The "stretch" of the beam is found from the

definition of axial strain

Al = lo.6 (C.4)
y

Figure C.2 Plasticity validation bend
geometry nomenclature

Using the relationship between curvature and
strain for pure bending, a simple closed-form
solution for checking finite element beam
plasticity formulations can be developed:

1. Pick a cross-sectional shape for the beam
2. Assume a stress-strain constitutive behavior
3. Pick a radius of curvature
4. Calculate the strains throughout the beam

cross-section using Equation C. 1
5. Using the constitutive model, calculate the

stresses in the cross-section
6. Integrate the calculated stresses to find the

theoretical moment
7. Integrate the calculated stresses to find the

axial force
8. Calculate the theoretical end deflection of

the cantilever beam of length as:

3.. The axial strain is added to the bending
strain, the beam elongation is added to the
beam length, and the solution proceeds as
above.

C.3.1.2 Closed-Form Solution Details

Hutchinson's stress-strain relationship
(Ref. C.6), which is represented by the two-
segment curve defined in Equations C.Sa and
C.5b, was used as the constitutive relationship to
generate the closed-form solutions:

a = EE

CT = orM6+ 1-n n
01

=6

6 < •6 (C.5a)

V 6 > 60 (C.5b)

where

6 = strain, in/in
a = stress, psi

E = Young's modulus, psi
a = stress at proportional limit, psi

o = 2ilo
p

(C.2)
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so = strain at proportional limit, in/in

=Eleo
n = dimensionless exponent greater th

Inverting this relationship,

an 1.0

- or, equivalently,

M = C. MP de d2 (C.1 lb)

aE =-
E

Joat(sin6)'

The integrals in Equations C.9 and C.1 1 are not
,C a) amenable to a closed-from solution. Accord-

ingly, Guass quadrature was used to approxi-
mate the integrals. For a single integral,

, £ C Eo

E = co ) +1- I E> EI (C.6b)

With reference to Figure C.3 and under the plane-
sections remain plane during bending assump-
tion, the strain at any point in a pipe cross-
sectinn can he fnund:

ff (y)dy _(b-a )zwif(Y)

i (2 )x +(b+a-

(C.12a)

(C.12b)

y rsinO
E=-_+E, = ~+

P t P

The moment is given by

* where x,, w, are tabulated abscissas and weight

factors that can be found in reference texts on
£, (C.7) numerical methods. For double integrals, as

shown in Equations C.9 and C.11, two success-
ive applications of Equation C. 12 are required.

C3.1.2 Plasticity Validation Results
(C.8)M = fHydA

=21J

or, equiv;

A .The validation analysis was conducted using the
parameters shown in Table C.1. Tables C.2 and

A/ b C.4 list the theoretical values for the pure bend-
/2J a(r, ,p) r2 sinO dr d9 (C.9a) ing and bending plus tension load cases, respec-

tively, and Tables C.3 and C.5 list deviations
from these theoretical values for the various

alently, -finite element analyses. Values for listed strains
-are at theta = 90 degrees at the mid-thickness of

r2 ;r e CT6 P - -the pipe wall.
M =J | s(inO 3 de do (C.9b).

' ~ i The ANSYS finite element model solution con-
sisted of 20 PIPE20 elements fixed at one end

l force is given by - .with a moment applied to the free end. The
moment was varied to produce different curva-

F=JcrdA (C.10)c- tures in the pipe and, accordingly, different
A -- - strains. An axial force was applied to the free

end of the cantilevered pipe followed by various
rY2 b moments to produce the bending with axial load

=2f| f",|.T(rs) r dr di (C.lla) results. Multi-linear isotropic hardening

The axial

-

, *

C-5 .



xi

y

x

Figure C.3 Plasticity validation pipe cross-section nomenclature

Table C.1 Plasticity validation analysis parameters

Constant Value
a 203.2 mm (8.00 inch)
b 172.2 mm (6.781 inch)
E 206.85 GPa (30x106 psi)
CFO 206.85 MPa (30x10 3 psi)

co0.001 mm/mm (inch/inch)
n 7.0
et 0.0006 mm/mm (inch/inch)

lo 508 mm (20 inch)
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Table C.2 Plasticity validation theoretical values for pure bending

Radius of
Curvature, m Moment, kN-m Strain, mnm/mm Stress, MPa Deflection, mm

(in) (in-kips) (infin) (psi) (inch)

177.80 750.835 216.825 0.73
(7000) (6645.731) 0.001056 (31447) -(0.029)

170.18 780.535 223.539 0.76
(6700) (6908.615) . (32420) (0.030)

165.10 800.470 227.706 0.78
(6500) (7085.059) 1 (33025) (0.031)

152.40 850.358 0001232 237.392 0.85
(6000) (7526.621) . * (34430) (0.033)

139.70 900.226 0.001344 246.429 0.92
(5500) (7968.008) 0_.001344 (35740) (0.036)

132.08 930.199 -0001421 251.689 .0.98
(5200) (8233.309) (36503) (0.038)

127.00 950.244 255.165 1.02
(5000) (8410.726) 0.001478 (37007) (0.040)

114.30 1000.768 0001642 263.864 1.13
(4500) (8857.920) (38269) (0.044)

101.60 1052.319 0001848 272.766 1.27
(4000) (9314.210) (39560). (0.050)

88.90 1105.644 002 282.129 1.45
(3500) (9786.189) , . 112 (40918)- (0.057)

76.20 1161.842 0.002464 292.274 1.69 -
(3000) (10283.604) . (42389) (0.067)

63.50 1222.643 303.660 2.03
(2500) (10821.764) 0.956 (44041) (0.080)

I
.:
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Table C.3 Plasticity validation deviation from theoretical values for pure bending

Radius of Strain Error, % Stress, % Displacement, %
Curvature, in ABIQUS ABAQUS ABAOU

(in) ANSYS PIPE31 ELBOW31 ANSYS PIPE31 ELBOW31 ANSYS PIPE31 ELBOW31
177.80 0.74 2.01 1.25 0.56 -0.68 -1.09 0.74 2.01 1.28
(7 0 0 0 ) _ _ _ _ _ _ _ _ _ _ _ __ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

170.18 0.97 2.70 1.84 0.62 -1.07 -1.51 0.97 2.69 1.87
(6 7 0 0 ) _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

165.10 1.10 2.97 2.23 0.64 -1.22 -1.60 1.10 2.97 2.26
(6500)
152.40 0.88 2.91 3.14 0.41 -1.42 -1.33 0.88 2.91 3.17
(6000)

139.70 -0.04 1.71 3.85 -0.01 -1.56 -0.61 -0.04 1.71 3.89(5500) ____

132.08 -0.94 0.89 3.87 -0.34 -1.44 -0.15 -0.94 0.89 3.90
(5200) _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

127.00 -1.66 1.20 3.64 -0.57 -0.90 0.13 -1.66 1.21 3.68
(5000) _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

114.30 -2.30 1.39 2.43 -0.68 0.42 0.84 -2.30 1.39 2.48(4500) _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

101.60 -1.74 0.60 0.78 -0.45 1.65 1.71 -1.74 0.60 0.83
(4 0 0 0 ) _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ __ _ _ _ _ _ _ _ _ _

(838590) 0.43 -1.28 -1.71 0.11 2.77 2.58 0.43 -1.28 -1.66
76.20
(3000) 3.52 4.37 -5.58 0.76 3.74 3.25 3.52 -4.37 -5.52

63.50 7.54 -8.82 -10.98 1.46 4.52 3.68 7.54 -8.82 -10.93
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Table C.4 Plasticity validation theoretical values for tension plus bending

Radius of
Curvature, m Moment, kN-m Tension, N Strain, mm/mm Stress, MPa Deflection, mm

(in) (In-kips) (lb) (In/in) (psi) (inch)
177.80 647.414 3902 264.505 0.73
(7000) (5730.342) (877168) 0.001656 (38362) (0.029)
170.18 669.373 3829 0.001703 266.687 0.76
(6700) (5924.700) (860793) . (38678) (0.030)
165.10 684.982 3776 0.001737 268.190 0.78
(6500) (6062.857) (848775) . (38896) (0.031)
152.40 727.946 3622 0.001832 272.137 0.85
(6000) (6443.136)' (814195) (39469) (0.033)
139.70 777.730 3432 0.001944 276.399 0.92
(5500) (6883.781) (771628) (40087) (0.036)
132.08 -- 811.668- - 7 3297 279.133 .1 0.98
(5200)-t.~ (7184.170): (421 00221(40483) (0.039) '<
127.00, 836.317 3196 27 281.041 - 1.02
(5000) (7402;.346) ;(718537) 0.002078 (40760) I . (0.040)
114.30, 905.097 2904' 286.154 1.13
(4500) (8011.129) (652899) A 0.*242(41502) (0.044)
101.60 978.159 2586' 291.859 1.27
(4000) (8657.807) (581437) 0.00 8 (42329) (0.050)
88.90 1049.926 2276 298.332 1.45
(3500) (9293.023) (511581) 0.002712 (43268) (0.057)
.76.20 1121.281 1972 0.003064 305.830 1.70
(3000) (9924.594) (443418) (44355) 358 (0.067)
63.50 -1194.443 1673 314.764 2.03
(2500) (10572.160) (376048) 0.003556 (45651) (0.080)

, *4
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Table C.5 Plasticity validation deviation from theoretical values for tension plus bending
Radius of Strain Error, % Stress, % Displacements %

Curvature, mn ABAQUS ABAQUS ABA QUS
(in) ANSYS PIPE31 ELBOW31 ANSYS PIPE31 ELBOW31 ANSYS PIPE31 ELBOW31

177.80 0.66 4.70 3.26 0.19 0.77 0.15 0.62 4.39 2.65
(7000)_ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

170.18 0.41 4.51 3.03 0.12 0.99 0.35 0.41 4.14 2.35
(6 7 0 0 ) _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ __ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _

165.10 0.75 4.36 2.88 0.38 1.14 0.50 0.68 3.94 2.14(6500) _ _ _ _ _ _ _ _ _ __ _ _ _ _

152.40 0.91 3.86 2.42 0.24 1.54 0.90 0.81 3.38 1.60(6000) _ _ _ _ _ _ _ _ _ _ _

139.70 0.99 3.19 1.86 0.25 1.98 1.36 0.86 2.70 1.00(5500) _ _ _

132.08 1.46 2.70 1.44 0.36 2.27 1.67 1.25 2.22 0.59
(5200) ______

127.00 1.85 2.32 1.13 0.44 2.47 1.88 1.58 1.89 0.29(5000) ____

114.30 2.04 1.13 0.10 0.46 2.97 2.44 1.74 0.77 -0.60(4500) _ _ _ _ _ __ _ _ _ _ _ _ _ _

101.60 2.32 0.00 -1.43 0.53 3.75 3.08 2.15 0.17 -1.76
(4000) _ _ _ _ _ __ _ _ _ _ _ _ _ _ _ _ _ _ _ _

88.90 2.88 -2.61 -3.84 0.60 4.20 3.65 2.28 -2.55 -3.90

76.20 1.30 -6.94 -7.28 0.26 4.26 4.16 0.06 -7.53 -7.14
63.50 3
(2500) 3.15 -11.83 -12.19 -0.84 4.61 4.39 2.8 -1.89 -12.22
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(ANSYS MISO model) was used to model the
stress-strain behavior using 86 points to define
the curve. Default convergence criteria were
used. The analyses were conducted with
ANSYS/ED 5.7 running on a desktop PC.

The ABAQUS solution used PIPE31 or
ELB OW31 elements. Again, 20 elements were
used along the length of a cantilever beam. The
same 86 points were used to define the stress-
strain curve, and default convergence criteria
were used. ABAQUS 5.8 running on a Sun
UltraSparc was used to generate the solutions.

yielding. Because the nonlinear crack will
usually follow some sort of standard plasticity
hardening rule and these rules are generally
symmetric in their behavior, crack models based

'bn elements that use these hardening rules may
not unload correctly after yielding unless special
precautions are taken.

An approach to crack unloading, developed
during the BINP program is presented in the
following discussion. Although the work as
presented is focused on circumferential surface
cracks, extension to the case of circumferential
through-wall and axial cracks is not difficult.

All of the models used in the plasticity evalua-
tion are listed in section C.6.1.

. . .

.

C.3.1.3 Plasticity Validation Summary

The results of the analyses show that both
ANSYS and ABAQUS give results in reason-
ably good agreement with the theoretical solu-
tions. General observations, based on the cases
considered include: 1) the finite element solu-
tions are within about 10 percent of the theoret-
ical solutions, 2) both programs have some solu-
tions that are above and some solutions that are
below the theoretical values, depending on the
load level, 3) higher loads tend to have greater
absolute errors, 4) the ANSYS solution for
combined tension and bending is better than the
pure bending solution while the opposite is tru6es-,-
for the ABAQUS solutions, and 5) the largest
absolute errors occur with ABAQUS ELBOW31
elements.

In term's of the Actual Margins task, the results ;
of this study indicate that the ANSYS pipe plas- ;
ticity model is perfectly acceptable for the
analyses that consider plasticity remote from the

C3.2.1 Moment-Rotation General
Considerations

Nonlinear crack behavior of a circumferential
crack in a finite element analyses'can be charac-
terized as crack moment versus crack rotation
and can be implemented as a set of three elastic-
perfectly plastic springs in series, see Fig-
ure C.4. Implicit with the elastic-plastic spring
formulation is the assumption of kinematic hard-
ening, i.e., yielding in the compressive direction
occurs at 2ay below a plastic unloading point,
Figure C.5. This is equivalent to saying that the
compressive moment-rotation response is the
mirror image of the tension moment-rotation
response. Furthermore, because the nonlinear
behavior of the crack is modeled only as
moment-rotation, effects such as axial loading,
which affects the state of stress at the crack tip,
must be "built into" the moment-rotation curve.
That is, a crack with pressure and moment
loading will have an apparently lower moment-

Xrotation resistance than a crack with moment
only loading, Figure C.6.

crack. For cases where crack loading is always tensile
and reverse yielding never occurs, a kinematic

C3.2 Moment-Rotation Behavior of Cracks ---- hardening model using the pressure-corrected
During Unloading f-. case is perfectly suitable. However, if signifi-

cant reverse loading is expected, i.e., seismic
The behavior of a crack undergoing unloading - -loading, compressive yielding will occur far too
needs to be carefully considered in a nonlinear early if a pressure-corrected moment rotation
finite element analysis Crack behavior is curve is used as the-basis of the crack model.
inherently asymmetric-pressure reduces the Basically, because the pressure-corrected
moment carrying capacity during loading, but it moment-rotation curve is the mirror image of the
certainly does not promote compressive tensile moment-rotation curve, it is as if the

*C-11
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Figure C.4 Spring-slider model for a surface crack (or a through-wall crack)

Figure CS Kinematic hardening assumption under unloading conditions
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Figure C.6 The effect of pressure on crack moment-rotation behavior
(BINP Task 2 flaw, A8il-20 dynamic monotonic J-resistance)

stress at the crack tip caused by pressure
changes sign when the crack is unloaded: A
totally inappropriate response. The crack should
unload elastically much further before it yields
in compression, Figure C.7. This is quite
important for an LBB analysis or a flaw evalua:
tion analysis where one is trying to find margifi,
because it is the unloading and subsequent com.rn
pressive yielding that takes energy away from
driving the crack.

C.3.2.2 Model for Crack Unloading

, . ,

Taken as a whole, these conditions imply that
the moment-rotation response of the crack must
be asymmetric, i.e.-, compression is not a mirror
image of tension. The last two conditions imply
that compressive yielding in moment-rotation
coordinates must occur at twice the tensile yield
moment (including the pressure effect) plus
twice the pressure-induced moment effect.
Figure C.7 provides a pictorial representation of
the desired behavior.

Any new modeling approach for circumferential
cracks loaded with pressure aiid bending to
better define the compressive loading behavior'.'
needs to include the following:..

* Tensile loading failure based on pressure
plus bending,

* Consistency with kinematic hardening rules,
i.e., 2ay yielding behavior, and

* Compressive loading must account for the.
pressure effect.

Implementation of asymmetry in the moment-
rotation response in the finite element model
would, in general, require a special constitutive
model or a special element that'is not likely in a
standard finite element libraryz.'The desired
response, however, can' be achieved with kine-
matic hardening elements as follows:

1. Define the expected tensile crack moment-
rotation behavior using a J-estimation
scheme analysis that includes pressure,

C-13..
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Figure C.7 Crack unloading behavior

2. Define the pressure contribution to the
tensile failure by running a J-estimation
scheme analysis identical to the first one but
without pressure,

3. Use the data from the second analysis to
define the "springs" and "sliders" for the
nonlinear crack model,

4. Apply + and - crack opening moments at the
two nodes of the spring-sliders equal to the
moment difference between the results from
Step I and Step 2, and

5. Conduct the analysis as usual.

The net effect of this process is to make the
crack moment-rotation response appear asym-
metric as far as tensile and compressive yielding
of the crack is concerned. However, as far as
the pipe system is concerned the correct crack
response is modeled:

* The stresses in the pipe will be calculated
correctly because the moments applied in
Step 4 sum to zero.

* The incremental tensile moment that the
crack can stand will be correct because the

moments applied in Step 4 make up the dif-
ference between the moments the spring
sliders in the model will permit and the real
failure moment calculated in Step 1.

One does have to be careful about recovering
and reporting moments at the crack because the
apparent moment in the spring sliders will be too
large by the offset moment.

C.3.2.3 Crack Unloading Model Validation

To provide some level of comfort that the pro-
posed crack unloading model is rational, an
analysis of the IPIRG-2 Experiment 1-1
(Ref. C.4) surface crack experiment was con-
ducted to see how well the analysis compares
with an experiment. Figures C.8 and C.9 show
the measured pipe response from the experiment
up to surface-crack penetration.

The result of the cracked pipe analysis is driven
by the input moment-rotation response, which,
in turn, is determined by the J-estimation
scheme crack growth analysis. To bound the

C-14



expected behavior, analyses were conducted nonlinear spring analysis is only as good as the
using moment-rotation curves developed from input from the J-estimation scheme. As a final
J-R curves for R = -0.3 and R = 1.0, because the observation, in the experiment, surface-crack
stress ratio for the experiment is about R = -0.6.-- - penetration occurred long after maximum
The predicted moment-rotation behavior for the - moment. Within the bounds of the ANSYS
IPIRG-2 1-1 experiment, generated using the nonlinear spring analysis, this just cannot be
SC.TNPI analysis in NRCPIPES Version 3.0, is predicted because surface-crack penetration is
shown in Figure C. 10. For these curves, the defined to happen at maximum moment. From
equivalent crack length (measured crack area' an experimental perspective, what this implies is
divided by the measured maximum depth) was - that there was either cyclic or fatigue damage
used. There are significant differences between that contributed to the eventual failure.
these curves because at R = -0.3 there is very -

little degradation from the monotonic J-R curve C3.2.4 Crack Unloading Model Summary
case, whereas at R = -1.0 the J-R curve, and -
hence moment-rotation is significantly affected The new technique for modeling a crack as it
by crack closure. ' , unloads accounts for the expected asymmetric

behavior of a crack using a simple hardening
Using the design seismic forcing function for rule-based plasticity model. Although there is
IPIRG-2 Experiment 1-1 (there is virtually no -- not a way to rigorously prove that the model is
difference between the designed function and, correct because there is not enough quality
the experimentally measured actuator response), experimental data available, from a heuristic
ANSYS nonlinear-spring analyses were con- - perspective, it makes sense to use such a model
ducted to the point of maximum load, i.e., for all plant piping analyses. The issue of which
presumed surface-crack penetration, using the J-R curve to use; R = 0, or R = -2, will always be
new compressive unloading behavior model a question, but the basic mechanics of defining
Figures C. 11 through C. 14 show the results of the springs is not in question.
the "bounding" analyses. For reference,
Figures C.15 and C.16 show the results of the -C33 Crack Orientation
IPIRG-2 1-1 pretest analysis that used the mirror
image of the bending plus tension moment- In a general finite element analysis of plant pip-
rotation response in the compressive regime. ing, some arbitrary global reference coordinate

' * ; system is used to define the location of all piping
Comparing Figures C.8, C.11, C.13 and C.15, system features. Except for a few fortuitous
qualitatively, the new analyses are much closer instances, the global coordinate system rarely is
to the experiment than the "old" analysis in two aligned orthogonally with the orientation of
regards: 1) the new analyses do not show the' cracks that may be hypothesized in the piping.
severe crack closures that the old analysis did, Thus, the job of putting nonlinear springs with
and 2) the new analyses show evidence of the 'constraint equations to model cracks at arbitrary
large monotonic load cycle that the old analysis -orientations becomes a bit of a challenge.
did not predict. Quantitatively, the new R -0.3 3'
and R = -1.0 analyses bracket the experimentally - - A brute-force approach to puttinfg a spring or
observed R = 4.6 failure moment, whereas the - constraint at an arbitrary orientation would
old analysis is low, although there is a good - involve specification of the orientation in terms
reason for this-the old analysis was a pretest of Euler angles and applying a series of coordi-
prediction that used the best pretest estimate of- -... nate transformations to spring stiffnesses and
the flaw size, whereas the new analyses used the constraint equations. Fortunately, most finite
measured flaw size. Quantitatively, it is also element programs have a far more elegant and
important to note that the rotations in the new ' - ''simple way to define orientations: Local
analyses are very much larger than the experi- coordinate systems. The notion of using local
mentally observed rotations. This is a - coordinates is not revolutionary or new, but it is
J-estimation scheme problem-the ANSYS
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Figure C.8 IPIRG-2 Experiment 1-1 cracked-section moment-rotation response

I I I I I I III

II

I-I- I I I
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* worthwhile to document their use for the
cracked pipe problem, because without them,
generating solutions for arbitrarily oriented
cracks may appear to be intractable.

C.3.3.1 Defining Crack Orientation

Figure C.17 shows a surge line running
from the hot leg to the pressurizer of a
Westinghouse 3-loop PWR plant in a perspec-
tive view. Also shown is the steam generator
and the global reference coordinate system.
Considering a case where a circumferential
crack is to be analyzed at the hot leg to surge
line intersection, looking at Figure C. 17, it nom-
inally appears as though the surge line is aligned
with the global reference axes. However, look-
ing at the system with orthogonal views aligned
with the global axes, Figures C.18 to C.20, it is
apparent that the surge line is definitely not
aligned with the global axes: Moving away from
the hot leg along the axis of the surge line, it
drops down in Z. and it moves toward -X.
Describing the directions associated with this
geometry via Euler angles and coordinate

rotations would be prone to mistakes, if not
extremely difficult, whereas using the built-in
local coordinate system capabilities of the finite
element program is, comparatively, trivial.

ANSYS has a number of methods that can be
used to define local coordinate systems, but the
easiest one to use for illustration purposes is the
node-based definition, i.e., CS command. Using
this style of local coordinate definition, the local
axes are completely defined by specifying the
following.

1. The origin of the coordinate system is
defined by selecting a node

2. The direction of the local X axis is defined
by a second node

3. The direction of the Y axis is then defined
by selecting a node in the X-Y plane.
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-. ; Figure C.17 PWR model surge line with.global reference axes
, A~-I~gr .-1 -~f bal --efe*iinc, .Taxes tA ...............................

Figure C.18 Side view of the surge line
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Figure C.19: Top view of the surge line -:
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Figure C.20 Front view of the surge line
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Given these three bits of informatioin"4a local - 'exist in two piping systems, namely the IPIRG
coordinate system, with the X-axis directed : -'pipe loop and the'primary piping in a PWR
along the axis of pipe can easily be defined,' plant. The conclusions from these examples
Figures C.21 and C.22. (Note: To define these can, by no means, be extrapolated to every plant
axes, a dummy node was inserted at the- piping situation, but they do provide a justifica-
X-Y coordinates of the end of the surge line but - tion for continued consideration of the use of the
with a greater Z elevation.) To complete the nonlinear methods that are used to calculate
local axis definition, the local coordinate system- - these margins.
can be rotated about its own X axis with a
CLOCAL command, compare Figures C.21 and C4.1 Analysis of IPIRG Pipe Loop
C.23. - Experiment Scenarios

Given the local coordinate system, the coinci- As a preliminary to considering the margins in
dent finite element nodes associated with the real plant piping, margins were calculated for
crack can be rotated into the local coordinate' the IPIRG pipe test system. The interest in the
system (NROTAT command) and the crack' IPIRG pipe system was driven by a desire to
springs and constraints defined in the local sys- know what might have been observed had the
tem just as though they were in the global refer- -' Actual Margins task had been conducted experi-
ence system. Care must be taken when recover- mentally. To make the margins most apparent,
ing crack rotations and moments to be sure the analyses were conducted assuming that the
which coordinate system they are in, but usually, whole IPIRG pipe loop was made out of TP304
these can be forced to be output in the local - stainless steel and single frequency excitation
coordinate system. . loading was used.

C3.3.2 Crack Orientation Summary C.4.1.1 IPIRG Analysis Model

Being able to define the orientation of a crack Figure C.24 is an artist's rendition of the IPIRG
oriented in any direction, relative to a global pipe loop and Figure C.25 shows the physical
reference coordinate system, is essential to con- - dimensions of the pipe loop. Unlike the actual
ducting nonlinear cracked pipe analyses. There IPIRG pipe loop, all of the Actual Margins pipe,
are well-defined brute-force methods that can be except for the cracked section, was assumed to
applied, but the use of local coordinates greatly be 406-mm (16-inch) nominal diameter
simplifies the work for the piping stress analyst.- Schedule 100 pipe. Also unlike the actual

IPIRG pipe loop which had high-strength carbon
Although the present discussion has focused on'- -. '- '-steel elbows and straight pipe, the configuration
the local coordinate system facilities of ANSYS, analyzed assumed that all of the pipe was TP304
any contemporary general purpose finite element - 'stainless steel.-

'program should have similar capabilities that a '-'
piping analyst needs to use to his/her advantage. - Four different cracks were analyzed as shown in

Table C.6. In every case, the cracks were
C.4 Analytical Study of Margins assumed to be in base metal TP304 stainless

steel pipe of the same size as tested in IPIRG-1
There is a sense that nuclear power plant piping Experiment 1.3-3 (Refs. C.7 and C.8), i.e.,
is far more'tolerant of defects than the tradition-- 415.8-mm (16.37-inch) OD by 26.2-mm
ally used linear analyses suggest. 'Heretofore, no (1.031-inch) wall thickness. The cracks,-as well
systematic effort had been spent to determine as the rest of the pipe loop, were assumed to be
just how much margin really exists' in plant pip- at PWR conditions, i.e. 2880C (550'F) and
ing. The BINP Actual Margins task addressed - 15.5 MPa (2250 psi). For the leak rate calcula-
this deficiency. By way of example, some idea ' tions, the through-wall cracks were assumed to
of the margins that might be seen in plant piping be fatigue cracks, with an assumed nominal
was explored by looking at the margins that
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Figure C.24 Artist's rendition of the IPIRG pipe test facility
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Table C.6 IPIRG pipe loop system Actual Margins task cracks

Crack Leak Rate .. Crack Size - Load Capacity
Description liter/min (gpmn) Depth, d/t Length, LU(irD) kN-m (in-kip)
Large SC 0.66 0.50 459.2 (4064.4)
Small SC - 0.48 0.50 651.5 (5766.1)

Large TWC 189.27 (50) 1.0 0.19 452.2 (4000.4)
Small TWC 18.9 (5) 1.0 | 0.09 679.6 (6015.5)
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operating stress Of Sm[1 16.9 MPa (16.95 ksi)].
Material properties for the cracks and the pipe
remote from the crack were assumed to match
A8ii-17 (Ref. C.9). NRCPIPE (Ref. C.10) was
used to calculate the moment carrying capacity
of the through-wall cracks and NRCPIPES
(Ref. C. 11) was used to calculate the moment
carrying capacity for the surface cracks.
SQUIRT (Ref. C.12) was used to do the though-.
wall crack leak rate calculations.

The applied load for these analyses were
assumed to be the same single frequency,
growing amplitude forcing function used in
experiment IPIRG-1 1.3-3, see Figure C.26. In
equation form, the applied displacement is:

disp = 0.375t + 9.5(1 - e 04042' )sin 24.8 19t

inches (C.13)

This excitation is at about 90-percent of first
resonance for the pipe loop, so it provides a
great deal of dynamic amplification. Single
frequency excitation was selected for the Actual
Margins calculations so that attention could be
focused solely on margin issues and not on crack
closure behavior and ordering of load peaks in a
seismic time history-the moment will be
monotonically increasing, at least for a linear
analysis.

A complete listing of the geometry for the model
is given in section C.6.2.

C.4.1.2 IPIRG Cases

Four analyses were conducted for each of the
four flaws as shown in Table C.7. These four
cases consider all of the possible sources of
margin from nonlinearities: plasticity due the
crack, plasticity due to remote yielding, and the
combined effect. Comparing each of the non-
linear cases with the linear case provides a sense
of margin that each of the separate effects con-
tributes to the total actual margin.

C.4.1.3 Calculation of Margins in the IPIRG
Analyses

There are many ways to quantify margin in a
piping stress analysis: Stresses can be compared,
crack sizes that can sustain a certain applied
moment, or a comparison of moments are a few
that come to mind. In any event, the margin of
interest comes from a comparison of what hap-
pens in a nonlinear analysis with what happens
in a linear analysis. For the purposes of this dis-
cussion, comparison of moments seems appro-
priate. Furthermore, the comparison can be
done several ways, but the simplest is to look at
the ratio of the nonlinear moment to the linear
moment, i.e.,

i -

I

margin = Mk. (C. 14)

Margins greater than one imply that that the
nonlinearity has mitigated the moment applied
to the crack so that it is less likely to "fail."

Once a commitment has been made to discuss
margin in terms of moment, the details of
exactly how the margin is to be calculated have
to be prescribed, because the margin is a contin-
ually evolving thing in time: For some portion of
a time history of moment, a nonlinear and linear
analysis will be identical so the margin will be
1.0, i.e., plasticity has not developed so there is
no benefit from doing the nonlinear analysis. At
some later point in time, however, if the excita-
tion becomes large enough, there will be differ-
ences between the linear and nonlinear analyses
that, presumably, should lead to margin. Issues
such as time phasing of response will manifest
themselves in the analysis results because non-
linearities look like damping to the rest of the
pipe system. Because of the evolving nature of
margin, one has to set "rules" for how the
margin is to be calculated so that the
comparisons are reasonable and fair.
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Figure C.26 Actual Margins forcing function used for IPIRG pipe loop analyses
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Table C.7 IPIRG pipe loop system Actual Margins runs

Analysis Crack | Remote Pipe Condition |
1 No r Elastic

2 Yes Elastic
3 .No Nonlinear
4 Yes ... Nonlinear

For the purposes of this discussion the following
rules were followed to calculate margins: '

1. The maximum moment capacity for the
crack, as calculated using the J-estimation
schemes in NRCPIPE (Ref. C.10) or
NRCPIPES (Ref. C. 1I), is the reference
moment, Mrcf

2. A nonlinear analysis with a crack as the only' !'

nonlinearity is conducted to the time when ;r.

the crack reaches its maximum moment
carrying capacity. ' ....

3. The time at which maximum moment is
attained is taken as reference time, tlrf.

4. A nonlinear analysis with remote plasticity
as the only nonlinearity is conducted to the
time when the applied moment at the crack
location reaches the reference moment
defined in Step 1.

5. The time at which maximum moment is
attained is taken as'reference time, t2 rf.

6. A nonlinear analysis with a crack and
remote plasticity is conducted to the time
when the crack reaches its moment carrying -
capacity.

7. The time at which maximum moment is
attained is taken as reference time, t3,fi.
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8. A completely elastic analysis is conducted
out to the maximum of tfr, t2,, or t3 ,,f
times.

9. Margins are calculated as follows:

margincrck =
MA,Is (max from I = 0 to tlrs)

M, r(tref )

marginRemte Plasticity

M,,,, (max from t = 0 to t2,,f )

(C. 15a)

(C.15b)

margnlnaztcity.Cock

M,,, (max from t = to t3f) (C. 15c)
Md (t3tf )

C.4.1.4 IPIRG Analysis Results

Analyses were conducted for the four flaws
described in C.4. 1.1 in accordance with the
"rules" defined in C.4.1.3 for an all stainless
steel IPIRG pipe system geometry with a single
frequency, increasing amplitude forcing func-
tion. Figures C.27 through C.3 1 show the
moment-time plots for all of the runs. As
expected, the moment grows monotonically with
time for the linear analysis. For the plasticity
only case, the moment reaches a plateau in
approximately two seconds that is almost never
exceeded. In this case, plasticity initiates in
elbow 2 and subsequently appears in elbow 3
and at the actuator location, as well as a slight
amount at the hanger near fixed end 2 (see Fig-
ures C.24 and C.25). For several of the cases
with remote plasticity, the crack location never
reaches the "failure" moment.

Table C.8 summarizes the margins that are
implied by Figures C.27 though C.3 1.

C.4.1.5 Conclusions From the IPIRG Pipe
System Margin Analyses

Inspection of the margins listed in Table C.8
shows that virtually all of the margin from these
analyses comes from plasticity remote from the
crack and that the margin effects of the crack

nonlinearity and remote plasticity are not addi-
tive. Furthermore, it is apparent that these con-
clusions are true, independent of the whether the
crack is a through-wall crack or a surface crack.
Some of the crack-only cases yielded margins
less than one, but these cases have "failure
times" very early on, when transient behavior is
dominating the pipe response. For several cases,
the reference moment was never attained within
the time frame of the analysis. Remote plasticity
was taking so much energy away from driving
the crack that the crack was never loaded to
failure in a ductile tearing episode. Low cycle
fatigue would need to be considered in these
cases.

The results of these calculations suggest that it is
not terribly important to have a crack in the
piping model, because the vast majority of the
margin comes from remote plasticity. Indeed,
this is an unexpected, but positive result,
because it makes a nonlinear analysis much sim-
pler to conduct: The issues related to defining
crack springs, crack unloading, and crack orien-
tation become moot-there is no need to put a
crack in the model.

C.4.2 Analysis of PWR Plant Piping.

The results presented in C.4.1 provide a tanta-
lizing view of the margins that may be available
in flawed plant piping. Clearly, in a situation
where linear analysis shows that a flaw evalua-
tion or LBB assessment has inadequate margin,
adequate margin may in fact actually exist if the
effort is made to do a nonlinear analysis. The
results from the previous section seem to indi-
cate that a cost-benefit may be there, if there is a
compelling need to find additional margin.

The analyses presented in C.4.1 are rather
idealized: The IPIRG pipe system has unrealistic
boundary conditions and the loading was mono-
tonically increasing. To see if the margins
observed in C.4.1 can be realized in real plant
piping, analyses consistent with what was done
in C.4.1 but using real geometry, boundary con-
ditions, and real seismic loading were
performed.
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Table C.8 IPIRG pipe system analysis margins

Crack Large SC Small SC Large TWC Small TWC

kN-m 459.2 651.5 452.2 679.6
Condition (in-kips) (4064.4) (5766.1) (4002.4) (6015.5)

.' 'tt -

tl f,sec --- 2.155 2.660 2.410 2.655

kN-m 438.0 572.1 500.5 571.7
Crack Only ___ (in-kips). (38765) (5064.0) -(4430.0) (5060.0)

marginl- 0.95 0.88 1.11 0.84 -

t2,,, sec DNF* @5 2.685 DNF*@10

IkN-mr -79. 1218.3 -- 648.5 -1943.3
Remote Plasticity M (in-kips) (6720.4) (10782.9) (5740.0) (17200.0)

- -,margin2 * -:-1.65 2.8 -1.43 ~- 3.31--

t3rse:-: 2.920 DNF*@5 5.955 -DN*1
kN-m 651.5 1218.3 1333.2 1943.3

Crack+Plasticity MNLL, (i n..ks (5766.6) (10782.9) (11800.0) (17200.0)

margin3 ' 1.42 1.75 2.95 2.71

DNF =- did not "fail"
- . f
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C.4.2.1 Development of a Plant Piping Model

In order to perform margin calculations for plant
piping, a plant piping model that includes all of
the features relevant to loading of the pipe must
be available or developed. Features that were
judged to be of first order significance in the
dynamic behavior of PWR plant piping are:

* All primary loops:
- The piping
- Coolant pumps and support
- Steam generator and support

* The reactor
* The surge line with hangers
* The pressurizer and its support
* Concrete inside containment
* The containment
* The plant base mat
* The soil

For each of these features, detailed geometry,
properties including mass, section properties,
and material properties, as well as boundary
conditions (supports and applied SSE loading).
must be known.

When the Actual Margins task was originally
proposed, the hope was that one of the partici-
pants would be able to supply some or all of the
plant data listed above. The reality was that the
model had to be developed from scratch from
publically available documents and some rea-
sonable engineering guesses.. Specifically, the
data sources available for building the model
were limited to US NRC Final Safety Analysis
Reports (FSAR's), several internet web sites,
NUREG reports, some soil-structure interaction
software user's manuals, and conversations with
NRC staff (Refs. C. 13 through C. 17). After
some preliminary investigations, a three-loop
Westinghouse PWR was selected for analysis
because there appeared to be a wealth of the
required information contained in some of the
FSAR's. In addition, internet searches for
information on nuclear plant construction details
turned up a great deal of useful information for
Westinghouse 3-loop plants.

The basic premise for developing the model was
as follows:

1. The model was to be built from simple
beam-type elements and springs/dampers

2. Consideration would only be given to
analyzing the 3 primary loops, the surge
line, and one safety injection system (SIS)
line

3. The structural detail of the piping would be
as precise as the available data would permit

4. The structural detail of the reactor founda-
tion, containment, and internal concrete sup-
ports would only need to be good enough to
adequately represent the mass and gross
stiffness

5. In most cases, details of the piping hanger
and other piping attachments to the building
would be unknown and would have to be
modeled as rigid connections

6. A simple linear spring and damper soil
model would be used

7. If precise data for mass and stiffness of
certain features was not available, informed
engineering guesses would be made based
on the best available information and/or
scaled from pictures and artist's renditions.

The overriding consideration in developing the
model was to do a very good job modeling the
piping of interest and to make the rest of the
model representative enough that it could be
judged to have provided reasonable boundary
conditions for the piping. Every attempt was
made to rationalize mass and stiffness properties
with other publically available data.

C.4.2.2 Plant Model and Loading Details

Figures C.32 to C.40 show various features in
the plant and how they were modeled in the
finite element model. In most cases, features
were modeled with circular cross-section beams.
Mass properties of the beams were adjusted to
give the correct total mass and mass distribution.

Linear soil springs and dampers (Ref. C. 18 and
C.19) were selected to model a rock foundation.
Consistent with the stiff, rock foundation
assumption, the natural frequencies for the
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Figure C.32 PWR system model piping

.1.

Figure C.33 PWR System Model Reactor
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Figure C.341 PWR system model primary loop (one of three)

1
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Figure C.35 PWR plant model stream generator and coolant pump support
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Figuire C-38 PWR system model piping
. .. . .

Figure C.39 PWR system model containment building internal concrete
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Figure CA0 PWR system model containment

reactor base mat, containment, .and internal ground motion records, obtained from
concrete, reactor core and piping are as follows: References C.23 and C.24, are derived from the

1988 Saguenay earthquake and represent a
* F1=3.096 Hz, synchronized rocking of the 5.9 magnitude earthquake at a distance of 96 kin

containment and internals about the base (60 miles) from the epicenter. This earthquake
mat is characterized as having a 2-percent chance of

* F2=3.980 Hz, rocking of the containment exceedance in 50 years for the Boston, USA
about the base mat with the internals area, and has a peak acceleration of 0.57 g in the
relatively stationary X direction and 0.78 g in the Y direction, see

* F3=5.151 Hz, a mode very similar to mode 2 i Figures C.41 and C.42. To put this excitation in
* F4=5.206 Hz, out of phase rocking of the perspective, Figure C.43 shows the SSE earth-

containment and the internals about the batse quake for the Beaver Valley PWR (a 3-loop
mat Westinghouse design), taken from the Beaver

* F5=8.654 Hz, rocking of the internals about Valley FSAR (0.13 g peak acceleration). The
the base mat with the containment relativelf' -- - 2-percent in 50 years in Boston excitation is
stationary similar in duration and basic character, but is

* F5=9.681 Hz, vertical in-phase motion of the substantially more severe in magnitude. The
containment and internals. two orthogonal components of the earthquake

.r-:-, excitation were applied aligned with the global

These frequencies are consistent with other pub- -model reference axes. The decision to orient the
lished data for nuclear plant building natral* :;earthquake in this direction is completely arbi-
frequencies (Refs. C.20 through C.22). trary and may have had some impact on the

stresses generated in the piping.

The input loading to the plant model was a The model has 1446 degrees-of-freedom and the
scaled earthquake applied as acceleration load- seismic loading was applied at time steps of
ing in the global X and Y direction. The basic s.ic5 second.
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Figure C.41 PWR model X-axis loading

Figure C.42 PWR model Y-axis loading
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Calculation of Margin for the PWR - margin may not increase monotonically at all
ystem- locations due to the interaction among various

. pipe system m calculations ,pieces :of the piping. In order to explore theZG pipp system margin calculations .1 :I -.
.; nonlinear moment wih . --evolution of margin with changing seismic exci-a nonliear moments -with e~lastic . .. - .--

over a window of tation, the basic seismic load can be linearly
when the hypo e c k r -scaled. At a scale factor of 0.25, the 2-percent inwhen the hypothesized cracks -reached

-m c c . B o 50-year Boston excitation is still 50-percentn moment carrying capacity. Based on~
f e a i wlarger than the Beaver Valley SSE in terms oflusions of these analyses, it was deter-,at the c k ds nt c e ._ -- peak g' s. Furthermore, it is clear that the margin

at-the mar, one cn m co mpare will also be a function of the phasing of thethe margin, so one can merely compare
lotions and solutions with remote plasmi: peaks of the seismic excitation and the direction
earn s n g sltons winh in real . of the excitation. In the present case, the phas-
earn something about margins in real _ ., ..-.....

.. ng. Additionally, furthe si ifi .ing and direction have been arbitrarily fixed by
mng. Additionally, fiurther simplifcation,

-ro d by i n tchoice of the specific seismic signature.troduced by ignormng time--phasing of.,'
response, crack orientation and crack , In summary, the demonstration margins for the
.ssues by comparing the maximum PWR plant analyses were calculated 'on the
[es of bending moments (square root of following basis:

the sum of the squares) for the full duration of
the seismic event at many'possible critical local '
tions. In a real margin analysis it would be
necessary to consider the real crack orientation'
at a specific location, but for the puiposes of this '
study, these issues can be ignored.

Margin is a function of the level of applied load'
ing. The general sense is thatniargin should be'
1.0 at very low levels of excitation and grow as'
the excitation gets larger. It is conceivable that

* Margin ehiic
Modinear

* M = Max( My 2M ), i.e. maximum

of the square root of the sum of the squares
of the bending moments for the full duration
of the seismic loading.
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* The margin calculation is performed at
every piping run end and every straight pipe
to elbow junction.

* Margin is calculated as a function of
increasing, scaled amplitude seismic
excitation.

C.4.2.4 PWR Model Analysis Results

Figures C.44 to C.47 show the locations where
margins were calculated according to the
procedures defined in Section C.4.2.3. Figures
C.48 to C.52 show calculated margins as a
function of load. The figures show the results
for all of the locations in each line, with the
mean value shown as a block and the length of
the line going from the highest to lowest margin
at a particular excitation level. The calculated
margins are a function of the specific location in
a line, the direction of the applied excitation, and
the exact character of the forcing function itself.
Because only one excitation direction with one
forcing function was actually analyzed, the data
have been presented as bar charts to illustrate the
potential margins that might be achieved:
Different directions of excitation and/or different
forcing functions may yield different results.
For the'hot leg, cross-over leg, and cold leg,
resulti for all three loops are included in the
respective figures.

Looking at the hot leg margins, Figure C.48, it is
clear that: a) For the vast majority of locations,
the average margin is at or near 1.0, b) Margin
does not necessarily grow monotonically with
increasing forcing function amplitude, and c) At
excitation levels around typical SSE levels (0.1
< scale factor < 0.5), some locations can have
high margins.

The comments regarding the cross-over legs
(Figure C.49) are consistent with the preceding
hot leg comments with the exception that there
is a more pronounced increase of margin with
increasing amplitude excitation. Observations
about the margins for the cold leg (Figure C.50)
are identical to the hot leg.

The margins for the surge line (Figure C.51) are
unique'among all of the margins in that they are
all generally much higher than the others and, in
the range of typical SSE peak g accelerations
(0.1 < scale factor < 0.5), the margins can be
very high. The extreme margin for the surge line

occurs at the beginning of the last elbow leading
to the pressurizer.

For the one safety injection system line (Figure
C.52) analyzed (there are many more in the
plant), the location at the hot leg exhibits the
largest margins. For the vast majority of the
other locations in the SIS line, the margin hovers
in the range of 1.1 to 1.5.

As indicated at the beginning of this section, the
results presented here are only a demonstration
of potential margins that might exist: A different
seismic loading from a different direction may
show more or less margin.

C.4.2.5 Conclusions From the PWR Plant
Piping Analyses

The PWR plant analyses demonstrated that mar-
gin can exist in actual plant piping. Within the
limitations of the finite element model, assumed
loading, and necessary simplifying assumptions,
the vast majority of locations exhibited margins
around 1.1. Some locations, however, exhibited
margins greater than 10. The results shown. here
are indeed consistent with the results from the
IPIRG pipe system analyses, but are, perhaps,
not quite as dramatic. The results do, however,
reinforce the notion that if there is a location in
plant piping where a flaw evaluation or LBB
assessment shows inadequate margin, one can
have some reasonable assurance that if a
nonlinear analysis is conducted, some increased
margin will be found.

C.4.3 Task Summary

The Actual Margins task has demonstrated, at
least on a limited scale, that conducting nonli-
near dynamic finite element analyses can, in all
likelihood, lead to enhanced margins. Using the
latest techniques for nonlinear analysis, such as
a good model for crack unloading and taking
advantage of tools within finite element pro-
grams to help define crack orientation, as long as
the basic program's plasticity calculations are
sound, margin can be found, if it exists. Admit-
tedly, the analyses are far more difficult than
linear analyses: The analyst needs stress-strain
data at temperature for the remote plasticity cal-
culations and a J-R curve plus stress-strain'data
in order to consider the effect of cracks.
Furthermore, the analyses, since they are
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Figure C.44 -PWR primary piping evaluation locations, 1 of 2

Fligure C.45 PWR primary piping margin evaluation lo0cations, 2 of 2
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Figure C.47 Safety injection system line margin evaluation locations
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nonlinear and must be conducted in the time
: domain, they are significantly more expiensive

than the traditional linear analyses, because of
the time stepping requirement, convergence
issues, and inability to use superposition;

The IPIRGpipe system results from this task
provide a tantalizing view of the potential to
realize margin in plant piping. From a practical
perspective, it is probably fortunate that the
Actual Margins task was not conducted
experimentally-very little could have been
learned from one or two IPIRG pipe system ,-

experiments.

It must be recognized that, within the constraints
of what was done in this task, it is not possible
to categorically state that margin always exists
in all plant piping. Only one seismic signature
was applied from a single direction, only a nor-
mnal operating condition was considered, flaws
were not introduced into the piping, and the
finite element model may have shortcomings.
What can be stated, however, is: 1) That well-
developed tools exist to conduct analyses that
can determine if margin really exists, and
2) There is a distinct possibility that significant
margin can be found, if the effort to conduct the
required analyses can be justified.
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APPENDIX D

ANALYTICAL EXPRESSIONS INCORPORATING RESTRAINT OF
PRESSURE-INDUCED. BENDING IN CRACK-OPENING

DISPLACEMENT CALCULATIONS



D. I Introduction

Among the'factors that are important to leak-
before-break (LBB) of nuclear piping systers' is'
an effect called restraint of pressure-induced
bending on crack-opening displacement (Ref.-'
D.1). As shown in Figure D.1, the existence of a
through-wall circumferential crack will result'in'
a bending moment at the crack region for a pipe
loaded axially from pressure, due to the
eccentricity from the neutral axis in the cracked"
plane versus the center of the uncracked pipe. '
This pressure-induced bending (PIB) causes an
unrestrained pipe to rotate, thereby resulting in
an increase in crack-opening displacement.

In a real piping system, the ends of the pipe can -
be restrained from free rotation, reducing the
degree of pressure-induced bending.' Examples
of the pipe restraints include nozzles, elbows,

pipe hangers, and other pipe-system boundary
conditions. The degree of the restraint also'
depends on the geometry of the pipe system. In~
general, the restraint of end rotation is a function
of:

* the magnitude of the load (elastic or plastic
effects),

* the length of the crack,
* the pipe geometry, i.e., Rh ratio, and
* the boundary conditions of the pipe on either

side of the crack location.

The restraining effect on PEB in general results
in an increase in the load-carrying capacity of
the cracked pipe, but a decrease in the crack-
opening displacement when compared with that
of the same cracked pipe freefrom the restraints
(Ref. D.2). This is illustrated in Figure D.2.

Figure D.1 Rotation of unrestraint pipe due to pressure induced bending. The rotation of the pipe
is magnified by factor of 2.

Figure D.2 Reduction of COD in pressure-induced-bending of a restrained pipe. An asymmetric
pipe restraint condition is shown. Displacement magnified by a factor of 5.

The beneficial load-carrying capacity increase
has a corresponding decrease in the cracking-
opening area for leak detection that is ;:
detrimental to LBB.' The trade-offs between the
two effects appear to be case-dependent, and are
influenced by the pipe diameter and crack length
(Ref. D.3).

The common analysis practice for LBB is to
determine the center crack-opening

displacement (COD) by using' the solution for an'
end-capped vessel. The so-called end-capped -

vessel model, although relatively simple to
analyze, allows the ends of the vessel to freely
rotate. Furthermore, it ignores the restraint to''
the ovalization at the crack plane imposed by the
restraining end of the piping system. Therefore,
the end-capped vessel model may over-estimate
the COD more than if the pipe is not allowed to
rotate in the real world piping'systems.-
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In this program, a set of analytically based
expressions has been developed. These
expressions can be used to correct the end-
capped COD solutions to account for the effect
of piping restraint on PEB. The expressions are
given in terms of the normalizing factor rcOD,

defined as:

COD KS

COD unres (D.1)

where CODr," is the COD value of a crack in a
restrained piping system, and COD,,,,, is the
COD value in the corresponding unrestrained
pipe. rcoD is also called the normalized COD.
Solutions for COD,,,, for various pipe and
crack geometries are available in many
publications in open literature. They can also be
obtained rather easily using the end-capped
vessel models. Once the CODuEDS is known, the
COD of a crack in a restrained pipe can be
determined with the aid of the normalizing
factor rcoD derived in this work:

CODre, = rcoD *C CODnr,, (D.2)

geometric variables include the pipe outside
diameter (OD), pipe mean radius to thickness
ratio (R,,/t), half crack length (6), and the
restraint length - the distance between the
restraint plane and the crack plane (LRI, Lu).
The restraint is called symmetric if the restraint
lengths from both ends are equal (LRI=LR2=LR);
otherwise, it is called asymmetric restraint.
These variables are also given in Figure D.3.

The basic assumptions made in both the round-
robin FE analyses and the derivation of the
analytical expressions are:

* The deformation is linear elastic. The
elastic modulus is 200 GPa (29,000 ksi), and
the Poisson's ratio is 0.3.

* The displacement of the pipe is small - both.
the strain and the rotation of a cracked pipe
from PiM are small. As such, the geometric
nonlinearity effects due to large rotation and
large strain are ignored. Also ignored is the
change of loading directions associated with
the deformation process.

* At the crack plane, the pipe is allowed to
move vertically and horizontally (rotation in
the crack plane and ovalization are not
restricted), but it was pinned of any axial
displacement in the ligament.

* For the restrained pipe, both ends of the pipe
are restrained from rotation and ovalization,
and only the axial displacement is allowed at
the pipe end. This represents the most
severe restraint conditions in a piping
system.

* For the reference unrestrained pipe, the end-
capped vessel model is assumed - the ends
of the pipe are allowed to move freely.
Theoretically, the unrestrained pipe should
be infinitely long. The results from the
round-robin FE calculations show that, if the
pipe length is greater than 20 times of the
pipe diameter (LR > 20 OD), the pipe ends
will then have negligible effect on the
deformation in the vicinity of the cracked
plane and the resultant COD value.

* An axial force is applied at the pipe end,
passing through the central axis of the pipe.
The applied load values are arbitrarily
chosen because; (1) the deformation is

The analytical expressions obtained in this work
were based the results of the round-robin finite
element (FE) calculations of COD values that
were conducted earlier in this BINP program
(Ref. D.4). As such, the expressions of the
normalizing factor are limited, and should be
used within the range in which the expressions
were derived.

D. 2 Problem Statement

Due to the bending and the rotation of a cracked
pipe, the crack-opening displacement is not
uniform through the wall of the pipe - the crack-
opening displacement at the inner surface of the
pipe can be different from that at the outer
surface. In this program, the term COD is
specifically referred to as the center crack
opening displacement at the mid-thickness of a
through-wall circumferential crack in a straight
pipe.

The cracked-pipe geometry investigated in this
program is illustrated in Figure D.3. The basic
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Figure D3 Cracked-pipe geometry

linear-elastic and confined to the small
displacement condition, and (2) the COD
results are normalized with respect to the
unrestrained COD.

* There is no pressure on the crack faces, and
no internal pressure is present.

the analysis matrix of the round-robin FE
calculations. Details of the round-robin analysis
can be found in Reference D.4. .The results from
the round-robin analysis were used to validate
the analytical expressions developed in this
work.

Figure D.4 depicts the boundary and loading D.- - - D3 Development of Analytical Expressions
conditions used in this investigation for the
symmetrically restrained cases (L=LS2). - The development of the analytical expressions

for restraint of pressure induced bending was
D.2.1 Round-Robin FE COD Analyses based on the recent work by Miura (Ref. D.5).

Miura's expression was expanded to cover a
The BINP round-robin FE COD analysis matrix .- wider range of R/t ratios for a symmetrically
included a total of 144 cases covering a wide restrained pipe system. New expressions were
range of pipe geometries and restraint conditions developed for the asymmetric restraint
(Ref. D.4). Table D.1 and Table D.2 summarize conditions.
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Figure D.4 Loading and boundary conditions of a symmetrically restrained pipe

Table D.1 Analysis matrix for symmetric restraint cases in round-robin FE calculations

OD RL/t Axial Force lIalf Crack Length Restraint Length
(mm) (kN) (LIOD)

Case la 711.2 10 50,000 7X/8 n/4 z/2 i 5 10 20
Case lb 323.85 10 5.000 s18 x/4 xf2 1 5 10 20
CaseIc 114.3 10 500:.- riS 7n4 x12 l 5 10 20
Case 2a 711.2 5 50,000- -d8 nt4 M2 5 10 20
Case 2b 711.2 20 50,000 7r/8 =/4 7r/2 1 5 10 20
Case 2c 711.2 40 50,000 n/8 I /4 I 12 I 5 10 20

Table D.2 Analysis matrix for asymmetric restraint cases in round-robin FE calculations

OD Rlm/t Axial Force Hial Crack Length LRJOD L%/OD
(mm) (kN)

Case3a 711.2 10 50,000 nI8 | J4 | 12 X X X |
711.2 10 50,000 n/8 70`4 -12 X X 5
711.2 10 50,000 zi/8 7n4 7r/2 X 10

Case 3b 323.85 1O 5,000 /S8 x/4 xt2 X X X 1
323.85 10 5,000 718 x14 z/2 X X 5
323.85 10 5.000 7r/8 n/4 i12 X 10

Case 3c 114.3 10 500 v18 n/4 /2 X X X 1
114.3 10 500 d/8 n/4 n12 X X 5
114.3 10 500 X/S x/4 I r/2 I X 10
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D.3.1 Symmetrically Restrained Pipe FE calculations, as illustrated in Figure D.6,
support the parametric relationship.

Miura's approach is schematically illustrated in
Figure D.5. Miura treated the deflection of a Miura used the following equations to evaluate
cracked pipe due to pressure-induced bending as the function Ib(0, Rdt):
an elastic beam problem. The existence of the
crack is represented by a beam section of -!X 3

reduced thickness in the vicinity of the cracked - (/,Rm /t) :!6 +8 41 + (42 + b3

plane. The end-restraint of the pipe makes the
deflection of the beam statistically indeter- _ Ab + Bb B CL
minate. He then makes the analogy that the ( -7 9 rJ i Lr)
COD and pipe rotations are linearly related, I + Ab&b /5 + 2AbCj + B2 (O2
hence the ratios of the restrained to the unre- 42 22 5  15  _ 35 _
strained rotation is the same as the ratio for the 3 4

restrained to unrestrained COD. Such an =BbC(6+C; (6'
4b3 2~I (5 45(

approach has also been used for developing ')2k ) 4.5 )

J-estimation schemes in the past. ' ' '' '

).S)

For symmetric restraint, Miura derived the
following equation for the normalizing fact
(normalized COD), rcOD:

; - where the coefficients Ab, Bb, and Cb are taken
from Klecker et al.'s curve-fitting of Sander's

or ' solution for the stress intensity factor (Ref. D.6).
- A These original coefficient are given in

Equation D.6.7
ILn /D_

:_ .

rCOD = R (m (D.3) In this study, it was found that the coefficients
LR IDm + b used by Miura, as given in Equation D.6, are

only valid for R,/t ratios up to 16. Thus, these
coefficients were revised to cover a wider range

where Do is the mean diameter of the pipe, LR .ofRdtratiosupto40,againthroughcurve-.
the restraint length, and 0 the half-crack angle: fitting the Sander's solution. The revised
Ib(O, Rdt) is an integral of the compliance term, coefficients are given in Equation D.7.
Fb(0, R,/t), in the stress intensity factor
definition, K1: The differenres in TJ(A R1Jtl are commared in

Ib(9,R1 it) = 4J Fa2(,R.m it) d -
-1' I '" ' Figure D.7. Clearly the discrepancies are

- - - - significant for Rat values above 20.

K, = abf i Fb(ORl It) -- .. (D.i) -Figures D.8 though Figure D.1I provide com-
parisons of the rcoD from the analytical expres-

According to Equation D.3, rcoD is related to the sions and the FE calculations for all the sym-
normalized geometric parameters:. .- metric restraint cases in the round-robin analysis

matrix. The analytical solutions are shown as
* normalized restraint length L/Dm, --- solid lines, whereas the FE results are shown as
* normalized pipe thickness R,4t, and ' --. :. various points in these figures. Clearly, the
* normalized half crack length 0/n. , analytical expression by Miura (Equation D.3),

combined with the revised coefficients (Equa-
Such a parametric relationship simplifies the ' - tion D.7), is adequate for all the cases investi-
application of the analytical expressions - it is gated in the present study. For comparison,
unnecessary to distinguish the results from pipes' . Figure D.12 shows the analytical solution using
with different diameters or restraint lengths, the original coefficients by Miura for R./t = 40.
provided that the normalized parameters a're the - ' The use of the original coefficients severely
same. Indeed, the results from the round-robin underestimates the values of rcoD, especially for

the cases where the crack is long.
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Ab[ -3.26543

Bb = 11.36322

[Cb -3.18609

Ab -2.6925

Bb = 9.7042

Cb -1.9277

1.52784

-3.91412

3.84763

1.3148

- 3.3423

3.3798

-0.072698

0.18619

-0.18304

-0.049146

0.12768

-0.13131

0.0016011- 1
-0.0040991 (Rn/:)

0.00403 JL(Rj/ty

0.00080685s 1

-0.0021944| R. /2

0.0022859 -(Rm.It) 3

for Rt < 16 (D.6)

forR,/t<40 (D.7)

Section I
Section 11 Section HI

A 'I' Section IV
I I

* I-.9 ., v
a 9

0:
2

General Beam Section
Second Moment of Inertia :1

Tn ? 1
Reduced-lhickess Pipe Sectbn 4

GeneralBeamSection ,Second Moment of Inertia . ' Se o d m mo n rtaIs o
\ Second Moment of Inenia :1; d O

Cscwentrated Load, W \ a

* Reaction
Force. R2

Figure D.5 Beam model representing deformation of cracked pipe under restraint (Ref. D.S)
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Figure D.6 Normalized COD for different pipe diameters (Ref. D.4)
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Figure D.7 Comparison of the Ib(O) values for different curve-fitting coefficients

. I.,

0 2 4 , -. . o10 12 14 16 l8 20
_. Nonma d RepeRant Length (UD)

Figure D.8 Comparison of the normalizing factor between the analytical expression
and the FE calculations. Symmetric restraint, Rl/t=5
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Figure D.9 Comparison of the normalizing factor between the analytical expression
and the FE calculations. The FE results from different round-robin participants

are indicated by different letters. Symmetric restraint, Rm/t=10
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Nonrfizod ReStraint Length (UD)

Figure D.10 Comparison of the normalizing factor between the analytical expression
and the FE calculations. Symmetric restraint, RJt=20
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Normalized COD, Case 2b, RJt =40, Participant C

I 'I ......

0 2 4 6 8 10 12 14 16 18

Normalized Restraint Length (IJD)
20

Figure D.11 Comparison of the normalizing factor between analytical expression
and the FE calculations. Symmetric restraint, R.t=40

Normalized COD; Case 2b, Rm t =40, PartIcipant C

O -. _, , , , ^B 1R -4 -

0 2 4 6 8 10 12 14 16 18 20

Normalized Restraint Length (LID)

Figure D.12 Comparison of the normalizing factor between the analytical expression and the FE
calculations. Symmetric restraint, R,/t=40. NUREG/CR-4572 curve-fitting of coefficients of Ab,

Bb, and Cb
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D.3.2 Asymmetrically Restrained Pipe

Using the same beam approach for the sym-
metric restraint case, Miura derived the follow-
ing solution for the asymmetrical restraint case:

It appears that the inadequacy of Miura's
solution for the asymmetric cases is related to
the harmonic property of the equivalent
normalized restraint length. To illustrate this
point, rearranging Equation D.9 yields:

[LR /Dm]eq

LLRID.]mq + 4

(D.8) [LRID. ]q =2 [LRIIDmI[LR2 /Dm]
[LRI ID.3+1LR2 1Dm]

=2 LRI IDm

/+ LRZ

(D. 10)

where [LR/Dnleq is the so-called equivalent
normalized restraint length:

[LR/D, I D = 2 [LRI / D, I [LR2 1 D. Ior
[LRI / D. I + [LR2 / D. I (D.9)

[LRID.],q 2 {(LR/DI ][LRz/ D".)

As shown in Equation D.9, the equivalent nor-
malized restraint length is the harmonic average
of the normalized restraint lengths LRI and LR2.

Comparisons with the round-robin FE results
reveals that the Miura's solution tends to
underestimate the restraint effect if the restraint
length is short, and overestimate if the restraint
length is long. The discrepancy is especially
noticeable if the crack is long and the asym-
metry of the restraint length is large, as shown in
Figure D. 13.

If LR2 is the longer restraint length of the two,
then

LRIILR2<1 and

[LR ID. 1 q < 2 LRI IDm
(D.ll)

This means that, regardless the length of the
longer restraint LR2, the harmonic equivalent
normalized restraint length cannot be greater
than twice of the shorter restraint length. The.
variation of the harmonic equivalent restraint
length as function of the Llu/LRI is shown in
Figure D. 14.

Asymmetric Restraint Length, B/t =10, Wn=1/2

0 2 4 B 8 10 12 14

Normalized Restraint Length 4i)

16 18 20

Figure D.13 Comparison of Miura's analytical solution with FE results for asymmetric restraint
cases. Letters indicate the FE results from different round-robin participants. R./t=10, 0=7rJ2

D-10



Z.0

2.4 . _ _ K : iq

t2. >, _Ideal L.q-,2.2 -.

2

1.8- Ham

1.6 / . Avrmoni

1.4

1.2

1

0 20 40 60 80 100

-. .. , . . L

Figure D.14 Equivalent normalized restraint length as function of the ratio of LR2ULR1

Now consider a special case in which a pipe is
restrained only at one end, at a distance of one
Dm from the crack plane (i.e., LRI/Dm = I and
LR2- .). Equation D.10 becomes:

D 1 F 2 [LR2 I Dm ]
1+[LR2IDm']

The rcOD from the FE model is 0.93, mor'e than
three times higher than the value obtained with
the harmonic equivalent restraint length.
Clearly, the harmonic expression of the
' equivalent restraint length penalizes'the
contribution of the longer pipe restraint length,
and thus is inadequate if the restraint length of
the longer pipe is relatively long.

2

1+ 1
ILR2 IDm*]

=2

(D.12 ) -

Hence, the harmonic equivalent normalized
restraint length can only reach 2 even if the pipe
is restrained only at one end. Further assuming
Rdt=10 and Orid2, the resultant rcOD is 0.286,
as shown in Figure D.13. -

The same case was also analyzed using FE
approach. The model is shown in Figure D.15.
The restraint boundary condition was applied at -

LRI/Dm = 1 from the crack plane at the left end- ' -'
of the pipe. The length of the pipe on the right._.-:
side of the crack was set at 20Dm, but the end
was left unrestrained to allow free rotation and
ovalization (end-capped condition). This
effectively represents an infinitely long restraint
length at the right side of the crack (LR2/Dm4o).

More importantly, the FE analysis suggests that
the restraint effect is nearly negligible (rcOD -l)
in a one-side restrained pipe. This means that

L,,e, if LRIj ° and LR2  eo (D.13)

Therefore, an improved definition of Lq is
required to improve the accuracy of the
analytical expression of rcOD for the asymmetric
restraint conditions. However, derivation of a
theoretically sound closed-form analytic Lq
definition was found to be difficult.

A'different approach was then- adopted in- this
work - a correction function was used to relate
the solution for asymmetrically restrained pipe
to symmetrically restrained pipe. The correction
function is proposed to take the following form:

rCOD,.Y = (rCOD,YM), +[Ii -(rcoD )L]-min ln(LR2 ILR,),
.Symjj ln(Lrf /LRI) for LRI < LR2 (D.14)
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Figure D.16 General form of the correction function
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Figure D.18 Verification of analytical expression for asymmetric restraint cases (R./t=10, 0-ir/8)
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Figure D.19 Verification of analytical expression for asymmetric restraint cases (Rf../t=10, OWi/4)
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Figure D.20 Verification of analytical expression for asymmetric restraint cases (R./t=10, 9=ir/2)

D.4 Pipe Stiffness

In the previous sections of this appendix, the
expression for the normalizing factor rCOD
related the crack-opening displacement (COD)
of restrained pipes to the COD for unrestrained
pipes. The variable rcoD is expressed in terms of
the restraint length to mean diameter ratio,
Lp/D,. Although conceptually easy to
understand, the restraint length is a difficult
parameter to determine directly. Restraint can
occur in many forms, from pipe bends and
curves to hinges and supports, all of which affect
the restraint length in an unpredictable manner.
Therefore, in order for the equations for the

reduced COD to be practical, it is necessary to
express LR/Dm in terms of an alternate variable.
Pipe stiffness is a parameter that is readily
calculable in practice using a finite element
analysis model. For the crack opening
displacement problem, pipe stiffness k can be
defined as the "relative moment for a unit kink
angle" (see Figure D.21), or

k=MI0, (D.17)

where

M = applied moment, and
0= the bending angle.
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By deriving expressions relating the pipe stiff- ; -
ness to the normalized restraint length LRJDm, it
;c 1rrcc;'k1A tr% iot*7s- fhs- r___ Pniint;rine iin D.4.2 The ANSYS Model

practical situations. In order to determine the pipe stiffness associ-
ated with various restraint lengths, a beam-type

- finite element model of a pipe was created with
- - the ANSYS finiteelementprogram. The model

elements were the same as the "pipe" elements
-. - ; that would be used in a plant piping stress

analysis. The pipe was restrained at either end,
and a hinge was created about which a moment

. _ ' could be applied (see Figure D.22).

; In order to use the hinge model shown in Fig-
ure D.22, one has to settle on precisely how the
analysis is to be performed. The hinge concept
is quite simple, but there are subtle details that

- need to be defined. -It was determined that the
Ad most rational way to proceed is to consider a

-7 -. separate "left" and "right" stiffness correspond-
- ing to LI and L2 by finding the stiffness for the

- respective side assuming that the rotation for the
Figure D.21 Moment about a hinge; bends opposite side is fixed at zero. This was, by no
and various supports affect the restraint - means, the only way to perform the stiffness
lengths of the pipe about the hinge - 'analysis, but it had the desirable effect of more

or less uncoupling the "left" and "right"
n A 1 Case Matrix rotations,

The following work is based on a matrix of - -- - - Following this idea, the steps for calculating the
cases very similar to the ones presented in the --- hinge stiffnesses for a pipe are as follows:
previous sections. For the symmetric analysis,
the cases consisted of the matrix of Table D.1,as
well as the matrix of Table D.3 (below). Note
that the additional cases in Table D.3 were not a,
part of the Round-Robin FE analyses or used to -i
derive the rcoD equations. Rather, they were 2
additional cases used in the derivation of the
equations in the following sections, and allowed
for a much more comprehensive analysis of the 3
concept of pipe stiffness.

The rCOD equations for asymmetric restraint
cover a much narro'iwerrange of data. Specifics; <
ally, the expression for the reference restraint
length (Eq. D.16) is valid only when Rd/t -=10 4-
and 1/8 <Ohr < 1. The case matrix of Tabl D.2
adequately covers this limited range, and
therefore only the matrix of Table D.2 is used to
develop the LR/Dm versus k relationship for the
case of asymmetric restraint. i:

1 Put a hinge at the point of interest with
the axis of rotation in the correct 3D
orientation. Typically, this is most
easily done using local coordinates at
the point of interest.

* Fix the rotation of the "left" side of the
hinge at zero in the local coordinate
system.

* Apply a unit moment to the "right" side
of the hinge and recover the rotation.
The moment M and the recovered
rotation 02 must both be in the local
coordinate system.
Repeat steps 2 to 4 replacing "left" with
"right" and vice versa in order to
determine 0 1.-
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Table D.3 Additional Symmetric Cases used in Pipe Stiffness Analysis

OD RJ/t Half Crack Length Restraint Length
(mm) (radians) (normalized to the outer diameter)

LJOD
Case 4.a 526.13 15 n/s 7X/4 n/2 1 5 10 20
Case 4.b 465.23 15 7/8 n14 t/2 1 5 10 20
Case 4.c 75.00 15 7/8 7r/4 7d2 1 5 10 20
Case 5.a 465.23 5 7r/8 i/4 7r/2 1 5 10 20
Case 5.b 465.23 20 7/8 7r/4 7r/2 1 5 10 20
Case 5.c 465.23 40 7r/8 -74 n/2 1 5 10 20
Case 6.a 200.00 10 7/8 7r/4 7/2 I 5 10 20
Case 6.b -500.00 10 7/8 7r/4 7r/2 1 5 10 20
Case 6.c 600.00 10 i/8 7r/4 7r/2 1 5 10 20
Case 7.a 200.00 . 15 /S8 7/4 n/2 I 5 10 20
Case 7.b 500.00 15 7rn8/7S 4 7r/2 1 5 10 20
Case 7.c 600.00 15 7r/8 z14 n/2 1 5 10 20
Case 8.a 711.20 10 i/8 d/4 nf2 1 5 10 20
Case 8.b 711.20 15 7x8 7r/4 7d2 1 5 10 20
Case 8.c 711.20 25 n/8 7n/4 /2 1 5 10 20
Case 9.a 465.23 10 7/8 7d4 7/2 1 5 10 20

rCase 9.b 465.23 15 n/8 W4 n/2 1 5 10 20
;Case 9.c 465.23 25 n/8 7n/4 n/2 1 5 10 20

L 2

Figure D.22 Schematic of ANSYS pipe model used to determine stiffness values given various
restraint lengths

5. For a case of symmetric restraint, divide
the moment M by the difference of the
rotations 10,1 - 1021 in order to determine k
=1 AW(f4IO - 1021)1. For cases of asym-
metric restraint, determine separate
stiffness values for the two sides of the
hinge as follows: k, =1 M0, I and k2

=1 M1021

The procedure outlined above can be applied as
easily to a 3D pipe system with a crack in any
orientation as it can be to the simple 2D model
shown in Figure D.22.

D.4.3 Pipe Stiffness in Cases of Symmnetric
Restraint

After running the ANSYS model to determine
the stiffnesses for the cases in Tables D. 1 and
D.3, plots of the restraint length in terms of pipe
stiffness were generated for each case. From the
plot of Case L.a (see Figure D.23), it is evident
that LR/DU and k are related by a power law
function. Each case produced a similar plot,
with a different constant in front of the power
function. It was speculated that this constant
was in some way related to the second moment
of area of the pipe, L Plotting the I of a pipe
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-Figure D.23 Plot of restraint length in terms of stiffness for symmetric Case 1;
k and LR/D. are related by a power function multiplied by a constant
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Figure D.24 Plot of constant C in terms of second moment of area I for all symmnetric cases
- I (The second moment of area is linearly related to the constant C)
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against the required constant, it was clear that
the constant is related linearly to I (see
Figure D.24).

For cases of symmetric restraint, the following
equation was developed relating pipe stiffness
and the normalized restraint length,

D.4.4 Pipe Stiffness in Cases of Asymmetric
Restraint

In the case of asymmetric restraint, the equations
relating the pipe stiffness to the restraint length
have the same form as in symmetric restraint
with a slightly different scale. The two restraint
lengths can be calculated using the equations

LRI /D. = ClkI 1 and LR2 /Dm = C2k2

(D.21)
Again, C, and C2 are constants, and are depend-
ent on the pipe's second moment of area as
follows:

LR / D. = Ck-'33 , (D.18)

where LR/D. is the normalized restraint length
and k is the pipe stiffness in N-m/rad. C is a
constant obtained from the following equation

C = (1.68. ld4)1-2.41-ldo (D.19)
C; = (3.19- 1d2)I+ +2.07-10
C2 = (1.4.103)1 +6.92-105

(D.22)
where I is the second moment of area of the pipe
cross section (in'), equivalent to

I = 64 (Do-D, ). (D.20)

The beam-type finite element analyses shows
that the behavior ofpipes with an I less than 10
nin does not fit the form of Equations D.18 and
D.19 when subjected to a bending moment, and
therefore must be related in a different manner
to the restraint length. For instance, Cases L.c
and 4.c, where the outer diameters are 0.1143 m
(4.5 inches) and 0.075 m (3.0 inches),
respectively, and the thicknesses are both less
that 10 mm (0.4 inches), show significant
deviation from the expected behavior.
Consequently, Equations D.18 through D.20 are
accurate only when the second moment of area
is greater than or equal to 10' in4 (240 inch4).

The plot in Figure D.25 shows the comparison
between the normalizing factor rcoD when
calculated using the parametric values of LR/Dm
and the stiffness-based values of LR/Dm resulting
from use of the above equations. Error appears
to increase significantly as the second moment
of area of the pipe cross-section approaches the
range limit of 10- rn4 (240 inch4).

In this case, k, and k2 represent the stiffness of
the pipe corresponding to the rotation of LI and
L2, respectively. As in the symmetric cases, the
differences between parametric and stiffness-
based LR/Dm values when I < 10- m4 (240 inch4)
are significant, and the equations should not be
utilized in this range.

Figures D.26 and D.27 (below) illustrate the
power relationship between LRI/Dm and LR2/Dm
and k and the comparison between rcOD values,
respectively.

D.5 Application of Equations

After developing the equations for rcoD in tenns
of pipe stiffness, it was important to apply them
to some plant piping cases to see what effect the
revised COD values have on leak rates for actual
plant piping applications. This gives the user an
idea of the importance of the pressure-induced
bending effect in the calculation of crack-
opening displacement values for a plant LBB
application.

A finite element model of a 3-loop
Westinghouse-style PWR nuclear power plant
was developed, and hinges were placed at
eighteen critical locations per the procedure
given in Section D.4.2. Figures D.28 through
D.31 show the 18 locations, all of which were at
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-Figure D25 Comparison of normalizing factors for parametric and
stiffness-based LR/D. values in cases of symmetric restraint
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Figure D.26 Plot of restraint length in terms of stiffness for asymmetric Case L.a
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Comparison of rcoo Values
Rmi = 10, LMlDm = 1.05

1.2

_ * * U Theta-pill

e a _ a 0 Th* 7?p-U4

jI

l a - --

04A , That -pY2 -
a 2

0.2

0

*P
I kneed

0.oo Loo 10.00 15i 00

R aN c L-MM

20.0 25100

Figure D.27 Comparison of normalizing factor between parametric and
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Figure D.28 Critical flaw locations in the hot and cold legs
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Figure D.30 Critical flaw locations in the surge line
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Table D.4 Dimensional sin3d loading conditions for 18 criticdai locations considered in
sample plant piping system test cases

Case Data
OD Temp Pressure

Location R (in) twal (in) - (in) ; Mb (inlIb) Fx (T) (psi)
1 14.6 2.37 33.94 12591000 1504000 610 2235
2 -14.6 2.37 33.94 4491000 1504000 610 - 2235
3 14.6 2.37 33.94 -12435000 1505000 610 2235

Primary 4 15.6 3.15 37.5 15098000 1633000 610 - 2235
System 5 - 15.6 - -3.15 37.5 413805000 1597000 542 2200

6 15.6 2.52 36.24'- 12632000 1564000 542 - 2200
7 15.6 2.52 36.24' 13047000 1557000 542 - 2200
8 - .15.6 -2.52 36.24 -_6425000 1684000 542 2200

9 15.6 2.52 36.24 1086000 1684000 542 - 2200
10 15.6 3.18 37.56 -5639000 1844000 542 -2200
11 13.85 2.25 32.2 --1689000 1388000 - 542 - 2300

- 12 13.85 2.25 - 32.2 -- 2398000 1389000 542 - - 2300

13 13.85 2.25 -32.2 -2339000 1389000 -542 2300

14 13.85 2.25 32.2 - -2418000 1386000 542 - 2300
15 13.85 2.36 32.42 - 2742000 1342000 - -542 2300

Surge - 1 5.754 1.246 14 - 1545839 :221161 - 653 2327-
Une 2 - 5.754 -1.246 14 ---1766184 '234511 617 - 2327

SIS 1 2.5945 -:-0.718 6.625 136539 -1083 - 105 - 2327

high stress points or at field welds. Table D.4
provides the pertinent dimensional and loading '
conditions for these particular locations.
Because the angular position of the postulated
leaking flaw was not khiown; the rotation' was'
calculated at 15-degree intervals around the pipe
circumference at each location. The largest '
rotation was assumed to correspond with'the
orientation of the flaw, and this rotation was --

used in subsequent calculations. After
calculatinig the pipe stiffness, Equations D. 18'
and D.21 were used to determiine the restraint '''-

lengths, and Equations D.3 and D.14 were used
to calculate the values of rCoD. Note, Equations
D.3 and D.18 are for the symmetric restraint : -7
case and Equations D.14 and D.21 are for the. .
asymmetric restraint cases.- While each of the
cases were asymmetric, the equations for the
asymmetric case were developed for a specific -'
R/t ratio (R/t = 10). The R/t ratio for each of . --

these cases was close to 5, typical of PWR
piping. Thus, the symmetric case, which is was
developed for a wider range of R/t ratios, was
considered as well. Further note that prelimi-
nary analyses to date suggest that the effect of

using the Rit solutions for the asymmetric case -

developed to date for pipes with R/t ratios less -

than 10 (typical of PWR piping) would result in
a longer crack length for a given leak rate detec-
tion limit capability'in an LBB analysis, i.e., a
conservative assessment of crack length.; Thus,
the use of the asymmetric solution for these -

sample applications should provide an upper-
bound illustration of the impact of this effect.'
However, if a more generalized asymmetric -'

solution is desired, then a curve fit equation '
through multiple finite element analyses is
needed for different Bit ratio cases.' - -

Once the normalizing factors were obtained, it
was necessary to calculate the COD of the
unrestrained pipe. The SQUIRT program was
utilized in this endeavor.' The'crack morphology -

parameters for an IGSCC crack were assumed.
Once calculated, COD,,,,S was multiplied by
rCOD to determine COD,,,. - On first glance, (see
Table D.5), the values appear to be so close
together that any difference would be insignifi-
cant, i.e., less than 10 percent. - - - -
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Table D.5 Comparison between restrained and unrestrained COD values

Pipe | SQUIRT Calcs. Symm. % diff. Asymm. % diff.
System Normalized Restraint Rest respect Rest. respect

_ Lengths COD to COD to
(Leak Unrest. Crack SAmmetrc Asymetric unrest. unrest.
Rate) Location COD Length 1Dm Li/Dm L2ID, COD COD

(in) Inch inch (in) inch

Primary 1 0.0217 13.33 4.1 0.1 17.9 0.0212 2.5% 0.0217 0.0%
(5 gpm) 2 0.0178 16.3 11.2 5.8 23.8 0.0175 1.5% 0.0175 2.0%

3 0.0216 13.38 11.6 6.4 22.9 0.0214 0.9% 0.0214 1.2%
4 0.0203 16.48 15.3 0.3 58.1 0.0201 0.9% 0.0203 0.0%
5 0.0147 14.31 11.4 0.8 42.9 0.0146 0.9% 0.0145 1.6%
6 0.0154 12.22 16.8 6.5 40.2 0.0154 0.5% 0.0153 0.7%
7 0.0156 12.13 29.0 6.9 73.4 -0.0156 0.3% 0.0155 0.5%
8 0.0136 13.97 20.9 10.0 42.0 0.0135 0.5% 0.0135 0.7%
9 0.0088 21.8 18.3 9.9 34.8 0.0087 1.6% 0.0086 2.2%

10 0.0126 16.75 38.5 1.0 125.3 0.0126 0.4% 0.0126 0.0%
11 0.0112 15.85 4.8 1.0 16.5 0.0107 3.7% 0.0104 6.6%
12 0.0124 14.17 7.1 3.6 16.2 0.0121 1.9% 0.0121 2.5%
13 0.0123 14.31 9.1 5.6 16.8 0.0121 1.5% 0.0121 1.9%
14 0.0125 14.17 9.9 6.1 17.8 0.0123 1.4% 0.0123 1.7%

15 0.0126 14.34 5.6 0.1 22.7 0.0123 2.4% 0.0126 0.0%
Surge 1 0.0257 10.09 22.6 3.0 60.9 0.0252 1.9% 0.0241 6.1%
(5 gpin) 2 0.0233 9 7.9 0.1 29.0 0.0223 4.0% 0.0231 0.7%
Surge 1 0.0447 11.79 22.6 3.0 60.9 0.0435 2.8% 0.0405 9.5%
(10 gpm)2 0.0392 10.85 7.9 0.1 29.0 0.0367 6.3% 0.0357 8.8%

After studying the cases listed above, it is
natural to wonder when, if ever, the normalizing
factor would have a significant effect on the
COD. From the previous plots, it can be seen
that as the crack angle increases, the difference
between the unrestrained and restrained COD
values increases. Referring back to
Figures D.25 and D.27, it is clear that rcOD
values for a half-crack angle of 7d2 are much
smaller than those for a half-crack angle of 7r/8.
Thus, one condition that must be satisfied in
order for the effect of restraint of pressure
induced bending to be significant is the crack
angle (20) must be relatively large. For leak-
before-break analyses, this is most likely for
smaller diameter pipe. However, as alluded to
earlier, the LID analysis developed as part of this
program is presently limited to pipes with
moments of inertia greater than 10-4 rn
(240 inch4). It can be readily shown that the
pipe diameter must be at least 10-inch,
regardless of pipe schedule, for this condition to

be satisfied'.' While the pipe schedule for 10-
inch diameter pipe must be at least schedule 80.2
For 10-inch diameter Schedule 160 pipe, the
leakage crack size from a SQUIRT4 analysis,
assuming a relatively low operating stress3 of
0.4Sm (P. + Pb) is only about 40 percent of the
pipe circumference for a (1.0 gpm) leakage
detection system and assuming crack morphol-
ogy parameters for an IGSCC crackO. If the nor-
mal operating loads are higher, or the leakage

1 The moment of inertia for a 8-inch diameter
schedule 160 pipe is 7 x 10'5 in (166 inch 4).
2 The moment of inertia for a 10-inch diameter
schedule 80 pipe is 1o-4 m (245 inch4 ).
3 Ile lower the operating stress, the longer the
leakage crack size from an LBB perspective.
4 The relatively coarse leakage detection limit
(1.0 gpm versus 0.5 gpm) and relatively rough
crack surface of an IGSCC crack versus a
fatigue crack both tend to result in longer
leakage flaw sizes.
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detection system is better (0.5 versus 1.0 gpm),
or if the crack surface is not so torturious (fatigue
versus IGSCC), then the leakage crack size will
be even shorter.

The other condition, besides large crack angle,
that must be satisfied in order for the effect of
restraint of pressure induced bending to be
significant is that the LID parameter must be
small, see Figure D.16. This is more likely to
occur for the stiffer (i.e., larger diameter) pipe.
Thus, the two conditions that must both be satis-
fied for this effect to be significant are to an
extent mutually exclusive, such that for most
practical applications, one can probably ignore
this effect. The only potentially significant
applications where one may want to consider
this effect is very small diameter pipe, less than
6- or 8-inch diameter. However, as noted pre-
viously, for these small diameter piping systems,
the LID analysis proposed herein that is based
on rotational stiffness is not valid, or cases
where one is considering a postulated crack at a
location where the piping system attaches
directly to a vessel, e.g., where the surge line
connects to the pressurizer. However, that case
was analyzed as one of the 18 locations already
considered (Surge 2) and the effect on the COD
was shown to be minimal.

D.6 Conclusion

The center crack-opening displacement at the
mid-thickness of a through-wall circumferential
crack in a straight pipe under end-restraint con-
dition can be evaluated using the crack-opening
displacement of the corresponding unrestrained
pipe and the normalizing factor derived in this
program.

restrained pipe. The validity of these analytical
expressions has been examined using the COD -

results from the Round-Robin-FE analyses
conducted previously in the BINP program, see
Appendix 1.

In order to apply these equations in a practical
manner, it was necessary to express the restraint
length (LID) in terms of another variable which
was more easily calculable. Equations were
developed relating the restraint length to the pipe
stiffness. The results from these equations
match closely with the previous LR/Dm
parametric equations, thus validating their
accuracy. The expressions for the normalizing
factor and the restraint length in terms of pipe
stiffness are semi-empirical in nature, and -

should be used within the range which the
expressions were derived.

In terms of practical application, it appears that
effect of restraint of pressure-induced bending is
negligible in PWR primary piping. Unless the
tolerable leak rate is so large that the normal
-operating crack approaches 180 degrees, the
effect of restraint of pressure induced bending
on COD is not a factor.
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APPENDIX E

DEVELOPMENT OF FLAW EVALUATION CRITERIA
FOR CLASS 2, 3, AND BALANCE OF PLANT PIPING



The existing flaw evaluation criteria embodied
in Section XI of the ASME Boiler and Pressure
Vessel Code are for Class 1 high energy piping
systems. Currently, no such criteria exist for
Class 2, 3, and Balance of Plant (BOP) piping,
even though some of these systems are being
inspected more frequently due to increased
inspection requirements in the ASME Code. It
is also important to note that some of these
Class 2 and Class 3 piping systems are more
important relative to plant risk from a core
damage perspective than some Class 1 piping
systems. As such, criteria to evaluate flaws
found during these inspections are needed.

The main technical differences between Class 1
piping and Class 2, 3, and BOP piping are that
(1) the Class 2, 3, and BOP piping may operate
at lower operating pressures, and thus may be
fabricated from thinner pipe with higher R/t
ratios, and (2) they may also operate at lower
temperatures than Class I piping.

E.1 Effect of Pipe R/t Ratio on Pipe Fracture

As mentioned above, Class 2, 3, and BOP piping
systems typically operate at lower pressures and
thus are fabricated from thinner pipe, i.e., pipe;
with higher R/t ratios. The higher R/t ratios can
influence the pipe fracture behavior under
LEFM, EPFM, and limit-load conditions. As
part of this effort, the effect of R/t ratio on all
three potential failure modes was to be
investigated.

E.1.1 Effect of Pipe Rit Ratio on the Elastic
F-Functions (LEFM)

The crack driving force under linear-elastic frac-
ture mechanics (LEFM) conditions is typically-;
expressed in terms of the stress intensity factor
K. The expression for K is: ' - ;

K =Fag - (X1

where,

K = stress intensity factor,

F = Elastic F-function,

a = remote applied stress, and

a = crack size.

Currently, for Class 1 piping, Section XI limits
the applicability of the F-functions they report to
pipes with R/t ratios of less than 15. While this
limitation is acceptable for Class I piping, it is
too restrictive for Class 2, 3, and BOP piping
which typically are fabricated from pipes with'
much larger R/t ratios. In order to address this'
limitation, researchers working for The
Materials Property Council (MPC) in this '
country (Ref. E.1) and researcheisat CEA in
France (Ref. E.2) have developed an extensive
database of numerical solutions for F using the
finite element method for a variety of pipe and
flaw geometries (flaw depth (aht) and flaw length
[c/a or Oht]), pipe R/t ratios, and crack location
and loading conditions (i.e., internal flaw loaded -
in tension, internal flaw loaded in bending,

, external flaw loaded in tension, and external
flaw loaded in bending). The flaws in each case
were oriented in the circumferential direction.
As part of this effort in the BINP program, these
tabulated numerical results were curve fit to a
series of mathematical expressions, with the goal
of including these mathematical expressions into
a code type document. -

For the case of an internal surface crack loaded
in tension, the equation for F (Fl') at the deepest
point along the crack was found to be:

o_- , .. .- o : . -
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F(t a, Q i) =[S3Q(.) +S2(a)" +S~t-InR+S2][

For the case of an internal surface crack loaded
in bending, the F function (FB) at the deepest
point along the crack was:

In-+In--In-+In rI+S4
t 7r t J

(E.2)

FR a, ) =Sn R+
t t 7Z t

S3 (It )3 + SI(!, ) + S2(j

t)l In R +S2 InR+Ino-lna+ln + S4
t I )r t T1I

(E.3)

For the case of an external surface crack loaded
in tension, the F function (FT) at the deepest
point along the crack was:

F(R, a * ) = [S3(a)2 + (5 In-R+ 52)(-) +S2 I[nR+ In t-ln a+ In=] +54

Finally, for the case of an external surface crack
loaded in bending, the F function (FB) at the
deepest point along the crack is:

F(, fa, [ 3(t) +S2() +S ( a--In-+Ini+4

(E.4)

(E.5)

The above expressions are valid for

R
5 < - < 100,

t

0<-a<0.8,
t

C
0< - <16

a

where, the crack length expression (c/a) can be
expressed in terms of (Oln) using the
relationship:

conservative assessment with respect to the
tabular data from the finite element analyses.
Table E.1 provides both the best-fit and 15 per-
cent conservative values for these curve fitting
coefficients.

Figures E. 1 through E.3 illustrate how the best
fit curve fitting equations compare with the
numerical results developed at CEA (Ref. E.2).
Each of these figures is for the case of an inter-
nal circumferential surface crack loaded in bend-
ing. Figure E. 1 compares the best-fit curve fit
F-function expression with the CEA tabulated
data as a function of the R/t ratio for various
crack lengths (c/a values) for a constant flaw
depth of a/t = 0.4. Figure E.2 compares the best-
fit expressions with the tabulated data as a func-
tion of crack length (c/a) for various R/t ratios
for a constant flaw depth of a/t = 0.4. Figure E.3
compares the best-fit expressions with the tabu-
lated data as a function of crack depth (a/t) for
various crack lengths (c/a values) for a constant
R/t value of 20. In each case, one can see that
the agreement between the best-fit expressions
and the tabulated data from the finite element

(C) = (. t ) ( t)(a)
(E.6)

As part of this effort, the curve fitting coef-
ficients S I, S2, S3, and S4 were developed for
each flaw location and each loading condition.
Coefficients were developed for a best-fit
through the data as well as developing a set of
coefficients that would result in a 15 percent

E-2



Table E.1 Best-fit curve fitting coefficients and 15 percent conservative curve fitting
coefficients for various crack locations and loading conditions

Best-fit coefficients - 15 percent conservative coefficients
- Internal Flaw Loaded in Tension (FT)

SI_ - 0.0919 -. 0.1057
S0.1517 -... 0.1744
S30.4057 -0.4665
S4_ 0.7066 0.8125

Internal Flaw Loaded in Bending (Fa)
SI 0.0328 0.0377
S2  0.1645 0.1891
S30.0292 0.0336
S4 0.5529 0.6358

External Flaw Loaded in Tension (FV) - - -

SI 0.0286 0.0329
S2 0.1529 ' 0.1759
S3 0.8527 0.9806
S4 0.6847 - 0.7874 - -

. External Flaw Loaded in Bending TB) -

SI 0.0864- 0.0993
S2 0.1781 0.2048
S3  0.6988 0.8036
S 4 0.6670 0.7670

C0 ,

C

0 20 40 60 s0 100 120

.- - R/t Ratio

Figure E.1 Comparison of best-fit curve-fit expressions for F with numerical
results from finite element analyses as a function of R/t ratio for

various crack lengths for a constant crack depth of a/t = 0.4
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Figure E.2 Comparison of best-fit curve-fit expressions for F with numerical
results from finite element analyses as a function of crack length for

various Rl/t ratios for a constant crack depth of a/t = 0.4

2.5

0
0

U.
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Crack Depth (alt)

Figure E.3 Comparison of best-fit curve-fit expressions for F with numerical results
from finite element analyses as a function of crack depth for

various crack lengths for a constant R/t ratio of 20
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analyses is quite good. Similar agreement was
seen for the other flaw location and loading con-
dition combinations, e.g., external flaws sub-
jected to tension loading.

Of note from Figures E. 1 through E.3 is the fact
that the F-functions do not appear to be that
sensitive to R/t ratio, especially once the R/t
ratio gets larger than about 20. For the same
size flaw, one can see from Figure E. 1 that the
difference in F between the value of R/t = 20
and Rt = 100 is at most 15 to 20 percent.

One limitation associated with this analysis,'is
that both the MPC data (Ref. E.1) and the CEA
data (Ref. E.2) are limited in that they do not
consider the case of very long cracks. The limit
on c/a values for the MPC data set is 32 and the:'-
limit on c/a values for the CEA data set is 16. - If
one considers a crack in a pipe with an R/t ratio-,
of 40 that is one-fourth of the pipe circum-
ference in length and one-half of the pipe wall.
thickness in depth, it can be seen through simple '
mathematical m'anipulation'that the c/a value is
20n, which is about twice the limit of the MPC',
data set and four times the limit of the CEA data'
set. The good news however, is that the
F-function values are starting to level off to a,!
near constant value for these longer crack
lengths, see Figure E.2. Consequently, it may be,
possible to'simply extrapolate the value for the
F-functions at these higher c/a values.

The results of these efforts have been presented:'
to the ASME Section XI Pipe Flaw Evaluation'
Working'Group for consideration for possible '
incorporation into a future edition of the 'ASMEE
Code. '

E.1.2 Effect of R/t Ratio on Elastic-Plastic
Fracture Mechanics (EPFM) Analyses ,

E.1.2.1 Existing J-Estimation Schemes - The
J-estimation schemes for suiface-flawed pipes
have elastic and plastic contributions.' The elas- '
tic solutions are known since there are'tabular" -

elastic F-functions for global bending and axial
tension available in the literature. Furthermore,'
these tabulated values have been curve fit to
simple mathematical expressions as discussed'
above.

The elastic-plastic contributions to J are more
difficult to establish. During past NRC pro-
grams on piping, several circumferential
surface-cracked-pipe J-estimation schemes were
developed for Class 1 piping where the Rlt ratios
were less than 15. These estimation schemes are
available in the NRCPIPES computer code,
Ref. E.3. The surface-cracked pipe'J-estimation
scheme options in NRCPIPES are designated by
the following procedures:

* SC.TNP1 and SC.TNP2,

* SC.TKPI and SC.TKP2, and

* SC.ENG1 and SC.ENG2.

The differences in these solutions are briefly
noted below.

* SC.TNP1 is the original SC.TNP solu-
tion by Ahinad in NUREG/CR-4872,
Ref.E.4. This analysis used the
360-degree GE/EPRI surface-crack
h-functions with a thin-shell assumption
in estimating the circumferential finite
length surface flaw h-functions for pipes
in bending.

* SC.TNP2 is a modification by Rahman
in NUREG/CR-6298, Ref. E.5' This
was a modification to the Ahmiad solu-

- tion where the distance from the crack
plane to the point where the stress
matched that of the uhnflawed pipe was
modified. This length has been cali-
brated against numerous finite element
(FE) analyses. -The original assumption
in the Ahmad SC.TNP solution'
(SC.TNP1) was' that this distance was
equal to the pipe thickness'.' Rahman
found that this distance (Lw) was equal
to the pipe thickness (t) times a function
of the material strain-hardening
exponent (n), i.e., Lw = (n-l)*t. This
analysis was limited to pipes with
RIt_ 7.5.

* SC.TKP1 is the original SC.TKP solu-
tion by Ahmad in NUREG/CR-4872,
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Ref. E.4. This analysis used the 360-
degree GE/EPRI surface-crack
h-functions with a thick-shell assump-
tion in creating the circumferential finite
length surface flaw h-functions for pipes
in bending.

* SC.TKP2 is a modification by Rahman
in NUREGICR-6298, Ref. E.5. This
was a modification to the Ahmad solu-
tion where the distance from the crack
plane to the point where the stress
matched that of the unflawed pipe was
modified. This length has been cali-
brated against numerous finite element
analyses. The original assumption in the
Ahmnad SC.TKP solution (SC.TKP1)
was that this distance was equal to the
pipe thickness. Rahnian found that this
distance (Lw) was equal to the pipe
thickness (t) times a function of the
material strain-hardening exponent, i.e.,
Lw = [(n+l)/(2n+l)]t. Again, only pipes
with Rit _ 7.5 were used to develop this
equation.

* SC.ENG1 is an estimation scheme
developed by Rahman for circumfer-
ential surface flaws that parallels the
circumferential through-wall-cracked
pipe estimation scheme of Brust in
NUREG/CR-4853 and
NUREG/CR-6235, Refs. E.6 and E.7,
respecttively. The Brust circumferential
through-wall-cracked pipe estimation
scheme was called LBB.ENG.
Rahman's SC.ENG1 analysis used the
original Net-Section-Collapse limit-load
equations in calculating a parameter,
H(alt), which was equal to the thickness
of the unflawed pipe divided by an
equivalent thickness needed to reach
limit-load conditions.

* SC.ENG2 is an estimation scheme
developed by Rahman for circumferen-
tial surface flaws that also parallels the
through-wall-cracked pipe estimation
scheme of Brust, Refs. E.6 and E.7.
Rahman's SC.ENG2 analysis used the

Kurihara modification of the original
Net-Section-Collapse limit-load equa-
tions in calculating a parameter, H(alt),
which was equal to the thickness of the
unflawed pipe, divided by an equivalent
thickness needed to reach limit-load
conditions. The Kurihara solution
modified the original Net-Section
Collapse equations empirically so they
would be more accurate for short, deep'
flaws, Ref. E.8.

Work done by Mohan and others for validation
of the ASME FAD curve approach in Code
Case N494-2, Ref. E.9, showed that several
investigators obtained the same J versus moment
values using 3D calculations and line-spring
analyses. The' results also showed that the Code-
Case N494-2 was restricted to a maximum Rit of
15 to avoid under predicting the crack-driving
force, see Figure E.4.

E.1.2.2 Objective of the Higher R/t Analysis -
This task involved the development of analyses
to evaluate circumferential surface flaws in
nuclear pipe with radius-to-thickness (R/t) ratios
greater than 15. This effort used the finite ele-
ment method to assess the crack-driving force-
for higher Rit pipe. The results were then com-
pared with existing estimation schemes available
in the NRCPIPES computer code. The objective
was to determine if a correction could be applied.
to one of the schemes available in NRCPIPES to'
obtain a more accurate estimation of the J versus
moment behavior for higher values of Rit, rather
than to develop a new J-estimation procedure
that required a separate option to be pro-
grammed into NRCPIPES. This was a less
costly option to stay within budgeting
restrictions.

E.1.2.3 Approach - The first part of this task
was to generate J versus bending moment curves
for pipes with internal circumferential surface
flaws with or without internal pressure. The
surface flaws were centered in the plane of the
bending on the tension side of the pipes. The
J values were taken at the mid-length of the sur-
face cracks, i.e., the location with maximum
nominal tension stress. The bending moment
was generated by application of a rotational
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displacement to a cross-sectional plane of the
pipe far from the crack plane. The location was
a sufficient distance away from the crack plane
to minimize the effects of the loading method on
the behavior of the crack.

The pipe geometry used in the analyses con-
sisted of a fixed mean radius (Rm) of 184.7 mm
(7.27 inches). The pipe wall thickness (t) was
calculated from the R,,/t ratio. For calculations
involving the R,,t ratio, the value of the radius
used in this investigation was always the mean
radius. R./t ratios of 5, 20, 40, and 60 were
considered in the analyses. The results for R.It
of 5 were considered the baseline, since the
NRCPIPES estimation schemes were expected
to yield similar results at this ratio.

The internal circumferential surface crack
geometry was defined by the crack depth-to-
thickness ratio (alt) and the crack length-to-
circumference ratio (0',7). Crack depth ratios
(alt) of 0.25, 0.50, and 0.75 were used in the
analyses. Likewise, crack length ratios (O'n) of
0.25 and 0.50 were used.

The material properties for the analyses were
typical of nuclear piping steels. The modulus of
elasticity (E) was 182.72 GPa (26,500 ksi) and
the Poisson's ratio (v) was 0.3. The stress-strain
relation was assumed to obey the generic
Ramberg-Osgood power-law hardening
equation,

60 ato ) (E.7)

where ao and e0 = o,/E are the reference yield
stress and strain, respectively, and a is a dimen-
sionless parameter. The reference stress (Oo)
was 150 MPa (21.8 ksi). From these data, the
reference strain (Eo) was calculated to be
820pLmi/m.

Four sets of problems and the associated geom.-
etry, material properties, and loading conditions
are summarized in Table E.2. The analyses
were conducted using the ABAQUS® general-
purpose finite element code (Version 6.2-1).

Finite Element Geometric Models - The finite
element models were constructed using shell and
line-spring elements. A typical model is shown
in Figures E.5 and E.6. Only one quarter of the
pipe was modeled due to the symmetry
conditions. The shell and line-spring elements
were type S8R5 and LS3S per ABAQUS®D
notation, respectively. There were ten equally
spaced line-spring elements covering the one-
half length crack front in the model. Fourteen
(14) shell elements were geometrically spaced
around the circumference, with smaller elements
in the region adjacent to the crack. The axial
length of the quarter model was 10Dm where Dm
is the mean diameter of the pipe.

Applied Loading - Bending loads were imposed
on the pipe section by applying a rotation at the
far end of the pipe along a plane perpendicular
to the axis of the pipe. In the shell and line-
spring element models, the nodes on the far end
of the pipe were tied to a reference node through
the "*KNEMATIC COUPLING' command
provided in ABAQUS®. The rotational degree
of freedom applied to the reference node was
then transferred to the end of the pipe through
this coupling constraint. The end of the pipe
where the rotations were applied was suffi-
ciently far from the crack plane so that there
were no extraneous effects at the crack surface
due to the loading.

In the cases with internal pressure loading, the
internal pressure and the associated axial load
were applied first. The ends of the pipe were
allowed to freely rotate when the pressure was
applied. The magnitude of the axial load
represented the end cap load from the internal
pressure. The rotational displacement to pro-
duce the applied moment was applied afterward.
There was no pressure applied to the crack face
in the cases with internal pressure loading.

Finite Element Procedure Formulation -
Small-strain formulation was used for all of the
analyses. The Ramberg-Osgood stress-strain
relation of Equation E.7 conforms to the
"*DEFORMATION PLASTICITY" definition
of ABAQUS®; however, the
"*DEFORMATION PLASTICITY" definition
does not work with the line-spring element.

E-8
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Table E.2 Analysis matrix and dimensional and material parameters

Rm/t 5, 20, 40, 60 Rm 184.725 mm E 182.72 GPa Ramberg-Osgood
Ohr 0.25, 0.501 Dm 369.45 mm ao 150.00 MPa_ n
a/ t 0.25 .0.50, 0.75 t (variable) m m EO 0.000821 ao/E__-a__
P(l) 0, P(l) s.t. a(h)=1.OSm Rm=(Do-t)/2 (variable) mm v 0.30 _E_ Co_ oa _

a -C n=5 (n=3, , 10) L >= 1 ODm 3694.5 mm Sm (MPa) 122.5
a=1

_ Thickness Crack Crack Internal Axial Limit
Rmft a/t 8MYr Internal Do t Depth, a Length, a a/s RI=Rm-t/2 Pressure Load I Moment

Pressure (mm) (mm) (mm) (mm) (mm) (MPa) (N) (m-4) (MN-m)
5 0.25 0.25 0 406.40 36.945 9236 145.1 0.064 7.3893E-04 1.3718

Sm 166.25 24.020 1,042,851 1.2852
0.50 0 9.236 290.2 0.032 1.1718

Sm . 1.1718
0.50 0.25 0 406.40 36.945 18.473. 145.1 0.127 1.0935

,,_ Sm _ _. I166.25 24.020 1,042,851 1.0935
0.50 0 18.473 290.2 0.064 . . 1.0189

. . . ; -: Sm : ; _ ., 0.8281
0.75 025 0 406.40 36.945 27.709 145.1 0.191 0.8887

.Sm _ Sm - ; 16625 24.020 1,042,851 0.8887
______ 0.50 0 27.709 290.2 0.095 . 0.4380
. . Sm !,: .,; _ . 0.4380

20 0.25 0.25 0 378.6'9 9.236 2.309 145.1 0.016 1.8302E-04 0.3146
- Sm _ : __, 180.11 6.095 310,542 0.3146

0.50 0 2.309 290.2 0.008 _ - 0.2846
Sm 0.2845

- 0.50 0.25 0 378.69 9.236 4.618 145.1 0.032 0.2649
Sm _ 180.11 6.095 310,542 0.2649

0.50 0 4.618 290.2 0.016 0.1955
_ Sm , 0.1955

- 0.75 - 025 0 378.69 9236 6.927 145.1 0.048 0.2122
Sm 180.11 6.095 310,542 0.2122

_ 0.50 0O 6.927 290.2 0.024 1 0.0954
Sm I 0.0954

:

mAD1



Table E.2 Analysis matrix and dimensional and material parameters (continued)

_____ ___ ____Thickness Crack Crack _________ Internal Axial Urnit
Rrn/t aft OhT Internal Do It Depth, a Length, a a/s RI=Rm-t12 Pressure Load I Moment

Pressure (mm) (mm) (mm) (mm);' ____ (mm) (MPa) (NL (MA4) (MN-m)
40 0.25 0.25 0 374.07 4.618 .1.155 145.1 0.008 ______ 9.1466E-05 0.1253

_________Sm ___ 182.42 3.055 159,675 ____ 0.1566
0.501 0 _____ 1.155, 290.2 0.004 _______________ 0.1414.

__ _ _ _Sm__ _ ___ _ _ __ _ _ _ _ _ _ _ 0.1414
_____ 0.50 0.25 0 374.07 4.618 2.3091 145.1 0.016 _ __ 017

________ Sm I___ ___ 182.42 3.0,55 15,7 0.1317
____ 0.50 0 _____ 2.309 290.2 0.008 _____0.0967

_ _ _ __ _ _SM _ _ _ _ _ _ _ __ _ _ _ 0.0967
_____ .5 0.25 0 374.07 4.618 3.464 145.1 0.024 0.1051

________ Sm ____ 182.421 3.055 159,675 0.1051
____ ___ 0.50 0 _ ___ ___ 3.464 290.2 0.012 0.0464

_ _ _ _SM __ _ _ _ _ _ _ _ _ __ _ _ _ O.D464

60 0.25 0.25 0 372.53 3.079 0.7697 145.1 0.005 _____6.0972E-05 0.0950
_ _ _ _ __ _ _Sm _ _ _ _ _ _ _ _ _ _ _ _ _ 183.19 2.038 107.440 __ _ _ _ 0.1043

____ ___ 0.50 01 ____ 0.7697 290.2 0.003 ____ ___ 0.0942
_ _ _ _ _Sm ._ __ _ _ 0.0942

_____ 0.50 0.25 01 372.53 3.079 1.539 145.1 0.011 __________0.0876

____ ____SMI____ ___ 183.19 2.038 107.440 0.0876
_ _ _ _ _ _ _ 0.50 0 _ _ _ _ _ _ _ 1.539 290.2 0.005 __ _ _ __ _ _ _ _0.0643

__ _ _Sm__ __ _ _ _ 0.0643
_____ 0.75 0.25 0 372.53 3.079 2.309 145.1 0.016 _________ __________ 0.0699

__ _ _ _ ___ _ _ _SM_ _ _ ______ 183.19 2.038 1~07 ___440_ 0.0699
_ _ _ _ _ _ _ 0.50, 0 __ _ _ _ _ _ _ _ 2.309, 290.2 0.008 __ _ _ _ _ _ _ _ _ _ _ _ _ _ _ _0.0307

__ _ __ _Sm I I__ _ _ _ _ _ _ I__ _ _ _ _ _ _ _ __ _ _ _ _ _ _ _ _ 0.0307

Mr

0
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: -Figure ES ̂ A typical model isIng shell and line-spring elements

.;

- .', -

-Figure E.6 Focused view of the shell and line-spring model, looking at the;
cross-sectional plane containing the line-spring'elements
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Therefore, the material properties were defined
by the "*ELASTIC" and "*PLASTIC" com-
mands in ABAQUS®. The first line of the
"*PLASTIC' command defines the plastic flow
stress at zero plastic strain. In the case of the
Ramberg-Osgood stress-strain relation, the non-
linearity starts at zero stress. Strictly speaking,
the first line in the "*PLASTIC' command
would have zero plastic flow stress at zero plas-
tic strain; however, ABAQUS® does not allow
zero plastic flow stress at zero plastic strain.
Consequently, a small finite plastic flow stress
corresponding to zero plastic strain must be spe-
cified. The examination of the analysis results
revealed that the magnitude of this finite plastic
flow stress at zero plastic strain does not affect
the J versus moment relation, provided the initial
flow stress was less than one-third of the
reference yield stress, ao.

E.1.2.4 Analysis Results - The results from the
analyses are presented next.

Confirmation of the Analysis Procedure - To
ensure the quality of the results, it was necessary
to verify that the stress and strain state at the
cracked plane was not affected by the boundary
conditions applied at the far end of the model.
The deformed shell and line-spring model,
shown in Figure E.7, demonstrates that the
cross-section at the far end of the pipe remains
circular. Figure E.8 shows that the axial stress
has the expected circumferential variation. This
variation is independent of axial position for
much of the model, except in the region close to
the crack plane. As expected, the axial stress
redistributes near the crack plane due to the
reduced load-carrying capability along the
length of the surface crack. The deformation
and stress contours of Figures E.7 and E.8 con-
firm that the stress and strain states in the crack
plane are free of end effects.

J versus moment Curves from Finite Element
Analyses - One of the objectives of this task was
to provide J versus moment curves so the J-
estimation schemes from NRCPIPES can be
investigated at higher R./t ratios. This section
compares the J versus moment relationships
generated from the finite element analyses. The
results are plotted in the following figures based

on R,,/t ratios and internal pressure. Figure E.9
shows the results of J versus moment for
R~t =- 5. As expected, the results in Figure E.9
show an increase in the crack driving force as
the crack size, both length and depth, increases.
The plots show a slight difference with change
in crack length and a more significant increase
in the driving force with increase in crack depth.
Likewise, the crack-driving force increases with
the application of internal pressure for the same
crack size.

The results for R.It = 20 are shown in
Figure E.10. These data show similar trends to
the R.It = 5 results; however, the crack-driving
force is significantly greater at the higher R.It
for the same crack geometry. Likewise, these
results show only a slight difference for the two
crack lengths, but a significant difference as the
crack depth changes.

These trends are also evident in the results for
Rnt = 40 and R./t = 60, as shown in
Figures E.lI and E.12, respectively.

Following completion of the finite element
analyses for all the cases in Table E.2, the:
J versus moment data was curve fit using a
polynomial regression. The regression was then
used to normalize the J results from the
NRCPIPES output (Jest) with respect to the J
value from the finite element analysis (Ufe). The
ratio of Jest/ Jfe provides an indication of the
accuracy in the estimation scheme.

J Estimnation Results from NRCPIPES - The
NRCPIPES program was used to investigate the
various J-estimation schemes available for pre-
dicting J versus moment behavior for internal
circumferential surface cracks. The six estima-
tion schemes previously discussed (SCTNP1,
SC.TNP2, SC.TKP1, SC.TKP2, SC.ENGI,
SC.ENG2) were used to generate J versus
moment curves for the cases of R,,/t = 5, 20, and
40 and alt = 0.5, 0/7 =0.25, and Pi = 0. These
corresponded to cases from the BINP Round
Robin 2 problem set, see Appendix L The
results suggested that the SC.TNP2 estimation
scheme produced the best approximation of the
J versus moment behavior for the higher values
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of Rm.t. However, the SC.TNP2 method over
predicted J at lower R.It values (R/t = 5) and
under predicted J at higher R./t values (R/t = 20
and 40), see Figure E.13.

For each of the cases shown in Table E.2, the
NRCPIPES program was run using the
SC.TNP1 J-estimation scheme (Lw = t). The
approach was to run SC.TNP1 (Lw = t) to estab-
lish the relationship between the SC.TNP1 esti-
mation scheme and the FEA results. Then the
Lw parameter was varied as a function of t to
obtain the best agreement with the FEA results.
The results are presented in four groups based
on the R,/t ratio, see Figures E. 14 through E. 17.
For the cases with Ra/t = 5 and no internal
pressure, the SC.TNP 1 results are shown in
Figure E. 14, along with the FEA results for
reference (symbols only). The method provided
reasonable agreement with the finite element
analyses for the larger size cracks (O/7r = 0.50
and alt 2 0.50); however, the estimation method
under predicted the crack-driving force. For the
cases with shallow cracks (alt = 0.25) the esti-
mation scheme was conservative and over pre-
dicted the crack-driving force. For R.It = 5
with internal pressure, the SC.TNP1 results are
also shown in Figure E.14. These results are
similar to those without pressure, except the
crack-driving force is higher for each crack size.
Also, the estimation scheme for the shallow
cracks (alt = 0.25) is no longer conservative
relative to the finite element results.

For the cases with R.It = 20 and no internal
pressure, the SC.TNP1 results are shown in
Figure E.15. All estimation methods provided
non-conservative results with respect to the
finite element analyses for the deeper cracks
(alt 2 0.50). For the cases with shallow cracks
(alt = 0.25), the estimation scheme was conser-
vative and slightly over predicted the crack-
driving force. For R.It = 20 with internal pres-
sure, the SC.TNP1 results are also shown in
Figure E. 15. These results are similar to those
without pressure, except the crack-driving force
is also higher for each crack size. In addition,
the estimation scheme for the short, shallow
crack (0jir = 0.25 and alt = 0.25) is no longer
conservative relative to the finite element
results. However, the long, shallow crack (/er =

0.50 and alt = 0.25) showed excellent agreement
with the finite element analysis.

The cases with R.It = 40 and R,/t = 60 showed
trends very similar to those where R.It = 20.
The primary difference is that the crack-driving
force increases as the R./t ratio increases, for
each crack size. The J versus moment curves for
Rnt = 40 with and without internal pressure and
Rn/t = 60 with and without internal pressure are
shown in Figures E.16 and E.17, respectively.

E.1.2.5 Correction Factor Lw for SC.TNP -
The SC.TNP (SC.TNP1 and SC.TNP2) estima-
tion scheme allows the use of a correction
parameter (Lw) to obtain better agreement with
finite element analyses for particular geometry
and material inputs. It has been shown that the
length parameter provides a reasonable correc-
tion when related to the pipe thickness for a
material with a strain-hardening exponent
between 3 and 10 (Ref. E. 10). It was decided
*that the SC.TNP method and the Lw parameter
would be investigated as a correction mechan-
ism for higher R.It pipe analyses.

The matrix of analyses was previously shown in
Table E.2. The NRCPIPES code was run for
each of these cases using values of Lw = CI*t.
The value of the coefficient CI was determined
such that J from the estimation scheme (Jest)
was within 10 percent of the J value from the
finite element analysis (Jfe) for the range of
J values representative of nuclear piping materi-
als, (i.e., 88 < J < 350 kJ/m2 [500 < J < 2000 in-
lb/in2] for stainless steel welds or carbon steel
pipe or welds where EPFM is expected). At
these J levels, the total J was dominated by
1plastic, so that inaccuracies in the Jelastic term
in the NRCPIPES code are insignificant. For
comparison purposes, the cases were placed in
four groups based on crack length and internal
pressure. Within these groups, the results are
compared with respect to R,,/t ratio and crack
depth-to-thickness ratio (alt).

The coefficient Cl is plotted as a function of
R.It and a/t in Figure E.18 for the cases where
the crack length, 0G' was 0.25 and there was no
internal pressure on the pipe. The values of Cl

E-18



2

1

1

2
-01

4C

.0 -

.8 -

.6-

.4 -

.2 -

.0 -

.8 --

.6 - _

.4 - _

.2 - :

.01
0.0 0.2 0.4 0.6 0.8 1.0 1.2 1.4 1.6

Moment (MN-m)

Figure E.13a J versus moment from FEA and NRCPIPES J-estimation schemes for
Rm/t = 5, a/t= 0.5 and Oln = 0.25

1.8

'.0 _-

.8

.6

.4 -

.2 -

.0 -

1.8

).6

0.2 0.3

Moment (MN-m)

0.5

Figure E.13b J versus moment from FEA and NRCPIPES J-estimation schemes for
Rm/t = 20, aft = 0.5, and 0/n = 0.25

E-19



- Xl

2.0 -

1.8

1.6

E 1.2

-a 1.0

= 0.8

0.6 -..-

0.4 --

0.2 _

0.0 *
0.00 0.05 0.10 0.15 0.20 0.25 0.30

Moment (MN-m)

Figure E.13c J versus moment from FEA and NRCPIPES J-estimation schemes for
Rmat = 40, at= 0.5 and 6/n = 0.25

E-20



2.0

1.8 AASCNP-252s - . .
. 0 rtO5at25cc50

1.6 -- SCTNP-2550
t ur15at50cc25

1.4 - h SCTNP-5025

E 1.2 A rtO5atSOcc5O _ . 7 o__/
A SCTNP-5050 - A/

1.0 8 0 rtO5at75cc=25 = 0 A __

-- SCTNP-7525 - - , A.
'P 0.8 U rtOWa75cc5O A

-~ 0.6 -SCTNP-7550
0.6 - 13 t 7

0.4-

0.2

0.0

0.0 0.2 0.4 0.6 0.8 1.0 1.2 1.4 1.6 1.8

Moment (MN-m)

2.0 -
O rtOWat25cc25p *.

1.8 - SeCTNP-2525 A A O _ .
* rtO5=5=50p A A

1.6 + SCTNP-2550 A

A rtO5at50cc25p 0 A /
1.4 -_ _ _ _

1. SCTNP-5025 A
E 1.2 A rtO5at50cc50p '

A SCTNP-5050 0. A
s;,1.0 0 rtO5at75ce25p AL'_____ - A

SCTNP-7525, .

0.8 * rtO5at75cc50p -L O
_ SCTNP-7550 A

0.6

0.4-

0.2-

0.0 __1_6____

0.0 0.2 0.4 0.6 0.8 1.0 1.2 1.4 1.6 1.8
iMoment (MN-m)

Figure E.14 J versus moment from FEA (symbol) and the SC.TNP1 analysis in NRCPIPES
(symibol and line) for Rc i/t 5 and all alt and Ohr values investigated.

-(Top) no internal pressure (Bottom) internal pressure
(Notatiii as previously described)

E-21



I1

2.0 I T I

1.87

1.6 -

1.4 +

E 1.2-
E2-

*0 1.0 -

0.
I? 0.8 -

O rt2Oat25cc25

e SCTNP-2525

* rt2Oat25ccSO

- SCTNP-2550

A rt20atSOcc25

-A SCTNP-5025

A rt2OatSOccSO

-&SCTNP-5050

o rt2Oat75cc25

E6-SCTNP-7525

* rt2Oat75cc50

-U* SCTNP-7550

A

xE3

E3

a n3 /77IX

04

U X

0.6 +
I
IO i

13 )O / ,4�-0.4

0.2 1/ 4
_

1-- W* H A60_~
_

a

0.01 B_
0.0 0.1 0.2 0.3 0.4 0.5 0.(

Moment (MN-m)

2.0-
O rt20at25cc25p

1.8. O SCTNP-2525
* rt20at25cc50p a P

1.6. -- + SCTNP-2550

1 - A rt2Oat50cc25p _ _ l_____II

1 SCTNP-5025 *
A rt2Oat5Occ50p _________/_:1.2 -
A - SCTNP-5050

1.0 - rt20at75cc25p -

* -2- SCTNP.7525

* 0.8 - rt20at75cc5Op

-C- SCTNP-7550
0.6

0.4

0.2 [

0.0
0.0 0.1 0.2 0.3

Moment (MN-m)
0.4 0.5 0.6

Figure E.15 J versus moment from FEA (symbol) and the SC.TNP1 analysis in NRCPIPES
(symbol and line) for RmI/t = 20 and all a/t and 0/n values investigated.

(Top) no internal pressure (Bottom) internal pressure
(Notation as previously described)

E-22



2.0

1.8

1.6

1.4

E1.2

la 1.0

0.
Y 0.8

0.6

0.4

0.2

I0.0
' 0.0

O rt40at25c25

O SCTNP-2525

* rt40at25a 50

-- * SCTNP-2550

A rt40at50co25

A SCTNP.5025

A rt40at50cc50

A SCTNP-5050

Cl r40at75cc25

O SCTNP-7525

* rt4Oat75co50

-_-SCTNP-7550

U.

U
-I-

.o T3 r 9-t
o /'1 ' 11 /1/ - .-

io I A §7 ,, //, I,

_ :1 / I 1/= El fZ,
03~

-. 0

so I

-A/o/
>11 / 1

MO UE1Ehl
0 0.05 0.10 0.15 , 0.20 025 0.30 0.35

-,,Moment (MN-m)

2.0

1.8

. . 1.6-

1.4*

O rt40at25cc25p

- SCTNP-2525

... : rt4Oat25cc50p
- SCTNP-2550

A *rtiOatSOco25p

* SCTNP-5025

* rt44a=50cc50p

- SCTNP-5050

O 0 rt4Oat75cc25p
-B-SCTNP-7525

- rt4Oat75cc50p
-_--SCTNP-7550

03

. , . ,, , -

. 1
f .1

g1.2

.; 1.0*

Y 0.8*

0.6 -

0.4

0.2

0.0F

3 It -// /

Li . I

_ 
.

I

- 0.00 0.05 0.10 0.15 ; 0.20

z-. -Moment (MN-m)

0.25 - 0.30 -0.35

Figure E.16 J versus moment from FEA (symbol) and the SC.TNP1 analysis in NRCPIPES
(symbol and line) for RmIt =40 and all a/t and Oln values investigated.

(Top) no internal pressure (Bottom) internal pressure
(Notation as previously described)

E-23 - .



2.0

1.8 4

1.6 4

1.4 J

O rt6Oat25cc25

- SCTNP-2525

* rn6at25cc50

+ SCTNP-2550

A r6Oat50cc25

A SCTNP-5025

A n60at5occ50

- SCTNP-5050

O n6Oat75cc25

OS SCTNP-7525

* rt6Oat75cc50

_ *SCTNP-7550

C1

NO 7 zf t I1?

N0 13 ! /E1.2

2
_ 1.0-

0.
I?0.8 -

0.6

0.4

0.2

*0 /I
-P/ J4m w 0/

. _

U.U - .-

0.00 0.05 0.10 0.15

Moment (MN-m)

0.20 0.25

Z- ,.

1.8-

1.6-

1.4 -

O rt60at25cc25p

-6- SCTNP-2525

* rt6Oat25ac50p

-.- SCTNP-2550

A rt6Oat5Occ25p

- A SCTNP-5025

A rt60at50ccSOp
-*SCTNP-5050

O rt60al75cc25p

-6 SCTNP-7525

* rt6Oat7Scc5Op

-U-SCTNP-7550

* T f tr1 t I F
0 _ _ _ _

*o if/ ___ t
, I , , ,

N
03

1.2-

V.0-

0.

*0 /i // / /7
D.0! I I I I I_ _ _

EI-/Z 'ZI --I/ 'deep/
0.2

. _ _ __0.0

0.00 0.05 0.10 0.15 0.20 0.25
Moment (MN-m)

Figure E.17 J versus moment from FEA (symbol) and the SC.TNP1 analysis in NRCPIPES
(symbol and line) for Rm/t = 60 and all a/t and Ohx values investigated.

(Top) no internal pressure (Bottom) internal pressure
(Notation as previously described)

E-24



20

Cl

0 V-0

t/t

Figure E.18 Length-correction coefficient (Cl) as a function of Rm/t and
- a/t for e/i = 0.25 and no internal pressure

as a function of R./t and aft are shown as circu- maximum at aft < 0.75, as the rate-of-change of
lar data points. A Gaussian regression was pert - -CI decreases at greater crack depths. This trend
formed on these points to yield the surface plot was not evident in the plot of Figure E. 18 for the
shown in Figure E.18. This figure shows that . shorter crack length.
the correction coefficient Cl increases slightly '
as the crack becomes deeper for the R./t = 5 Figure E.20 shows the plot of Cl as a function
case and remains relatively constant at the shal-' of Rm/t and a/t for the cases where the crack
low crack depth aft = 0.25 for the range of RIt length, Ohr, was 0.25 and internal pressure was
values analyzed. However, the coefficient - - applied to the pipe. The trends 'are similar to the
increases significantly as both R,/t and aMY previous surface plots, with the coefficient Cl
increase. - increasing as both R,/r and aft increase. Also,

- the value of CI is relatively constant for the
Figure E. 19 shows the plot of C1 as a function. shallow crack (aft = 0.25) at all values of R.Wt
of R,,t and alt for the cases where the crack and for R./t = 5 at each crack depth. Likewise,
length, OMr, was 0.50 and there was no internal--- the shape of the regression surface suggests that
pressure on the pipe. This plot shows that the .- the value of Cl, as a function of R.pt, reaches a
correction coefficient Cl increases and then - maximum at alt < 0.75, where the rate-of-
decreases as the crack becomes deeper for - change of Cl decreases with increasing crack
Rn/t = 5 and remains relatively constant at they ;- ' depth.
shallow crack depth alt = 0.25. Again, the coef-' ^
ficient increases as both R./t and aft increas'e';' The last group of results is shown in Figure E.21
however, the corresponding increase in the value for a crack length, 0Mr, of 0.50 and internal pre-
of Cl is much less for the longer'crack length,' ? ssure applied to the pipe. Again, the value of Cl
compared to the results in Figure E. 18. The.. 'C - - increases as both R,,/t and alt increase. This
shape of the regression surface suggests that the ̂ : plot also suggests a maximum value of Cl
value of Cl, as a function of Rm4t, reaches a occurs at crack depths less than aft = 0.75.
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Figure E.20 Length correction coefficient (Cl) as a function of Rm/t and
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Figure E.21 Length correction coefficient (Cl) as a function of Rm/t and
aft for 0/r = 0.50 with internal pressure applied to produce

a longitudinal stress equivalent to Sm/2

J Versus Moment as a Function of n- In the crack size, length and depth, increased for a
addition to the previous results, a brief analysis given pipe geometry. In addition, the crack-
was conducted on the influence of the material driving force was greater for the pipe and crack
strain-hardening exponent on the J versus geometries that were subjected to internal pres-
moment relationship for one pipe geometry. sure. As the radius-to-thickness ratio (R 1/t)
The analysis was conducted using the pipe increased, the crack-driving force also increased,
model with R,/-=S and a flaw geometry of a/t :' as expected.
= 0.5 and 0/;rO= 0.50. There was no internala t t p .F The initial analyses of the various J-estimation
pressure applied to the pipe. Figure E-22 shows, cee vial~nNCIE hwdta
the J versus moment results from both the finite' schemes available in NRCPIPES showed that

- the SC.TNP2 and SC.ENG2 estimation schemes
element analyses, the lines with symbols, and p
the SC.TNP2 analysis in the NRCPIPES code -- produced conservative results compared with theh finite element analysis for R,,/t = 5, i.e., the
where the Lw term for the SC.TNP2 analysis has - - analysis overpredicted the FEA J values. The
been multiplied by a value of Cl that results in - -oterscs produced no-cnervatie
an acceptable match (within 10 percent) with the estimations, see Figure E.13a. However, for the
FEA results, lines only'. The results indicate' a_ :- . -, ,_ .higher R./t pipe, all of the estimation schemes
linear increase in the value of the coefficient C : - - hin NRCPIPES produced non-conservative
as a function of increasing strain-hardening - - results for the model with a crack-depth of
exponent between n =3 and n 10, see
Figure E.23. -at = 0.5 and a crack length of 0er = 0.25. (The

.- one exception is that the SC.TKP analyses were
E.1.2.6 Discussion - The J versus moment rela- - t very conservative for the Rh = 40 case. This
tions from the finite element analyses shown in estimation scheme (SC.TKP) is known to have
Figures E.9 thorugh E.12 are typical of those for , significant problems outside the range for which
circurmferentially surface-cracked pipe. As ' the influence functions' GN were developed,
expected, the crack-driving force increased as 5 < Rt < 20, Ref. E.5). These analyses were
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conducted for a material with a strain-hardening Within the bounds of the pipe and crack geome-
exponent of 5. try parameters investigated, the coefficient Cl is

used to calculate the NRCPIPES reference
Consequently, the Lw parameter within the length input parameter Lw as Lw = Cl *t, where t
SC.TNP method was used to calculate a correc- is the thickness of the pipe. The use of this
tion factor for estimating the J versus moment parameter in the SC.TNP estimation scheme has
response of higher R.It pipe. The Lw input been shown to produce a J versus moment.
parameter to SC.TNP was calculated as a func- response within ±10 percent of the results from
tion of the pipe thickness, t, as Lw = Cl*t. For the finite element analysis using the line-spring
the various pipe and crack geometries, the and shell element model previously described.
values of CI plotted as a function of R&It and_
ait generated the surface plots shown in - Figures E.24 through E.27 show comparisons of
Figures E.18 through E.21. A Gaussian - the J versus moment results from the revised
regression analysis of the surface produced a SC.TNP analysis (Lw = Cl*t; closed diamonds
relationship of the form shown in Equation E.8.. ' in the figures) with FEA results (open diamonds)

from Figures E.9 through E. 12 for the case of a/t
.2 R. .2 - = 0.5, Mcrr = 0.25, no internal pipe pressure, and

- X 0 j* 7`t + t R/t = 5, 20, 40, and 60, respectively. The same

b c -material property data as prescribed in Table E.2

Ci = c1 * exp -' -~ * ;- that were used in the development of the FEAfresults for Figures E.9 through E.12 were used
for these SC.TNP analyses. It can been seen

(E.8) from these figures that the revised SC.TNP
analysis using the revised reference length

The results of the regression analyses for the parameter (Lw = Cl*t) does an excellent job of
four surfaces shown in Figures E. 18 through matching the FEA results for the same test cases
E.21 are summarized in Table E.3. Note, the for all values of R/t ratio. In fact, the agreement
coefficients prescribed for Equation E.8 in . between the SC.TNP results and the FEA results
Table E.3 were developed for the case where the is near perfect at the higher R/t ratios (R/t = 40
strain hardening exponent (n) was 5. Hence, - and 60). As a check for other cases, a second
Equation E.8 using these coefficients is only analysis was conducted for the case of the longer
valid for this case, n=5. Budgetary constraints : but shallower crack (O/T = 0.5 and a/t 0.25),
precluded the development of these coefficients ' R/t = 40, and an internal pipe pressure of
for other values of the strain hardening expon- 3.055 MPa (equivalent to 0.5 S.). The results of
ent. However, for most nuclear grade pipe ' that comparison between the revised SC.TNP
materials, whether they be carbon or stainless analysis and the FEA analysis are shown in
steel, the value of n will be close to five such Figure E.28. As can be seen from that figure,the
that this limitation was not deemed to be that - - agreement is still quite good for this other case.
great.

Table E.3 Sufce regression coefficients

G'r= 0.25 0ir= 0.50' Ozr = 0.25 0'ir= 0.50
Coefficient Pi = 0 Pi =0 Pi = f(Sm) Pi = f(Sm)

a, 18.8942 5.02094 25.1609 3.69173
b 0.193618 0.199894 0.198097 0.231661
c 29.009 36.4407 31.7623 46.5544

X_ 0.752846 0.665584 '' 0.68709 - ' 0.60135
YO 59.2929 ' 58.0279 63.3041 - 61.7603
R 0.9934 0.9841 - - ---- 0.9885 0.9018
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Consequently, Equation E.8 could be used in a
spreadsheet analysis, where that value could be
used in the existing SC.TNP analysis in the
NRCPIPES code (Version 3.0). It should be
noted that this would produce a more accurate
solution for the crack-driving force. The mater-
ial resistance, however, will be underestimated
when using a typical L-C orientated specimen.
This would be due to anisotropy and constraint
issues, which are not addressed in this report.
The anisotropy and constraint aspects could
cause the actual surface-cracked pipe fracture
resistance to increase by a factor of 3 to 5.

Finally, it should also be noted that there is
evidence from the large strain analysis of Miura
(see the results for the Second Round Robin in
Appendix 1), that for cases where R.It = 40 or
greater there may be localized buckling that was
not captured by the small-strain analyses
required to be used with line-spring elements.
The localized buckling gives lower failure loads;
hence, this estimation procedure may over-
estimate the maximum loads in those cases. The
precise limits on this estimation procedure have
not been explored in this work.

E.13 Effect of R/t Ratio on Limit-Load
Analyses

As part of the Degraded Piping (Ref. E. 10) and
Short Cracks (Ref. E.7) programs it was found
that the pipe R/t ratio had an effect on the load-
carrying capacity of surface cracked pipe that
failed under limit-load conditions, see
Figure E.29. As can be seen in this figure, for
relatively small diameter (6- to 16-inch
diameter) pipe experiments with surface cracks
in the base metal of relatively high toughness
stainless steel pipes which should have failed
under limit-load conditions, the ratio of maxi-
mum experimental stress to the Net-Section-
Collapse (Ref. E.1 1) decreased as the pipe R/t
ratio increased. This was attributed to
ovalization effects as the pipes ovalized during
bending such that the effective moment of
inertia (i.e., bending resistance) decreased more
for the thinner pipes tested.

The experimental data available from
References E. 10 and E.7 are limited to R/t ratios
less than 20. For Class 2, 3, and Balance of
Plant piping, the R/t ratios may be significantly
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greater than 20. As such one of the original
objectives of this overall effort was to develop
additional experimental data for the case where
the R/t ratio approached 40 to 50. However,
during the course of this program it was decided'
to eliminate the proposed effort from the work '
scope due to the limited resources available.
The cost to conduct the single experiment
proposed was deemed to be prohibitive in light
of the available funding available.

E.2 Effect of Lower Operating- :
Temperatures for Class 2, 3, and BOP
Piping on the Transition Temperature
Behavior of Ferritic Pipes

The ASME Section XI pipe flaw evaluation
criteria only apply to Class 1 piping. There is a
desire in the industry to expand the Code pro-.
cedures to Class'2, Class 3, and balance-of-plant,
(BOP) piping. Most of this piping is ferritic
material. Oftentimes these pipes operate at 'I i;..
lower temperatures. The current Appendix H
ferritic pipe flaw evaluation procedures in
Section XI of the ASME Boiler and Pressure-
Vessel Code currently requires that for pipe -
operating below 93 0C (200 0F), the use of a linear

elastic fracture toughness value of -;

J.Ic =45 in-lb/in2 (KIc = 35:5 ksilin) be used,
Ref. E.12. This toughness is equivalent to
lower-shelf brittle fracture toughness behavior.
Hence, a key question to be' addressed is to
determine if ferritic pipe with a surface crack
actually exhibits brittle fracture initiation
behavior at lower operating'temperatures. If
upper-shelf behavior for the start of ductile tear-
ing can be demonstrated for all commonly used
nuclear ferritic piping steels, then the flaw
assessment rules can be- simplified,' and there
will be larger flaw size tolerances.. This work
could lead to a simplified method to assess if
upper-shelf flaw assessment rules can be
extended tobClass 2/3/BOP piping at lower
operating temperatures.-.

The objective of this effort was to develop an
initial procedure to assess the lowest tempera-
ture that ductile fracture initiation behavior
might be expected for a'surface crack in ferritic
nuclear grade pipe. This involves a methodol-
ogy to account'fofconstraint effects on the duc-
tile fracture initiation-temperature and relating
that back to Charpy impact data for typical fer-
ritic pipe 'materials. -This draft procedure could
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then be the basis for future validation tests. If
found to be reasonable, then this procedure
could be used in the ASME pipe flaw evaluation
procedures as a screening criterion to determine
if LEFM or EPFM fracture will occur.

E.2.1 General Methodology

There are two main differences between Class 1
and Class 2/3/BOP piping. As previously
discussed, Class 2/3/B0P piping has a higher
ratio of pipe diameter-to-thickness than Class 1
pipe. Therefore, new F-functions and elastic-
plastic fracture mechanics (EPFM) solutions are
needed. (See prior discussions earlier in this
appendix.) Also, Class 2/3/BOP piping operates
at lower temperatures. Past results, primarily
from the oil and gas industries, show that the
constraint effects of surface cracks in ferritic
pipe under global bending or pressure loading
may result in a significantly lower brittle-to-
ductile transition temperature than for a through-
wall crack in the pipe or from standard C(T) or
Charpy tests results.

There are three optional approaches that can be
taken to determine the lowest temperature where
ductile fracture occurs. These are;

* Option 1- Use a specimen that closely
simulates the constraint conditions and
anisotropy that exists for the surface
crack in a pipe. As will be shown later,
it is believed a fixed-grip single-edge-
notched tension (SENT) test with the
crack growing in the radial direction,
i.e., L-R orientation for a circumferen-
tial surface crack and C-R direction for
an axial surface crack, has the same con-
straint conditions as a surface-cracked
pipe. Although there are some test data
to support this approach, validating pipe
tests should be conducted.

* Option 2 - Use standard C(T) specimen
test data with a correction for constraint
effects on transition temperature and
upper-shelf toughness, or

* Option 3 - Use Charpy energy or shear
area percent curves with temperature

shifts to account for dynamic loading,
thickness effects, and constraint effects
to estimate the lowest temperature
where ductile fracture initiation will still
occur. If only a few Charpy test data
points exist, then a procedure for esti-
mating the entire Charpy transition
curve needs to be used.

In many cases, the available data for
Class 213/B0P piping will at best consist of
Charpy impact energy and percent shear area
values at a specified temperature such as 0(C
(329F), 100C (50"F), or room temperature.
Seldom is there a full Charpy transition curve, so
that a procedure is needed to estimate the full
Charpy curve from a few data points. Option 3
is the mostly likely method to be used.

Another approach based on the use of Option 3
procedure is to assess from a database of Charpy
energy versus temperature curves what is the
reasonable bound Charpy energy/shear area
percent curves for a class of ferritic pipe steels.
The lowest temperature for ductile fracture
initiation for that class of steels can then be
estimated. (This temperature will shift with the
thickness of the pipe.) If that lower-bound tem-
perature were less than the lowest temperature
that the plant could operate at, then one would
anticipate that that class of steels would always
initiate in a ductile manner. This might provide
a simple screening criterion to determine if
LEFM or EPFM fracture is anticipated, and
would be very useful for ASME or other Code
applications.

The Option 3 procedure was the focus of this
effort. The details of this procedure involve the
following steps. Much of this methodology
comes from older gas pipeline work and, as
such, may be new terms that are not familiar to
engineers dealing with nuclear piping.
Table E.4 also gives a summary of the new
terms and definitions to be used throughout this
report..

1. Use Charpy V-notch impact specimen data
to determine the transition temperature
corresponding to an 85 percent shear area
(Tc).
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Table E.4 Definition and equivalence of different transition temperature fracture parameters

Fracture Parameter Definition Equivalent to Related to
Fracture initiation Lowest temperature for , Believed to be equivalent to Figure E.40a shows
transition temperature ductile fracture initiation- 'transition temperature of 'surface crack to through-
(FrTI(sg) of surface- of a surface-.cracked pipe '; fixed-grip SENT specimen wall crack FITT' '
cracked pipe under : (axial or circumferential '(L-R orientation for 'differences.
quasi-static loading. flaw) under quasi-static 'circumferential crack and C-R

loading.-- .- orientation for axial crack)
under quasi-static loading '

Fracture initiation Lowest temperature for,,T -Transition temperature of From full-scale ferritic
transition temperature ductile fracture initiation bend-bar or C(T) specimen. pipe test data, FI1Trwc)
(Ff;ITfwc,) of a of a TWC in a pipe (axial' (L-C orientation for is 33 to 50°C lower than
through-wall-cracked or circumferential flaw) circumferential TWC and C-L ,P
(TWC) pipe under under quasi-static loading 'orientation for axial TWPC)
quasi-static loading. ,

Fracture propagation Lowest temperature." Experimentally shown to be - Related to Charpy 85%
transition temperature where adynamically.' equal to 85% shear area 'transition temperature as a
(FTT) of through- propagating through-wall transition temperature of full- function of the pipe
wall-cracked pipe crack is ductile. 'thickness DWTT specimen. thickness (validated for

- - - * : -lower yield strength line--
- pipe steels and nuclear,
,__g grade ferritic pipe).

Charpy V-notch 85% transition Can also examine energy Can be determined by
impact transition temperature of standard versus temperature curve if knowing the temperature
temperature (T,) Charpy specimen. , shear area percent not rated. and shear area percent of

(Not valid to use energy afew specimens.
transition temperature for Correlations for other
materials that have energy thickness Charpy

_ ,__ ^ 'changes on upper shelf). specimens exist.

2. Relate the Charpy transition temperature
(Tc) to the full-thickness transition term -
perature for dynamic fracture. -This cor- - -

responds to a term called the fracture -

propagation transition temperature (FPTT).'^'
For gas pipelines steels, this is cornmnonly "
determined from the drop-weight tear test -

(DWTT), Ref. E.13, where the tempe'rature
corresponding to 85 percent shear area in'the'
DWTT is equal to the FPTT. There are
correlations between the Charpy and the.

-DWTT 85 percent 'shear area transition
temperatures. - ' -"

3. Relate the FPTT to the fracture initiation
transition temperature (F:lT) for a through- '
wall crack (TWC) in the pipe. The 'differ--' ''
ence between the FITT and FPTT comes
from fracture behavior of ferritic steels
being sensitive to strain rate.

4. Relate the FflT for a through-wall crack to the'
FITT for a surface crack (SC). Constraint
effects shift the fracture initiation transition''
temperature as a function of surface-crack '
depth:

5. The resulting FITT for a surface crack in a pipe
corresponds to the lowest temperature where
ductile fracture behavior will occur under
quasi-static loading and can be calculated by
knowing the upper-shelf toughness.

The technical background for these steps in the
Option 3 procedure is given below. Following that,
each step of the methodology is described along
with an example calculation. "An example of the' -- -
estimated lowest operating temperature for ductile
fracture initiation that is expected for A106B pipe is
given.
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E.2.2 Technical Background

The methodology developed for the Option 3
approach uses some terms not frequently used in
the nuclear industry, but are familiar in the oil
and gas industry, hence this background is
described in detail. The Option 3 approach
starts off by using the Charpy impact specimen
data for the pipe material as the initial input.
Through a series of adjustments to account for
loading rate, thickness, and constraint effects;
the approximate fracture initiation transition
temperature (FITI ) is determined for a piping
material with a surface crack. The FITT is the
lowest temperature where ductile fracture is
expected to occur, so that the failure stress of the
flawed pipe remains relatively constant at higher
temperatures (not accounting for strength or
upper-shelf toughness changes with increasing
temperature). The methodology is the same for
an axial or circumferential surface crack.

First of all, the general approach is to relate the
dynamic transition temperature for crack
behavior from Charpy impact tests to the mini-
mum temperature for quasi-static ductile fracture
initiation for a surface-cracked pipe. The
minimum temperature where a through-wall
crack might propagate as a ductile fracture was
termed the fracture propagation transition
temperature (FPTT) in the oil and gas industry
back in the 1950's. It was highly desired not to
have long-running brittle fractures in gas
pipelines, of which there were some early cases
of brittle fractures of 5 to 15 kilometers in
length. Full-scale tests showed that the standard
thickness Charpy test was not sufficient to
determine the FP7T. Consequently, a full-
thickness impact test called the drop-weight tear
test, DWYT, (Ref. E. 13) was developed. Note
that the DWTT is not the same as the drop-
weight test (Ref. E. 14) used in reactor pressure
vessel surveillance work. A drop-weight-tear
test (DWTT) specimen is shown in Figure E.30
along with a Charpy specimen in the C-L
orientation (through-wall axial crack growth
direction). Figure E.3 1 shows the comparison of
shear area percent values from 99 full-scale pipe

burst tests and 37 DWVT, Ref. E.15. The gas
pipeline industry typically stipulates that when the
DWTT specimens had 85-percent shear area or
more, then in the full-scale test the material was
fully ductile (100% shear area) for a dynamic
propagating crack. This 85-percent shear area
transition temperature (85% SATT) is therefore
equal to the FMPI, or the minimum temperature
where an unstable growing crack will be ductile.

In the case that DWIT data does not exist,
empirical equations between the Charpy test and the
DW'T test can be used. It is assumed here that for
ferritic nuclear piping steels there are no D'TT
data, so that these correlations need to be used.
From past testing results, it has been determined
that the FPMT will vary to the square root of the
thickness of the material, Ref. E.16. This is shown
in Figure E.32 and Figure E.33 for gas linepipe
steels having similar strength, chemistry, and
fabrication histories to nuclear ferritic pipes.

The next step is to account for the strain-rate effect
on the transition temperature shift between a
propagating through-wall crack (FPTT) and the
initiation of a through-wall crack (fracture initiation
transition temperature or FIIT(TWC)).
Experimental data from ferritic linepipe steels with
comparable strengths to nuclear ferritic pipe steels
show that there is a shift in the dynamic to quasi-
static transition temperature of about 33 0C to 50"C
(60'F to 90XF), see results in Figure E.34 and
Figure E.35 from Kiefner (Ref. E.17). These
figures show the results from full-scale axial
through-wall-cracked pipe burst tests (keeping the
flaw size constant), and DWIT test results. To put
them on a common plot, the upper-shelf burst
pressure for the pipe tests was normalized to
100 percent, and when the DWTT specimen had
100 percent shear area that was 100 percent ductile
failure. The FITT(TWC) occurs when the pipe
failure pressure just started to drop from the upper-
shelf value. The shift in temperature between the
F 1TT(TWC) and FPMT then is due to the strain-rate
effects. (Again note that the FMTT coincides with
the 85 percent shear-area transition temperature of
the DWVTT specimen.)
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Figure E30 Photo showing a Charpy and full-thickness DWTT specimens on a pipe
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In the event that actual quasi-static fracture
toughness data is available for the material of
interest, the FITT.rwc) can directly be deter-
mined from C(T) or bend-bar specimen tests at
various temperatures. Figure E.36 shows the
comparison of bend-bar specimen transition
temperature and full-scale axial through-wall-
cracked pipe test results, Ref. E.18. Note that
for the through-wall crack, the bend-bar gave the
same FIT as the pipe tests. Since bend-bar and
C(T) specimens have similar constraint condi-
tions, either should give the FITT for a through-
wall-cracked pipe.

The next step is to account for the difference in
the transition temperature from a through-wall
initiating crack to the initiation of a surface
crack, i.e., determine the surface-cracked-pipe
FITT' (FTIT(sc)). This difference occurs due to
constraint effects at the crack tip. The bend-bar
and C(T) specimens have a large degree of
bending which increases the triaxial stresses at
the crack tip. On the other hand, the surface
crack has mainly membrane loading in the liga-
ment giving lower triaxial stresses and constraint
at the crack tip. The higher triaxial stresses will
trigger cleavage failure earlier. This can some-
what be seen from data by Kiefner in comparing
the FPI from the DWTT to the surface-
cracked pipe FITT results. In Figure E.37,
Kiefner showed this difference was greater than
75 0C (136 0F), which was more than for the
through-wall-cracked pipe results in Figure E.34
and Figure E.35.

Additional pipe test data are available from
Sugie (Ref. E.19) or base metal Grade B pipe
with surface cracks having an a/t of 0.5 with a
machined V-notch. In this case, Sugie had
CTOD bend-bar specimen results that normally
would give the through-wall-crack fracture
initiation transition temperature. From these
surface-cracked pipe tests, a shift in the FITT
from the through-wall crack to the surface crack
was observed to be from 40 0C (72 0F) to more
than 95 0C (171 0F), see Figure E.38. Hence,
these full-scale pipe test results showed a
significant shift in the brittle-to-ductile transition
temperature for fracture initiation between a
through-wall crack and a surface crack.

To further explore the surface-crack to through-
wall-crack FITT differences, Wilkowski conducted
a program for the American Gas Association's
(A.G.A.) Welding Supervisory Committee,
Ref. E.20. In this program, it was postulated that a
fixed-grip SEN(T) specimen with the crack in the
L-R orientation would simulate anisotropic and
constraint effects that a surface crack in a pipe
would experience. A schematic of this specimen is
shown in Figure E.39. Later in Reference E.2 1, this
same specimen was further optimized for testing so
that there was a straight fatigue crack produced with
the use of blunt side grooves and a scalloped notch,
see photo in Figure E.39.

In the initial A.G.A. work by Wilkowski, three
different ferritic linepipe materials were tested that
had a combination of two thickness and two
strengths. The initial program used a double-clip
gage method to determine the CTOD values, along
with d-c electric potential data to determine the
point of crack initiation. In addition to the L-R
SEN(T) specimens meant to simulate surface-crack -
constraint conditions, t by 2t COD bend-bar speci-
mens in the L-C orientation were also tested. This
orientation is for a through-wall crack growing :
around the circumference, and based on past experi-
mental results should represent the constraint condi-
tion similar to a through-wall crack in the pipe
(Ref. E.18).

The bend-bar CTOD values at crack initiation were
determined using the d-c electric potential method
and standard procedures to calculate the CTOD
values from a crack-mouth-opening displacement
measurement. Hence, the difference in the bend-
bar and SEN(T) specimens were expected to be
similar to the differences between a through-wall
crack and a surface crack in a pipe. Since tests
were conducted at various temperatures, the com-
parisons in Figure E.40a show the differences in the
fracture initiation transition temperatures (FMi) of
the surface crack relative to the through-wall crack.
Figure E.40b shows the differences in the upper-
shelf toughness values. The differences in the
upper-shelf toughness values may be due to a
combination of constraint and anisotropy of the
ferritic steel used, whereas the transition
temperature effects are not affected by anisotropy.
This assumption that the transition temperature is
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Figure E38 Results from Sugie showing surface-flawed pipe results
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Figure E.39 Fixed-grip SEN(I) specimen
(Side-grooves in photo not illustrated in sketch)
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not significantly affected by the anisotropy is
illustrated in Figure E.41 (obtained from WRC
Bulletin 175, Ref. E.22). This figure shows
Charpy specimens in different orientation had
different absorbed energies, but the brittle-to-
ductile transition temperatures were about the
same.

Figure E.40a therefore is expected to provide an
initial estimate of the trends of the difference in
the FITT' for a surface crack versus the through-
wall crack. Also knowing that:

1. the FITT to FMEI transition temperature is
estimated to be 33 to 50'C based on the
results in Figure E.34 and Figure E.35

2. the full-scale FPTM can be determined
from the DWTT which is related to the
Charpy transition temperature through the
experimental data trends in Figure E.33,

then the transition temperature for a surface-
cracked pipe by any combination of test data and
empirical correlations can be determined.
Obviously using a test specimen like the SEN(T)
specimen in the L-R orientation should give the
most accurate result, whereas the Charpy data is
the most readily available data, and requires the
use of several empirical relationships that are
valid for this class of ferritic steels. Note that if
only a few Charpy shear area versus temperature
values are known, then a statistical temperature
relationship such as that shown in Figure E.42
could be used to determine the Charpy 85 per-
cent shear area transition temperature (TC).
Also, if the Charpy specimens have a thickness
less than the standard size (10 mm), then
Figure E.43 can be helpful in determining the
difference between the Charpy and DWTT
85 percent shear area transition temperatures.

The following section shows how the above data
and trend curves can be used to assess the lowest
temperature where ductile fracture is anticipated
in A106 Grade B pipe with either a through-wall
crack or a surface crack when only Charpy data
are available. Of particular interest is to
examine the trend curves from a statistical
evaluation of Charpy data for A106 B pipe to
see if some preliminary guidelines can be

established. Afterwards, this relationship is
compared to results from a number of other full-
scale pipe tests available in the literature.

E.2.2.1 Charpy Input Data

The analysis methodology begins by using the
Charpy impact energy data to determine the tran-
sition temperature corresponding to an 85 percent
shear area. Depending upon the source of the test
material used to develop the Charpy energy data,
the test specimens may vary in size. Typical Class
2/3/BOP piping, for example, may be too thin to
yield full-thickness test specimens. Since the tran-
sition temperature is a function of thickness, the
specimen size used to develop the input data must
be known.

The shear area versus temperature data from full-
thickness Charpy test specimens for both the C-L
and L-C orientations from the PIFRAC database
(Ref. E.23) is given in Figure E.44. The L-C data
were not necessarily from the same pipes as the C-L
data. If so then it would be expected that the
average transition temperature curves should be
virtually identical. Nevertheless, the difference of.
the average transition temperature curves is only
about 10C (18°F) for these'two data sets. The
average Charpy full-thickness specimen 85 percent
shear area transition temperature (Tc) is approxi-
mately 70'C (158"F) for these data, which is
probably representative of most A106B pipes, but a
more complete database should be established
before any general rules should be applied. (Note,
the results in Figure E.44 appear to be close to the
1972 results presented in Figure E.41).
Additionally, one might want to use a mean plus
one standard deviation Tc value instead of a mean
value.

E.2.2.2 Drop-Weight Tear Test Transition
Temperature

The drop-weight tear test (DWMT) is representative
of full-thickness impact behavior. If experimental
data exist from DWTT of the pipe material, the
analysis can begin at Step 2 using these data to
estimate the 85 percent shear area transition
temperature (Td). Otherwise, the DWTT transition
temperature (Td) can be calculated using the curves
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predict the fracture propagation transition
temperature (FPTIT).

E.2.2.4 Fracture-Initiation Transition
Temperature for Through-Wall-Cracked
Pipe

The fracture-initiation transition temperature
(FrITI) represents the temperature at which the
mode of fracture initiation changes from brittle
to having enough ductile crack growth so that
failure pressures are the same at higher tem-
peratures, Ref. E. 17. This FITT value will be
different for a through-wall crack than a surface
crack due to constraint effects. For a through-
wall crack, it is expected that the FITT(TWC)
will be lower than the FPTT (propagating
through-wall crack) because propagation is a
dynamic event involving high strain rates
increasing the likelihood of cleavage fracture.

As previously noted, from a series of tests
conducted on full-size pipe with axial through-
wall flaws, it was shown that the fracture-
initiation temperature was 33 0C to 50"C (60'F to
900F) below the FP`TT determined from DWVT
results' Ref. E.17. The variation in the FPTM
was attributed to differences in the flaw
geometry and material properties.

In this methodology, the predicted upper-shelf
FITT(IWC) for a pipe with a TWC is offset
from the FP'IT by approximately -33 0C to -50 0C
(-60'F to -90"F).

E.2.2.5 Fracture-Initiation Transition
Temperature for Surface-Cracked Pipe

Previously it was shown that surface-cracked
pipe have a lower FITT than through-wall-
cracked pipe. This is because of the constraint
differences in the triaxial stresses at the crack tip
that induce cleavage fracture. Therefore, the
methodology applies an additional offset to the
predicted transition temperature in the presence
of a surface crack. The t x t 3-point bend-bar
flaw orientation is representative of the behavior
expected from through-wall-cracked pipe, even
though the failure stresses are considerably
lower. The change in transition temperature
measured from 3-point bend-bar tests and

single-edge-notch tension SEN(T) tests are shown
in Figure E.40(a).

E.2.3 Example Problem

The methodology is demonstrated in the following
sections by an example.

E.2.3.1 Input Data

The example is based on the following input data:

1. Charpy data for A106B pipe steel, L-C
orientation, 10-mmn thick specimen (full
thickness). This data is shown in
Figure E.44.

2. Surface crack depth-to-thickness, a/t = 0.25.
3. Pipe thickness, t = 15 mm (0.60 inch).

E.2.3.2 Application of the Methodology

The Charpy data shown in Figure E.44 was
obtained from the PIFRAC database (Ref. E.23) for
A106B pipe material. The figure contains data for
test specimens that were 10-mm (0.394-inch) thick.
(full thickness) and machined in an L-C orientation.
The data was curve fit and the transition
temperature corresponding to 85 percent shear area
was determined to be +700C (+158 0F). This
represents the full-thickness Charpy transition
temperature (Tc).

The transition temperature shift from the Charpy
specimen to the full-size pipe transition
temperature, represented by (Td), is determined
from Figure E.43 using the lower curve. The
change in temperature (Td-Tc) equals -5.5 0C
(-100 F). Thus Td = Tc + -5.5 0C = +64.5 0C
(+148 0F). This is the fracture propagation transition
temperature (FPTT) for the full-thickness pipe
material.

The next step is to determine the fracture initiation
transition temperature (FMT) for a through-wall-
cracked pipe. Based on the experimental data pre-
viously discussed (Figures E-34 and E.35), the
change in temperature to obtain the F1TT(TWC) is
FP1T (or Td) -33 0C to -50 0C (-60 0F to -900F).-
Using the average, AT = -420C (-75 0F), the
FITT(TWC) = Td - 420C = +22.50C (+730F).
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The final step is to calculate the upper-shelf however, the data for A106B pipe tests are not
fracture initiation transition temperature (F1TT) sufficient to accurately demark the predicted brittle-
for a surface-cracked pipe with a flaw depth-to- to-ductile transition temperatures, i.e., the tests were
thickness ratio of a/t = 0.25. The change in ' conducted much warmer than the minimum
temperature to obtain the F1TT(SC) is based on predicted temperature for ductile fracture.
the curve in Figure E.40a. For a/t = 0.25,
AT = -38.90C (-700F). Therefore, -- In addition to the A106B tests, there have also been
FIT-1(SC) = FITT(TWC) -38.90C = -16.40 C a limited number of tests on similar ferritic steels.
(+2.5"F). Thus the predicted upper-shelf - Those test results and comparisons to the minimum
fracture initiation transition temperature for an 'predicted transition temperatures are given in
A106B pipe with a wall thickness t = 15 mm Table E.6. In these cases, the actual Charpy 85 per-
(0.6 inch) and a/t ' 0.25 equals -16.4 0 C cent shear area transition temperature (or percent
(+2.50F). best estimate of that value) was used to determine

the F1TT for the flaw type (surface crack or.
E.2.4 General Trends for A106B through-wall crack) tested. Again, most of these

results show that the analysis procedure is correct,
This methodology was applied to predict the however, the tests were generally conducted well
fracture initiation transition temperature for above the minimum transition temperature so that
surface cracks (F1fT(SC)) over a range of there were no brittle fracture cases to bracket the
material thickness and crack depths using the FMTT. Only in three cases were there tests that were
A106B Charpy data shown in Figure E.44 in close to the predicted FIIT. These were the
combination with Figure E.40a, Figure E.43, a'd - Kiefner X60 surface-cracked pipe tests, and the two
the average shift of 420C (75XF) from the FPTT - sets of tests by Sugie on Grade B pipe. -The Kiefner
to FITT for a through-wall crack. The results - - X60 lowest temperature test agrees with the pre-
are shown in Figure E.45. Also shown in this dicted FlTT(SC), but there was no brittle initiation
plot are the propagation and initiation transition data point to get the actual experimental FITT(SC).
temperature curves for a through-wall crack. The Sugie tests had a lower FITT(SC) than pre-
The data suggest that Al06B pipe operating dicted. .This may be due to the experiments using a
above 100C (50F) with a wall thickness less machined V-notch rather than a sharp fatigue crack,
than 25 mm (1.0 inch) will exhibit ductile ' or scatter in the material behavior, where we used
fracture initiation behavior so that the failure - an average trend curve.- Nevertheless, the results
pressure for all surface-crack geometries of showed that the general procedure is at least con-
practical concern should be the same as that for .servative (assuming no great effect from the
warmer temperatures (not accounting for - achine notch versus fatigue crack in the past pipe
changes in strength properties with temperature).' - tests).
At 20°C (680 F), A106B pipe up to 50-rnm
(2-inch) is predicted to have ductile initiation for f' E.2.6 Limitations on the Methodology
all surface-crack geometries.

The methodology developed to predict the fracture
E.2.5 Validation with Existing Data in ' initiation transition temperature for a surface-
Literature 'cracked pipe is based on the use of empirical corre-

'-f 'ations between experimental data from staandard-'
There are a number of A106B and other ferritic - ized and non-standardized material properties tests
nuclear grade pipe tests that have been con- 'anid full-size pipe tests. Previous' work has sug-
ducted in the past that can be used to assess the gested that the shift in transition temperature is a
validity of the general trend curve given in- ------- function of material properties as well as pipe and
Figure E.45. These tests and their results are 6At crack geometry. As a result, the methodology relies
summarized in Table E.5. The results showed on the extrapolation of standard test specimen data
that the general trend in Figure E.45 is correct, to predict full-scale pipe fracture behavior.
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Table E.5 Circumferentially cracked A106B pipe test results and
comparison to minimum temperature for ductile fracture

Predicted
Test FITT,

Pipe thickness, Flaw temperature, IC
Reference mm (inch) type (OF) Result 0C (0F)

CISE-a 5.5 (0.217) TWC 20 (68) Ductile -17.9 (0)
initiation, brittle

propagation
CISE-b 10.9 (0.429) TWC 20 (68) Ductile 4.4 (40)
CISE-c 17.1(0.673) TWC 20 (68) Ductile 12.8 (55)
CISE-d 18.8 (0.740) TWC 20 (68) Ductile 15.5 (60)
GEAP 11.0 (0.432) TWC 20 (68) Ductile 4.4 (40)

initiation, brittle
._ propagation

DTRC 14.0 (0.55) TWC 51.7 (125) Ductile 7.2 (45)
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Table E.6 Circumferentially cracked ferritic pipe test results and comparison to minimum temperature for ductile fracture

Full-size Charpy 85% Predicted FITT
SATT transition ,with adjustment for

temperature Thickness, Test actual Charpy data
temperature

Ret. Material 'C (OF) mm (inch) Flaw type °C (OF) Result °C (
NUPEC-a STS 42 <20 (<70) 9.14 (0.36) TWC 20 (68) Ductile -35 (-31)
NUPEC-b STS 42 <20 (<70) 8.79 (0.346) SC a/t=0.5 20 (68) Ductile -65 (-85)
NUPEC-c STS 42 <20 (<7) 19.00 (0.748) SC a/t=0.5 20 (68) Ductile -45.5 (-50)
Kiefner" API X60 20 (70) 9.14 (0.360) SC a/t=0.5 -62 (-80) Ductile -65.6 (-86)

MPA , German ferritic 0°C (32)"'i 8.00 (0.315) SC 20 (68) Ductile -87.2 (-125)
pipe -

,,____ _ '__ ,_-__ '__ ' a/t=0.5 '
JAERI-a STS42 - d2O (<70)( .. 10.6 (0.429) TWC 20 (68) Ductile -29.4 (-21)
JAERI-b STS42 ' - <20 <7(0)iv) 10.6 (0.419) SC a/t=0.5 20 (68) Ductile -51.7 (-61)

DP3II .API X65 -40 (-40) ' r15.9 (0.625) - TWC -7 (20) Ductile -146 (-230)
Short sA53-weld -80; -6.02 (0.237) SC a/t=0.6 , 20 (68) Ductile -181 (-293)
Crack""'

rac .(-I112 )Ov)

Sugie-HT . Grade B -15 (5)° 9.5 (0.375) SC a/t=0.5 -135 (-211) SC FITT -99 (-146)
Sugie-SR Grade B -20 (.4)(") 9.5 .(0.375) . SC a/t=0.5 -196 (-320) Ductile -104 (-155)

hil

(i) Results in Figure E.37. Charpy calculated from DWTT. Transition temperature 27.8°C (50°F) lower than AI06B for this steel.

(iij t/4 thickness Charpy specimens - transition temperature 41.6°C (75°F) lower than A106B for this steel (accounting for Charpy specimen size). Unpublished data form Dr.
Karl-Heinz Herter.

(iii) Using the NUPEC STS42 data.

(iv) 'A-thickness specimen in weld metal.

(v) Original data from 2/3-thickness Charpy tests. Correction to full-thickness specimen made. Accounted for actual material Charpy transition temperature for predicted
surface-crack FITT.
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The Charpy impact data, like that shown in
Figure E.44, is based on a standardized test
method; however, the thickness of the test
specimens is dependent on the source material.
As a result, sub-sized specimens are frequently
required to characterize thin-walled pipe. The
reasonable bounds on the Charpy 85 percent
shear area transition temperature for typical
nuclear ferritic pipe base metals and weld metals
should be explored further before a general trend
can be used for those grades of steel.
Figure E.46 shows Charpy data from PIFRAC
for A516 Grade 70 base metal and welds, and
Figure E.47 shows Charpy data for AI06B
welds (also from PIFRAC). It is encouraging
that the welds had a lower 85 percent transition
temperature than the base metals, and the
limiting case was the A106B base metal
(Figure E.44).

The offset used to shift the transition tempera-
ture from propagation (FPTT) to initiation
(FITT) for a through-wall crack was based on
only two full-scale pipe experiments on X-52
material. The similitude between the FI1T for
the through-wall crack and bend-bar or C(T)
specimens was also verified by only one set of
pipe tests on line-pipe steel. These are steps in
the analysis that could use further validation.

Likewise, the transition temperature shift from
the TWC to the surface-crack pipe behavior as a
function of crack depth was based on results
from non-standard laboratory tests of X-42 and
X-60 steel that are believed to be representative
of the constraint in surface-cracked pipe.
Further validation of this assumption is needed.

To validate the general Option 3 procedure, and
several of the assumptions used, a series of
specimen and surface-cracked pipe tests were
conducted in this program and will be discussed
next. These tests involved:

* Charpy tests (L-C orientation) at various
temperatures on that same material,

* Modified DW1T specimens (L-C
orientation) at various temperatures
(full-thickness of pipe but with shorter
ligaments due to pipe curvature - the

dynamic tear test (DTT) was used instead
of the DWTT - ASTM Standard E604),

* C(T) specimens (L-C orientation) at various
temperatures,

* SEN(T) tests (L-R orientation) at various
temperatures, and

* 6-inch diameter Schedule 120 A106 B pipe
with circumferential surface cracks (fatigue
sharpened) in the base metal at various
temperatures.

This preliminary investigation of the general trend
curve for determining the FITT' for a surface crack
from A106B Charpy data is encouraging since most
the Class 2/3/BOP piping would be less than
25-mm (1.0-inch) thick and have a minimum
operating temperature above 100C (50 0F). Further-
more, the A1O6B base metal appears to be a limit-
ing case when compared to existing data for A516
Grade 70 base metal and weld metal data for these
two pipe materials. Nevertheless, before these
results are used, a larger database of ferritic nuclear
pipe Charpy data and weld metal data are needed,
as well as a statistical evaluation (rather than using
average trend curves), and validation of all the steps
in the procedure is needed. Preliminary validation
tests were conducted in the BINP program as
discussed next. Nevertheless, it is encouraging that
the upper-shelf EPFM analyses in the ASME
Appendix H can probably be used for most practical
Class 213/BOP piping ferritic base metals.

E.2.7 Validation of Methodology

In order to validate this methodology for predicting
the FITT of a surface-cracked pipe from the 85-
percent shear area transition temperature from
Charpy specimen tests, a series of Charpy, dynamic
tear test (DTT), compact (tension), single-edge-
notch [tension] (SEN(T)), and full-scale surface-
cracked pipe experiments were conducted. The test
specimens used in all of these tests came from two
lengths of 6-inch nominal diameter, Schedule 120,
A106 Grade B pipe that came from the same heat.
The Battelle pipe identification numbers for these
two lengths of pipe were DP2-F93 and F94.
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Figure E.48 is a plot of the shear area percent
from a series of Charpy specimen tests as a
function of the test temperature for both lengths
of pipe, i.e., DP2-F93 and F94. From Figure
E.48 one can see that the 85-percent shear area
transition temperature for both lengths of pipe
was approximately 58 C (136 F).

The next series of tests conducted were the
dynamic tear tests (DM!). The test specimens
for these tests were machined from the pipe
without flattening. As such, the maximum wall

thickness achievable was approximately 10 mm
(0.4 inches). Based on Figure E.43, the FPI N 85-
percent shear area transition temperature for this
specimen geometry for this specimen thickness for
this material should have been approximately 44 C
(111 F). Figure E.49 is a plot of the shear area as a
function of the test temperature for these DTT. As
can be seen in Figure E.49, the actual measured 85-
percent shear area transition temperature of 54 C
(130 F) was approximately 10 C (19 F) warmer
than anticipated.
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Figure E.48 Shear area as a function of test temperature for the
Charpy specimen tests for material DP2-F93 and F94
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The next series of tests conducted were the
compact (tension) specimen tests. It was
anticipated that the transition temperature for
these tests would provide an indication of the
transition temperature for a through-wall
cracked pipe. Based on Figures E.34 and E.35 it
was anticipated that there would be a shift in the
transition temperature of approximately 33 to 50
C (60 to 90 F) between the DOT specimen
results and these compact (tension) specimen
results. Based on the anticipated shift in_
transition temperature between the compact
(tension) and the actual Charpy data, accounting:
for the anticipated shift between the DlT and
the actual Charpy data,;the transition
temperature for these compact (tension)
specimen tests was anticipated to be between 11

*C (51 F) and -6 C (21 F). Figure E.50 is a plot
of the load'versus displacement records for eight
compact (tension) specimen tests conducted as
part of this effort. As can be seen from Figure
E.50, even at a test temperature of -32 C (-26 F),
there still was some evidence of ductile crack
initiation for these compact (tension) specimen
tests.

The last series of laboratory specimen tests was
the SENMT) specimen tests. Due to the
similitude in the constraint conditions between
the SEN(T) specimen geometry and the surface-
cracked pipe geometry, it was thought that this
specimen geometry would provide the most* -.
direct indication of the transition temperature
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Figure E.50 Load versus displacement records for compact (tension) tests

for the actual surface-cracked pipe. For a
surface crack which is 50 percent of the pipe
wall thickness in depth, which is the crack
depth used in both the SEN(T) and surface-
cracked pipe tests, one would expect a 33 C
(60 F) shift in transition temperature
between the 3-point bend bar specimen
geometry and the surface-cracked pipe
geometry, see Figure E.40a. Since the 3-
point bend bar specimen geometry is
thought to provide similar constraint as a
compact (tension) specimen and a through-
wall-cracked pipe, one would expect a
similar shift in transition temperature
between those specimen geometries and a
surface-cracked pipe. Thus, on the basis of
the measured Charpy data alone and the
analysis method developed as part of this
effort, one might expect that the transition
temperature for a surface-cracked pipe, or
SEN(T) specimen, may be in the range of -
23 C (-9 F) to -39 C (-39 F). Figure E.51 is

a plot of the load versus actuator
displacement data for these SEN(T)
specimen tests. Each test appeared to
initiate in a ductile manner followed by
unstable brittle fracture. Figure E.52 is a
plot of the ductile crack growth as a function
of test temperature. As can be seen in
Figure E.52, with the exception of one
specimen, the data is fairly well grouped
showing a general trend of decreasing
ductile crack growth with decreasing test
temperature. Based on the trends in Figure
E.52 one might argue that one might reach
the point of brittle fracture initiation for
these SEN(T) specimens in the range of -50
to -60 C (-58 F to -76 F), which is
approximately 25 C (45 F) colder than what
one might have expected based on the
measured Charpy specimen transition
temperature and the methodology developed
as part of this effort.
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As a final measure of the validity of this
methodology, three surface-cracked pipe
experiments were conducted using this pipe
material. In each case the crack was an

external surface crack, approximately one-
third around the pipe circumference in
length and half way through the wall
thickness in depth, see Figure E.53.

124.590

1200

Figure E.53 Crack geometry for the surface-cracked pipe experiments

Figures E.54 and E.55 show schematics of
the loading fixtures and cooling apparatus,
respectively, for these three pipe
experiments. The pipes were cooled by
circulating Syltherm XLT, a Dow Chemicals
Heat Transfer Fluid, through the pipe using

Aluminum Block

Heavy Section I-Beam A

a circulation pump. Copper tubes
containing the fluid were coiled and
submersed in a cooling bath of this same
fluid with dry ice pellets added to cool the
fluid.

Roller Assembly

Test Machine Base

Figure ES4 Loading fixture used in the surface-cracked pipe experiments
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Figure E.55 Cooling apparatus usedl in the surface-cracked pipe experiments

Figure E.56 is plot of the load versus
displacement records for the three surface-
cracked pipe experiments. As can be seen, the
test temperatures for these three experiments
were -59 C (-75 F), -46 C (-50 F), and -32 C (-
25 F). Both the load and displacement
decreased as the test temperature decreased.
The amount of ductile crack growth, prior to the
final brittle fracture, was minimal for each of
these experiments. In order to make an
assessment of the transition temperature for
these three surface-cracked pipe experiments,
the maximum moment normalized by the
calculated Net-Section-Collapse (NSC) moment
was plotted against the test temperature, see;
Figure E.57. As can be seen in this figure the
relationship between the ratio of M,,x/MNsc and
the test temperature is very linear. The point on
the graph where the straight line fit through the
data reached a value where this ratio was equal
to 1.0 was called the transition temperature.
Based on this assessment, the transition

temperature for these surface-cracked pipe
experiments was -36 C (-33 F). This estimate of
the actual surface-cracked pipe transition
temperature is within the range of what one
might expect the transition temperature to be
based on the actual Charpy data and the analysis
method developed as part of this effort, i.e., -23
C (-9 F) to -39 C (-39 F). Thus, even though
some of the individual steps in the methodology
(e.g., the shifts between the Charpy to the DTT
transition temperatures and the DTT to the
compact (tension) specimen transition
temperatures) appeared to overpredict the
transition temperature shift, the bottom line
assessment of the transition temperature for a
surface cracked pipe using only the measured
Charpy 85-percent shear area transition
temperature appears reasonable. In summary,

-Table E.7 provides a synopsis of the
methodology and how the experimental data
agreed with the anticipated transition
temperatures for each specimen geometry.

E-59 -:



Ix

600

500

400

300-J

0

200

100

0

0 2 4 6 8 10 12

Load Point Displacement. mm
14

Figure E.56 Load versus displacement records for the three surface-cracked pipe
experiments
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Figure E.57 Plot of the ratio of the maximum experiment moment normalized by the Net-
Section-Collapse moment (M.IMNsc) as a function of the test temperatures for

the three surface-cracked pipe experiments
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Table E.7 Summary of the methodology'and how the experimental data agreed with the
anticipated transition temperatures for each specimen geometry

Specimen Anticipated Basis for Estimate of Actual Transition
Geometry Transition Transition Temperature Temperature, C (F)

- Temperature, C (F)
Charpy 58 (136)
specimens ._._.
Dynamic 44 (111) 14 C (25 F) shift in 54 (130)
Tear Tests transition temperature for 10

mm (0.'4 inch) thick
specimen

Compact 11 (51) to -6 (21) 33 to 50 C (60 to 90 F) shift <-32 (-26)
(tension) . in transition temperature

between drop-weight-tear
-test results and 3-point bend
specimen results

SEN(T) -23 to -39 (-9 to -39) 33 C (60 F) shift in -50 to -60 (-58 to -76)
transition temperature
between .3-point bend
specimen and 50% deep

___ ___ ___ __ _ .surface, crack
Surface -23 to -39 (-9 to -39) 33 C (60 F) shift in -36 (-33)
cracked transition temperature
pipe between 3-point bend

specimen and 50% deep
surface crack
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APPENDIX F

THE DEVELOPMENT OF A J-ESTIMATION SCHEME FOR
CIRCUMIERENTIAL AND AXIAL

THROUGH-WALL CRACKED ELBOWS



F.1 INTRODUCTION

Leak before break (LBB) considerations for pipe
fittings such as tee joints and elbows have not
been investigated in detail to date. Reference
F. 1 presented the development of a surface crack
estimation scheme for elbows. These solutions
were then used to investigate the possibility of -:
using simple influence functions, based on
ASME Section III stress indices, along with
existing straight pipe solutions, to predict the
fracture response of a surface-cracked elbow.
The use of this small database of influence
functions, combined with existing straight pipe
J-estimation methods showed promise in
predicting the fracture response of the surface-
cracked elbows.

However, in order to perform LBB sensitivity
studies on fittings, such as elbows, TWC
solutions must be available. With the TWC
elbow solutions available, one can investigate
the feasibility of using influence functions and
straight pipe TWC solutions to predict the LBB
behavior of fittings. The main purpose of this
effort is to provide a new J-estimation scheme.
for TWC elbows. . Both circumferential and
axial cracks are considered. In addition, crack-
opening displacements can be estimated so that
LBB considerations can be assessed.

F.2 BACKGROUND ON PIPING J-
ESTIMATION SCHEMES

The nuclear industry has traditionally taken the
lead in the development of J-estimation schemes
to allow engineers to make estimates of the
fracture behavior of nuclear piping components.
These J-estimation schemes have permitted --

engineers to make simple fracture assessments .,^
of planar component geometries (Ref. F.2),
through-wall-cracked (TWC) pipes (Ref. F.3), as.
well as surface-cracked (SC) pipe (Ref. F.4).A
This early work sometimes had inaccuracies
implicit within the solutions, in part due to the
fact that the finite element methods used at that
time were not quite fully developed, nor as
robust as today's' numerical tools.

Corrections and improvements to pipe fracture
J-estimation schemes were made subsequent to

this original work. References F.5 and F.6
represent the development of alternative J-
estimation schemes for TWC pipe which are not
based on the compilation of a series of
numerical solutions; rather these solutions were
developed from making certain geometric
assumptions. References F.7 and F.8 are similar
non-finite element based J-estimation schemes
for surface cracked pipe. References F.9 and
F.10 represent the improvements and corrections
to the original numerical solutions using
improved numerical finite element techniques
(compared with the original solutions) and
permitted pipes with "small" cracks to be more
accurately modeled. In addition, some of these -

methods were specifically developed to account
for cracks in welds (Refs. F.8 and F.l 1).
References F.8 to F. 12, and many references
cited therein, summarize many of these methods,
both numerical and engineering based, and
compare predictions to full-scale experimental
test data.

The J-estimation schemes discussed above were
appropriate for cracked pipe. Fracture estimates
for more complicated geometries, such as pipe
fittings, had to be performed on a case-by-case
basis using finite element analysis. These
analyses are time consuming, often requiring
significant resources, and the results are only
appropriate for the specific geometry and
material considered. As such, the development
of more general J-estimation schemes for pipe
fittings, such as elbows and Tee joints, has
begun. A surface crack estimation scheme for
axial and circumferential cracked elbows was
developed in Reference F. 1.

The purpose of this effort is to develop a J-
estimation scheme for axial and circumferential
through-wall cracks in elbows. Solutions are
compiled for the pure pressure, combined
pressure and bending, and pure bending cases.
However, before presenting these solutions, it is
first instructive to discuss some unique features
associated with fracture of elbows, which are not
necessarily intuitive based on experience with
straight pipe. Many of these anomalies are
associated with the way that elbows ovalize.
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F3 GENERAL OVERVIEW OF
DEFORMATION AND FRACTURE
RESPONSE OF ELBOWS

F3.1 Geometry

The geometry of the cracked elbows considered
here is illustrated in Figure F. 1. We are
interested in estimating J and crack opening
displacement (COD) for both circumferential
and axial 'flank' cracks. The ratio of R&Rm = 3
here represents a long radius elbow. The
loading cases considered are pure pressure, pure
bending, and combined pressure and bending.
The pressure loading turns out to be very
important consideration for elbows. Note that
the outer length of the elbow [i.e. (Ret + RmJ2) *
MVl is greater than the inner length of the elbow
[i.e. (Re - Rd2) * iV1. From the free body
diagram alone, this means that the integrated
pressure along the outer length of the elbow is
greater than that along the inside of the elbow,
i.e., there is a net outward force that must be
equilibrated by the end cap pressure T (see
Figure F. 1). This means that, due to pressure
alone, the elbow wants to straighten out.
Therefore, for the cases of pressure and
combined pressure and bending, both the
pressure and end cap tension must be applied.
This is not the case for a straight pipe, where the
pressure can be neglected when developing J-
estimation schemes for circumferential cracks.
It turns out that the effect of pressure also has an
important effect on the ovalization of the elbow,
which in turn, affects the J- and COD- solutions.

F3.2 Solution Procedure

Figure F.2 shows a typical finite element mesh
that was used for the analyses. Figure F.2(a)
shows an example of a 90-degree
circumferential crack in an elbow. A quarter
model, with symmetry about the plane of the
crack and a symmetry plane about the half crack
length, 0, was used to simplify the analyses. As
seen in Figure F.2, a long length of straight pipe,
equal to L = 9 D (with D the diameter), was
included in the model. At the end of the length
of pipe, a series of very stiff beams were
attached to the pipe, which met at a point node at
the center of the pipe. The bending moment, M,

was applied at this node. The length, 9D, was
determined by performing a series of mesh
sensitivity studies. This technique simplified the
analysis procedure, the reduction of data, and
assured that the elbow solutions were not
distorted by end effects. Figure F.2(b) shows a
typical mesh for a 15-degree axial crack. For
the axial cracks, half symmetry models were
used. For both circumferential and axial cracks,
pressure along the entire inside pipe and elbow
surfaces were included along with end cap
pressure at the end of the long length of straight
pipe.

The ABAQUS commercial finite element
package was used for all analyses. The 20-node
isoparametric brick element was used for all
solutions. A deformnation theory plasticity
model was used, although, as will be seen later,
flow theory was used for some of validation
studies. Because the ABAQUS deformation
solution procedure includes the elastic strains,
each solution was monitored and considered
complete (i.e., fully plastic) when the plastic
strain at each integration point became greater:
than ten times the elastic strain. As an
independent check on the adequacy of the fully
plastic solution, the h-functions (see next
section), were plotted as a function of load at
each load step in the analysis. Typically, h
reached a constant, converged value long before
the analysis was automatically completed using
the criteria discussed above. The compilations
of h-functions were performed using one
element through the thickness, as illustrated in
Figure F.3. However, as seen in Figure F.3(b)
several solutions were performed using a mesh
with four elements through the thickness. The
average J-integral, and COD, solutions for the
four elements through the thickness mesh
compared well with the results for the one
element mesh. It is noted that there is a
variation of J through the thickness, especially
for the axial flank cracks, but the use of one,
average value for J, is adequate for engineering
estimation purposes. An extensive mesh
sensitivity study was performed to ensure
adequate solution convergence. The procedure
was also validated by comparing results for
known straight pipe solutions. Because of the
use of parabolic elements, the values of J for the
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one element through the thickness meshes
(Figure F.3(a)) were calculated using-

JAVG =JI +4JM+ Jo (F.1) j

where J1 is the value of I at the inner surface
node at the crack, JM is J at the mid side node,
and Jo is J at the outside node.

Through-wall circumferential
crack at extrados': '

EM

T

I-

Through-wall
Axial Flank

crack at flank AM

T

TIM

Figure F.1 Crack geometries considered for elbows
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Figure F.2 Typical finite element mesh and model geometry for (a) a 90-degree
circumferential crack and (b) a 15-degree axial flank crack
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Figure F3 Typical mesh (circumferential crack, 45-degree crack) (a) one element through
thickness and (b) four elements through thickness

F.4 OVALIZATION EFFECTS ON ELBOW
FRACTURE

F.4.1 Circumferential Cracks

The ovalizations induced in elbows that are
subjected to bending loads turns out to have an
important effect on the predicted J-integral,
crack opening displacements, and fracture
response. Consider the simple example of
Figure F.4. In the upper plot (Figure F.4(a)), an
illustration of a circumferentially cracked elbow
subjected to a closing moment is shown.
Intuitively, an elbow closing moment would be
expected to open the crack, similar to what
occurs in a straight length of pipe subjected to a
crack opening moment. The illustration to the
right in Figure F.4(a) shows a deformed plot
caused by the applied moment. The shaded
areas represent contour plots of the crack
opening stress and the numbers represent
normalized stress (normalized with yield stress).
For this elastic case, the magnitude of the
stresses is not important. Notice that the stresses

are negative ahead of the crack. For the
illustration in Figure F.4b, the moment was
applied in the opposite direction, i.e., an elbow
opening moment. For this case, a low level of
tension exists ahead of the crack tip despite the
fact that the moment is attempting to close the
crack faces.

The reason for this somewhat surprising
behavior lies in the way that the elbow ovalizes
due to bending moment. As seen, the closing
moment ovalizes the elbow cross section into the
shape of an oblate spheroid while the elbow
opening moment causes a prolate spheroid
deformed shape. The case illustrated in Figure
F.4 represents a radius to thickness ratio, R / t =
20. The same behavior occurs for R / t = 5, i.e.
the stiffer case. In fact, for the un-cracked case,
an elbow closing moment results in compressive
stresses that develop up to an angle of between
20 and 25 degrees at the toe of the elbow,
depending on the R / t ratio.
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This response is further summarized in Figure
F.5. The top illustration summarizes the
response to an elbow closing moment. As
illustrated, this results in an oblate spheroid type
ovalization. As illustrated, one can think of this
ovalization as being caused by 'pinching' forces
applied along a plane at the center of the crack.
This type of ovalization will induce a
compressive contribution to the stress state in
this region. Hence, there is a competition
between the crack closing caused by ovalization,
and the opening caused by the global bending
load. It turns out that this competition is won by
the ovalization component for crack sizes less
than 20 to 25 degrees, depending on R / t ratio.

For an elbow opening (or straightening)
moment, bottom illustration in Figure F.5, the
opposite occurs. The prolate type ovalization
component causes crack opening while the
global moment closes the crack. This leads to a
modest crack opening for smaller crack sizes.
Because of this, circumferential cracks are not
expected to develop at the knee of the elbow.
Rather, they are expected to develop for crack
size angles on the order of 45 to 90 degrees.
The solutions tabulated below are complied for
crack sizes of 45 and 90 degrees. For these
larger crack sizes, the cracks are open along the
entire length.
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Figure FA Illustration of ovalization effects on stresses near the crack tip
(Numbers represent crack opening stresses normalized with yield strength)
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Figure F.S Summary of ovalization effects on crack opening response
of circumferential cracks in elbows subjected to bending
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F.4.2 Axial Cracks

For the axial flank cracks the ovalization effect
on crack opening is even more important.
Figure F.6 illustrates the response of an axial
flank crack, with total crack size angle of 15-
degrees, subjected to bending. An elbow
straightening moment causes tensile opening
stresses in the crack region (this is also an elastic
case).

The shaded contours on these plots represent the
opening stress, rx and all stress contours in the
crack region are tensile. This means that the
crack should open. However, it is also seen that

the 'oblate' spheroid ovalization causes the
crack faces to rotate, with the inner crack
opening greater than the outer diameter opening.
The example illustrated in Figure F.6 is for the
large R/ t ratio case of 20. This same behavior
occurs for the stiffer R / t = S case. In fact, for
the 15-degree crack, the outer diameter region of
the crack actually closes. Because of this crack
face rotation, the crack opening functions were
compiled for both the inner and outer surfaces.
This 'pinching' of the crack opening along the
outer surface should imrnede leaking, and hence
LBB considerations. Hence, for LBB
predictions one should account for crack face
rotation in the leak rate models.
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Figure F.7 illustrates this effect further. Crack
opening profile plots are illustrated for the outer
diameter (OD), middle surface (MS), and along
the inner diameter (ID) for an axial crack
subjected to bending alone. In Figure F.7(a),
which is for a 15-degree (total) crack angle (i.e.
20 = 15-degrees - see Figure F.1), the OD
predicts negative crack opening. Of course, the
negative crack openings are physically
impossible, but it means that the crack faces will
be closed and contacting each other at the OD.
This will impede fluid leakage and affect leak
rate calculations. Figure F.7(b) shows similar
results for a 30-degree total crack angle. While
the closure is not as severe as for the smaller
crack, some crack face contact will occur along
the OD. The predicted values in Figure F.7 are
made assuming an elliptic crack opening shape.
It is seen that elliptic profile is still a good
approximation for the opening even if the crack
faces rotate.

For a cracked structure that obeys an
elastic/power law constitutive relation, the
stress/strain response follows:

6= 6t +6" E +k (Orr
E

(F.2)

In Equation F.2, e and sP are the elastic and
plastic strains, E is the elastic modulus, and k
and n are fitted material constants. This
constitutive law leads to a violation of
Illyushin's theorem since an elastic term is
present (only the second term in Equation F.2
should be present). However, it has been
observed that developing elastic-plastic
estimation schemes using the separate elastic
and plastic components provides a reasonable
estimate for engineering purposes. It is common
practice to write the constitutive relationship in
the following formn

In an actual elbow, which is subjected to
combined tension and pressure, the competition
between the pressure, which causes opening
COD's at both the ID and OD, and the bending,
which closes the crack at the OD, will ultimately
determine the service opening profile. However,
the ovalization induced from elbow bending
must be considered in the COD predictions
which are then used in leak rate calculations for
LBB considerations.

6 a a l

co Oo a0.c)
(F.3) .

*where ao is a reference stress, co = ao / E, n is
*the fitted material parameter, and a is a material
*parameter related to k. The approximate

solutions are determined by adding the
contributions from an elastic and plastic part, as
discussed next.

F.5 ESTIMATION SCHEMES

Elastic-plastic estimation schemes are based on
the concept of proportional loading. If a cracked
body is loaded in a proportional manner, such
that the constitutive response is adequately
modeled via deformation theory plasticity, then
Illyushin has shown that deformations, stresses,
and energies (e.g. J-integral) are proportional to
a load parameter, material parameters, and
geometric quantities. This concept has been
overviewed extensively in the fracture
mechanics literature (see for instance References
F.1 through F.6).
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(a)Elbow (R/t=10) Axial Crack (Angle = 15)
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Figure F.7 Crack opening plots for axially cracked elbows - bending
.. .. . . I

F.5.1 Estimating J and Crack Opening
Displacement (COD) - -

The estimation scheme for J is written as:

In Equation F.4, J represents the total estimated

value for J, and je and JP are the elastic and

.
plastic components of J, respectively.

- I

j =je+jp (F.4)
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El

The estimation scheme for crack opening
displacement is written as:

Bending

'T =8e +8p (F.5) as M(R.,)
M (R ) - RI

40

(F.9)

In Equation F.5, ST is the total crack opening
displacement at the mouth (i.e. displacement at
the center of the crack), while o, and Sp are the
elastic and plastic contributions to the total
COD, respectively.

F.5.2 Elastic Component J-Integral

The elastic component of J is estimated by
superimposing the component contributions
from the pressure (designated 'T' for 'Tension')
and bending (designated 'B' for 'Bending').
This can be written as:

2

F}o' 7T '+] ' [H1 +K'+K's
j e- Je J~ -[FrT F9- +(P.6)L- E

In Equation F.6, 'a' is crack size and FTand FB
have been compiled in Tables F.1 to F.4 for the
through-wall cracked elbow cases. The FT
functions were compiled by performing elastic
solutions for the pure pressure case (with end
cap tension present), and F 0 functions were
compiled for pure bending. CT and cB are
calculated as nominal stresses using:

For Circumferential
Cracks

Here, p is the internal elbow pressure, R1 is inner
radius, R, is outer radius, R. is mean radius, and
M is the applied bending moment. The
denominator in the bending stress definition is
the moment of inertia. Notice that for the axial
cracks, aT is defined as twice that for the
circumferential crack, or a nominal al, since it is
more like a 'hoop' stress that opens the axial
cracks.

F.53 Elastic Component COD

Likewise, the elastic component of COD is
estimated by superimposing the pressure
(tension) and bending components of COD.

8t = at +8X (F.10)

where ST is the elastic COD contribution from

pressure alone and 8, is the elastic COD
contribution from bending alone, and are written
as:

ST = 4a a V, (T)
E E I

51: = 4 aTa VI(B)
E

(F.I1)

(F. 12)
_ P(R2_Ri2 )

0(oR
(F.7)

For Axal Cracks
The same definitions of the stress for the
pressure loading apply, i.e., Equation F.7 is the
tensile stress for circumferential cracks and
Equation F.8 is the hoop stress used for axial
cracks.

r 2p(OH)
CT U-~ H 2 2 -R ) (F.8)

The functions V(T) and VI(B) are compiled in
Tables F.1 and F.2 for the circumferential crack
cases and Tables F.3 and F.4 for the axial
cracks. Notice from Tables F.3 and F.4 that
V,(T) and VI(B) are tabulated for both the inside
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and outside surfaces. Hence, the user can
estimate the COD angle that occurs through ti
elbow wall as discussed in Section F.4. Figur
F.8 illustrates this effect. The rotation througl
the'elbow wall remains nearly linear, even wh
five parabolic elements are used to model the
wall thickness.

ie

6 .

P in Equations F.13 and F.15 is defined as:

P = aTrc(R2 - R) (F.16)

enI It is emphasized that the h, functions from'
Equation F. 13 have a strong dependence on load
ratio, X. Again as described above,; 0 T is defined
using Equation F.7 for circumferential cracks
and using Equation F.8 for axial cracks. The
two as yet undefined parameters in Equation
F. 14, M. and P,0 are:

COD at ID

-Figure F.8 Crack opening pr
for axial cracks'

F.5.4 Plastic Components of J

--- = 4oR~cos(0/2)- 0.Ssin(6)] (F. 17)

-- For Circumferential
Cracks

P0 =2qoRt[r'-0-2sinx'(0.5sinO0) (F.18a)

For Axial Cracks

Po =o 0 Rt[;r-6-2sin-'(0.5sin6)] (F.18b)

Notice that, for the axial cracks the value of P0
(Equation F.1 8b) is one half that for
circumferential cracks. This is because hoop .

ofile stresses dominate the failure for axial cracks,
and hence P. should be smaller. Equation F.18a
represents the standard limit load estimate for a
circumferential crack in a pipe subjected to

-a: pressure. These definitions of P. lead to*
~d as: reasonable values for the h-functions that are

- 'i ) easily interpolated to provide very accurate:
(F.13) estimates between the values tabulated in Tables

F.l to F.4.
d in

The values of hloare tabulated in Tables F.1 and
fined as- - F.2 for circumferential cracks and Tables F.3

and F.4 for axial cracks. They have been
(F.14) tabulated for valuesofX -= [0, 0.5, 1.0, 2.0,4.0,
- 8.0, and infinity]. The case A = 0 corresponds to

finedthe pure pressure case without bending, while X
>fined as:.-- = infinity corresponds to the pure bending

solution.

For typical nuclear piping LBB applications, the
pipe experiences uniform or constant pressure
the entire time while the moment is applied. As
such, for a given crack size and material, the

The plastic component of J is estimate

JP =ao-0 e0 a(1-0hr)h1 (PIPg)

Everything has been previously define

Equation F. 13 except PO . which is de

P' = 02[1 R.t+ R

In Equation F.14, X is the load ratio de

M
(F.15)

PR
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only quantity that changes in the estimate for J
in Equation F. 13 is A which continually
increases as the moment increases, while P in
Equation F. 15 remains constant. The values of
X for which h, were tabulated are quite sufficient
for practical nuclear applications. In fact, for
practical purposes, a X value of 18 should be
used for interpolation when X is between 8 and
infinity. Most practical nuclear fracture
assessments for pressurized elbows rarely find X
greater than about 6.

The compilations in Tables F. 1 to F.4 represent
336 full nonlinear finite element solutions.
These were compiled by proportionally applying
the pressure and moment simultaneously.
However, as will be seen in the validation
section, solutions where pressure is applied first,
followed by moment compare very well with the
estimation scheme.

It is recommended that the plastic zone
correction applied to the elastic solution be
neglected. In general, as discussed in
References F. 1 to F.6, these type of I-estimation
solutions have fundamental errors associated
with them in the transition region between
elasticland fully plastic solution ranges.
However, we have found the plastic zone
corrections to be unnecessary for most of the
numerous validation cases that were performed
(to be summarized later) here. However, the
user can assure conservative solutions by
including the form of the plastic zone correction
procedure summarized on page 2-4 in Reference
F.4. The user might want to use the plastic zone
correction procedure for large 'n' values in cases
where the elastic contribution to I is large (large
crack size in high (R l t) elbow).

F.5.5 Plastic Components of COD

The plastic contribution to the crack opening
displacement can be calculated using:

axial cracks are tabulated for both the ID and
OD so the user can estimate the variation of
COD through the elbow thickness. As discussed
above, the usual assumption of an elliptic crack
opening shape works well for elbows even when
the opening varies through the thickness. P in
Equation F.19 is defined in Equations F.7 and
F. 16 for circumferential cracked elbows, and
Equations F.8 and F.16 for axial cracks. P. is
defined in Equation F. 18a for circumferential
cracks and Equation F.18b for axial cracks.

F.6 ESTIMATION SCHEME FOR PURE
BENDING OF ELBOWS (1 = INFINITY)

For the A = infinity case, a bending moment only
was applied. For this case, one can design the
estimation scheme based on an alternative
approach. The total estimate for J still uses
Equation F.4 and Equation F.6, for the elastic
estimate remains the same. Likewise, the total
estimate for COD (Equation F.5) remains the
same with Equations F.10 to F.12 providing the.
estimate for the elastic values. However, the
estimates for JP (Equation F.13) and of (Equation.
F.19) can be replaced by:

J1 =aq0 eoa(l-0I;r)h 1 (MIM)o" (F.20)

"P = aEoa4 (M IMo) (F.21)

The compilations for hM and h are

provided in Tables F.5 and F.6. These can be
compared directly with similar compilations for
straight pipe to observe the differences.

Alternatively, all of the h-functions could have
been based on formulas (Equations F.20 and
F.21). It is instructive to investigate the choice
made here to use Equations F.13 and F.19 rather
than Equations F.20 and F.21. It will be seen
that, in theory, one will obtain the same
prediction of the plastic components of I and.
COD using either normalizing parameters, the
choice made here results in much more accurate
interpolation within the tables for predictions
made for cases not directly tabulated.

8P =a6,ah2 (PIP,)Y (F.19)

The hz-function is tabulated in Tables F. 1 and
F.2 for circumferential cracks and Tables F.3
and F.4 for axial cracks. The functions for the
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First of all, from Figure F.9 the nature of the
Mconvergence of the h1  functions can be

observed. The dashed horizontal line represents

the converged solution of hi 1.3. This is

for R / t = 10. The curve with the filled circles
represents the convergence of the h-function
versus load for a pure bending case (no internal
pressure). The analyses were all performed
using ABAQUS and the constitutive law
represented by Equation F.2. Typically, the.-
solution is monitored until the plastic strains --

become greater than ten times the elastic strains
at every Gauss point in the body that is
monitored. It is seen that it converges to the:
correct value at an MI/M value of about 5..
Here, the monitoring procedure kept the analysis
going until MIM0='15. This was clearly :
adequate. In fact, convergence was assured for
every value listed in Tables F.1 to F.4 in this
fashion.

Also shown in Figure F.9 is a curve designated
with solid diamonds. This was a case where a'
pressure of 10 MPa (typical operating pressure) -
was applied first, and then the bending moment
was applied until it converged to the pure
bending solution. With the definition of lamda
(A = MI(PR)), since PR remains constant for this
case (constant pressure), it is clearly seen that

hM depends on X. As X approaches infinity,
the pure bending solution is obtained. This
convergence to the pure bending solution occurs
at large values of MIMO approaching 35. The h-
functions published in Reference F.1 were
developed in this way .- pressure applied and
held while the moment was applied. As such,
the h-functions really are those for the pure
bending case. Unfortunately, the h-functions
obtained in this way are non-conservative and.
one will typically under predict the value of J -
sometimes significantly, depending on X.

Figure F.10 compares the h-functions calculated
using Equations F.13 and F.20. The value of h
based on Equation F.20 is very large for smaller
values of X (for instance, h, - 3450 for A - 0.).
It is seen that the h-values based on Equation
F.13 have much more uniform values. It should

be clear that the interpolation between values in
the tables will be much more'stable using the'
normalization based on Equation F.13 versus
Equation F.20.

F.7 VALIDATION EXAMPLES

This next Section illustrates independent
validation of the estimation schemes developed
here. Before presenting the validation examples,
it is useful to discuss the Ramberg-Osgood
representation of material stress-strain data
versus actual data. 'Figure'F. 1 1 illustrates a
typical relationship. The bottom plot shows an
example of idealized data that are to be fit with a
Ramberg-Osgood equation. The 'flow-2' curve
has an elastic slope and a yield stress of 200
MPa (29 ksi) in this case. The Ramberg-Osgood
curve (Equation F.3) permits plastic strains to- -

occur throughout the deformation. -It is seen'
that, over the entire strain range, there is
negligible difference between a Ramberg-
Osgood and 'flow' representation (upper curve,
Figure F.i 1). However, in the small strain
regime, there are some small differences which
manifest themselves as slight differences in
predicted displacements, and J-Integral values.
It wili be seen that the representation in Figure
F. 11 results in a slightly conservative prediction
of J-integral values in the following results. It is
useful for the user of the estimation schemes to
keep this in mind when making engineering
predictions of fracture. How one fits a
Ramberg-Osgood relation to actual test data can
have an influence on predictions. See
References F.5 and F.6 for more details.

In addition to the consistency checks on solution
accuracy discussed above (see Figures F.9 and
F.10), additional quality control was maintained
by performing independent analyses. For each
crack type and size, an independent analysis was
performed for at least one set of material
parameters and often for several sets. These
validation analyses were performed as follows:
pressure was applied first followed by bending.
This violates the formal definition of a
deformation theory solution. However, it is an
excellent independent check on the accuracy of
the solution procedure since, in actual nuclear
piping, pressure is typically present, at constant
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value, and then bending is applied. It will be
seen that this results in slight differences
between the flow theory solutions (which are
strictly required for this set of loading
conditions), and deformation theory solutions.
For the examples which follow, the pressure
applied was 5 MPa (0.75 ksi) for R/t = 20, 10
MNa (1.5 ksi) for RJt = 10, and 20 MPa (2.9 ksi)
for the R/t = 5 cases. After the solution for
pressure was complete, bending was applied.
Solutions obtained in this manner are then
directly compared to predictions using the
estimation schemes developed here. The plastic-
zone correction to the elastic solution are not
included in the following.

F.7.1 Axial Cracks

Figures F.12 to F.14 illustrate the validation for
some of the axial crack cases. It is clearly seen

that the estimation scheme is quite accurate,
even for the flow theory cases. Notice that the
crack opening displacement (COD) begins at a
non zero value which corresponds the pressure
case before applying a moment. Note also that
the outer diameter (OD) COD's are typically
much smaller than the ID cases. In fact, crack
closure (Figure F. 13) occurs for some cases.

F.7.2 Circumferential Cracks

Figures F. 15 to F. 17 illustrate the validation for
some of the circumferential crack cases. Again,
the estimation scheme performs very well. It is
seen that there are some small differences
between the deformation and flow theory
solutions. However, in general, the deformation
theory solution is more conservative and the
estimation scheme typically falls between the
two solutions.

Circumferential Crack (Theta = 90, n=5)

10

.a

C0

Z.1
C-

0 5 10 15 20 25 30 35

MIMO

Figure F.9 Convergence of h-functions versus applied load
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Elbow - Axial Crack (Theta = 15, n=5, Rft=20)
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Figure F.12 Validation check (R/t = 20, axial crack 20 = 15 degrees, n = 5)
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Figure F.13 Validation check (R/t = 5, axial crack, 20 = 15 degrees, n = 5)
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Ebow - Axial Crack (Theta = 30, n=5, R/t=5)

10000

9000 i

8000

7000

6000

5000 - * Jest

'4000

3000

2000 -

1000

0
0.0 0.2 0.4 0.6 0.8 1.0

MIMO

10

9

7

E d 2 4> - OD-FEM-DER D|
E i OD-est ID
a COD-FEM-Flow ID

8

4

2-5

1

0

0.0 0.1 0.2 0.3 0.4 0.5

M/MO

Figure F.14 Validation check (R/t = 5, axial crack, 20 =30 degrees, n =5)

F-20



ei

N~

0.0 0.2 0.4 0.6 0.8 1.0 12

-MJMO -.- /m ,- -

1.4 1.6 1.8 2.o

20 -

18

16

14

12-

E 10

0
0 8

6

4

2

0O
0.OOE+O0 5.OOE-01 1.OOE+00 1.50E+0 -. 2.OOE+O0

Figure F.15 Validation check (R/t = S circumferential crack, 20 = 90degrees,
D= 5)

F-21 -



I

10000

9000

8000

7000

6000

-- JI-estE ~5000 J ~ -JFEM-DE6

4000

1000

0.0 0.2 0.4 0.6 0.8 1.0 1.2 1.4 1.6 1.8 2.0

M/MO

20-

18 -

16 -

14

12 - -COD-est

E 10 e o- COD-FEM-DEF
o -. - COD-FEMRow

aa

6-

4 -n" 44

2

0

0.OOE+00 5.00E-01 1.OOE+00 1.50E+00 2.00E+00

M/MO

Figure F.16 Validation check (R/t = 20, circumferential crack, 20 =90 degrees, n =5)

F-22



22000

17000

hi

12000

7000

2000

-

-3000

Elbow - Circunferential Crack (Theta = 90, n=5, R/t=20)

60

50

40

E

00

30
|- * COD est-Lam~da|
I--4- - COD-Flow 2

20

10

0
0.0 0.1 0.2 0.3 0.4 0.5

M-mo :

0.6

Figure F.17 Validation check (R/t = 20, ciriumferential crack, 20 = 180 &ypsma, v = 5)

F-23



I If

Table F.1 (a) Elbow with circumferential crack - combined pressure and bending compilation
(R/t =5, 0 = 45°)

n=3 n=5 n=7 n=10
F-(T) F-(B) Lamda hi hi hi hi
1.69 1.22 0.0 6.23 10.67 17.47 34.68

0.5 6.39 8.04 9.75 12.42
1.0 5.92 6.55 6.92 7.34
2.0 5.23 5.10 4.78 4.25
4.0 4.46 4.05 3.47 2.58
8.0 3.91 3.43 2.79 2.01

inf (=18) 3.17 2.76 2.11 1.36

V-1 (T) V-1 (B) Lamda h2  h2  h2  h2

2.04 1.19 0.0 8.59 14.87 24.65 49.31
0.5 6.56 7.99 9.56 12.05
1.0 5.70 6.17 6.45 6.78
2.0 5.09 4.92 4.61 4.08
4.0 4.59 4.17 3.57 2.67
8.0 4.24 3.71 3.04 2.20

inf (=18) 3.72 3.13 2.46 1.60

Table F.l(b) Elbow with circumferential crack - combined pressure and bending compilation
(R/t = 10, 0 = 45°)

n-3 n=5 n=7 n=10
F-(T) F-(B) Lamda hi hi hi h
2.16 0.87 0.0 10.55 17.79 28.26 53.93

0.5 8.75 11.96 14.42 18.32
1.0 8.46 11.86 13.60 16.54
2.0 7.91 10.47 12.80 15.27
4.0 6.83 9.06 10.76 12.08
8.0 5.85 7.82 8.99 10.76

inf (=18) 4.47 6.06 6.89 7.87

V-1 (T) V-1 (B) Lamda h2  h2  h2  h2

3.39 0.67 0.0 15.04 27.26 45.21 90.60
0.5 9.17 12.29 14.89 19.01
1.0 7.92 10.28 12.24 14.88
2.0 7.45 9.61 11.60 13.82
4.0 6.83 8.93 10.48 11.75
8.0 6.18 8.21 9.37 11.09

inf (=18) 5.07 6.89 8.06 8.86
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Table F.1(c) Elbow with circumferential crack - combined pressure and bending compilation
(R/t = 20, O = 450 ) - , I

n=3 -. n=5 =n1

F-(T)
3.01

F-(B)
0.25

Lamda
0.0
0.5

' 1.0
2.0
4.0
8.0

inf (=18)

hi
21.04
15.57
13.48
11.14
7.82
5.66
3.22

33.34
27.30
26.87
26.02
21.81
17.59
11.07

n=7

.hi
46.65
41.30
44.95
49.25
44.90
38.84
25.92

n = 10

- hi
4 61.68

72.98
88.46
113.49
115.15
96.94
66.57

V-1 (T)

6.30

V-1 (B) Lamda

0.66 0.0
0.5

' 1.0
2.0
4.0
8.0

inf (=18)

. h2

33.70
19.23
14.06

-11.75
8.95

: 6.43
2. 9.

h2

54.86
34.59
26.80
25.37
24.18

-21.00
14.08

h 2

81.83
54.73
44.28
45.85
47.14
45.08
33.69

:h 2

112.34
100.90
86.08
102.22
114.72
108.47
86.77

. I-

-

.
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Table F.2 (a) Elbow with circumferential crack - combined pressure and bending compilation
(R/t = 5,8 = 900)

n=3 n=5 n=7 n=10

F-(T) F-(B) Lamda hi hi hi hi
4.04 2.52 0.0 1.33 0.82 0.53 0.31

0.5 2.30 1.77 1.53 1.29
1.0 2.67 2.26 2.05 1.99
2.0 2.59 2.08 1.82 1.64
4.0 2.12 1.56 1.20 .90
8.0 1.75 1.14 0.79 0.50

inf (=18) 1.26 0.69 0.41 0.20

V-I (T) V-1 (B) Lamda h2 h2  h2  h2
6.52 4.46 0.0 2.11 1.14 0.70 0.38

0.5 2.92 2.08 1.72 1.42
1.0 3.26 2.55 2.26 2.14
2.0 3.21 2.43 2.07 1.83
4.0 2.83 1.95 1.47 1.08
8.0 2.49 1.53 1.04 0.65

Table F.2 (b) Elbow with circumferential crack -
(R/t = 10, 0 = 90) *

combined pressure and bending compilation

n=3 n=5 n=7 n=10

F-(T) F-(B) Lamda hi hi hi hi
4.16 3.24 0.0 1.99 1.00 0.62 0.36

0.5 3.28 2.45 2.02 1.69
1.0 4.04 3.23 2.88 2.68
2.0 4.12 3.19 2.72 2.46
4.0 3.53 2.46 1.88 1.38
8.0 2.98 1.88 1.33 0.82

inf (=18) 2.24 1.22 0.71 0.35

V-1 (T) V-1 (B) Lamda h2 h2  h2  h2

9.66 5.93 0.0 2.99 1.51 0.86 0.47
0.5 4.25 2.92 2.30 1.85
1.0 4.91 3.72 3.19 2.58
2.0 4.05 3.78 3.12 2.74
4.0 4.59 3.15 2.34 1.67
8.0 4.09 2.57 1.77 1.06

inf (=18) 3.35 1.84 1.06 0.50
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Table F.2 (c) Elbow with circumferential crack - combined pressure and bending compilation
(R/t = 20, 0 =900)

n=3 n=5 n=7 n=10
F-CT F-(B) Lamda h1  hi hi hi
5.00 4.56- 0.0 2.87 1.75 1.13 0.62

0.5 6.27 4.93 4.21 3.36
1.0 8.43:: 7.34 6.69 6.31
2.0 9.34 8.28 7.64 6.90
4.0 8.60 7.13 5.99 4.57
8.0 7.59. 5.58 4.52 3.21

inf (=18) 5.95 3.96 2.69 1.55

F- (T) F- (B) Lamda hi hi ii hi,
17.08 7.94 0.0 5.83: 3.26 1.95 0.99

0.5 . 8.27 6.31 5.22 4.03
1.0 9.94 8.69 . 7.85 7.26
2.0 10.72---- 9.85 - 9.16 8.25
4.0 10.09 8.95 7.69 5.93
8.0- 9.13- 7.32 6.12 4.44

inf (=18) 7.57 5.57 . 3.96 2.35

,: - -
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Table F.3 (a) Elbow with axial crack - combined pressure and bending compilation
(R/t = 5, O = 15°)

n=3 n=5 n=7 n=10

F-(T) F-(B) Lamda hi hi hi hi
1.57 0.81 0.0 1.01 0.49 0.22 0.07

0.5 0.73 0.28 0.10 0.02
1.0 0.65 0.25 0.09 0.02
2.0 0.59 0.24 0.09 0.02
4.0 0.53 0.22 0.09 0.02
8.0 0.46 0.19 0.07 0.02

inf (=18) 0.33 0.12 0.04 0.01

Inner Diameter
V-1 (T) V-i (B) Lamda h2  h2  h2  h2

1.45 1.20 0.0 1.42 0.70 0.32 0.10
0.5 1.49 0.59 0.21 0.04
1.0 1.61 0.62 0.22 0.04
2.0 1.76 0.73 0.27 0.06
4.0 1.81 0.78 0.31 0.07
8.0 1.68 0.72 0.29 0.07

inf (=18) 1.30 .0.51 0.19 0.04

Outer Diameter
V-1 (T) V-I (B) Lamda h2  h2  l h h2

2.04 -0.45 0.0 2.40 1.22 0.58 0.18
0.5 1.42 0.60 0.23 0.05
1.0 0.96 0.41 0.16 0.03
2.0 0.48 0.22 0.09 0.02
4.0 0.09 0.06 0.03 0.01
8.0 -0.15 -0.03 -0.01 -0.01

inf (=18) -0.37 -0.11 -0.04 -0.01
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Table F3 (b) Elbow with axial crack - combined pressure and bending compilation-
(R/t = 10, 0 = 15°)

|n=3 - n=5 n=7 n=10

F-(T) F-(B) Lamda hi hi hi hi
1.79 1.26 0.0 1.44 0.78 0.41 0.15

0.5 1.16 - 0.49 0.19 0.04
1.0 1.20 0.56 0.23 0.06
2.0 1.39 0.77 0.39 0.14
4.0 1.56 0.97 0.57 0.25
8.0 1.57 0.92 - 0.58 0.27

inf (=18) 1.25 : 0.73 0.39 0.17

Inner Diameter
V-1 V-1 (B) Lamda 12 hl h2  h2

1.83 1.73 0.0 2.08 1.18 0.63 0.24
0.5 2.28 ;0.99 0.39 0.08
1.0 2.73 - 1.30 0.55 0.14
2.0 3.53 2.06 1.08 0.40
4.0 4.10 2.77 1.68 0.79
8.0 -4.15 2.76 1.81 0.89

inf(=18) '- 3.39 2.23 1.28 0.59

Outer Diameter
V-1 (T) V-1 (B) Lamda h2  h2  h2 -h2

2.59 -0.77 0.0 3.50 2.05 1.13 0.43
0.5 2.28 1.12 0.48 0.11
1.0 1.73 0.96 0.45 0.13
2.0 -0.98 0.70 0.41 0.17
4.0 *0.11 0.22 0.18 0.10
8.0 -- 0.59 -0.21 -0.09 -0.03

inf,(=18) -- 1.25 -0.64 - -0.32 -0.13
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Table F.3 (c) Elbow with axial crack - combined pressure and bending compilation
(R/t = 20, 0 = 15°)

n=3 n=5 n=7 n=10

F-(T) F-(B) Lamda hi hi hi hi
2.18 1.94 0.0 2.89 2.19 1.60 1.02

0.5 2.46 1.37 0.67 0.22
1.0 2.95 1.96 1.16 0.58
2.0 4.21 3.59 2.87 2.04
4.0 5.39 5.34 5.14 5.39
8.0 5.60 5.82 6.44 6.91

inf (=18) .4.71 4.81 4.54 4.59

Inner Diameter
V-1 (T) V-1 (B) Lamda h2  h2 h2 h2

2.68 2.64 0.0 4.47 3.65 2.78 1.90
0.5 4.70 2.75 1.40 0.48
1.0 4.72 4.25 2.61 1.31
2.0 8.76 8.16 6.85 5.04
4.0 11.00 12.27 12.62 13.66
8.0 11.10 13.35: 15.64 17.76

inf (=18) 9.13 10.76 11.17 12.03

Outer Diameter
-V-1 (T) V-1 (B) Lamda h2  h2  h2 h2

3.72 -1.04 0.0 7.08 3.91 4.65 3.15
0.5 4.98 3.35 1.85 0.69
1.0 4.33 3.57 2.40 1.30
2.0 3.18 3.62 3.37 2.71
4.0 1.11 3.00 2.58 3.10
8.0 -0.95 -0.14 0.26 0.78

inf (=18) -3.14 -2.88 -2.62 -2.46
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Table F.4 (a) Elbow with axial crack - combined pressure and bending compilation
(R/t =5,0=300)

n=3 :.n5 =n=7 n=10

F-(o) F-(B) Lamda hi hi hi hi
2.18 0.79 0.0 2.32 1.67 1.20 0.83

0.5 1.45 0.72 0.35 0.13
1.0 1.07 ' - 0.45 0.18 0.05
2.0 0.79 0.32 0.12 0.03
4.0 0.56 0.22 0.08 0.02
8.0 0.40 0.15 0.05 0.01

inf (=18) 0.22 0.07 0.02 0.00

Inner Diameter
V-1 (T) V-1 (B) Lamda h2  h2  h2  h2

2.67 1.24 0.0 3.78 2.93 2.23 1.58
0.5 2.80 1.49 0.76 0.29
1.0 2.34 1.05 0.44 0.12
2.0 2.34 1.05 0.44 0.12
4.0 2.01 0.85 0.33 0.08
8.0 -1.68. 0.69 -0.26 0.06

inf (=18) 0.96 0.33 0.11 0.02

Outer Diameter
V-1 () V-1 (B) Lamda hi 11 h2 2 h2

3.87 0.16 0.0 6.35 4.90 4.03 2.91
0.5 :4.05 2.33 1.25 0.49
1.0 2.90 1.38 0.60 0.16
2.0 1.95 0.89 0.35 0.08
4.0 1.21 0.52 0.21 0.05
8.0 0.73 0.31 0.12 0.03

| inf(=18) - 0.25 0.10 0.04 0.01
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Table F. 4 (b) Elbow with axial crack - combined pressure and bending compilation
(R/t = 10, 0 = 300)

n=3 n=5 n=7 n=10

F-(T) F-(B) Lamda hi hi hi hi
2.58 1.22 0.0 4.26 4.35 4.70 5.88

0.5 2.64 1.73 1.22 0.80
1.0 2.18 13.16 0.62 0.24
2.0 1.95 1.11 0.59 0.22
4.0 1.67 0.99 0.57 0.24
8.0 1.37 0.80 0.19 0.20

inf (=18) 0.88 0.47 0.24 0.09

Inner Diameter
V-I (T) V-1 (B) Lamda h2  h2  h2  h2

4.13 2.01 0.0 8.48 9.81 11.35 14.96
0.5 5.99 4.48 3.41 2.40
1.0 5.21 3.12 1.78 0.67
2.0 4.93 3.03 1.68 0.62
4.0 4.61 2.91 1.75 0.76
8.0 4.05 2.54 1.52 0.69

inf (_18) 2.91 1.68 0.90 0.34

Outer Diameter
V-1 (T) V-1 (B) Lamda h2 ho h2  h2

5.64 0.40 0.0 12.92 15.37 18.03 23.83
0.5 8.21 6.59 5.20 3.16
1.0 6.27 4.01 2.38 0.87
2.0 4.81 3.12 1.77 0.70
4.0 3.48 2.34 1.87 0.64
8.0 2.39 1.64 1.02 0.48

inf (=18) 1.00 0.67 0.38 0.15
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Table F. 4(c) Elbow with axiai crick-- combined pressure and bending compilation
(R/t = 20, 0 = 30°)

n=3 n=5 n=7 n=10

F-(T) F-(B) Lamda hi' -- h h hi
3.13 1.91 0.0 9.38 -15.32 27.79 79.02

0.5 5.87 ' - 5.53 6.71 9.57
1.0 5.51 4.46 3.55 2.68
2.0 5.96 5.13 4.35 3.43
4.0 5.96 6.14 6.07. 2.95
8.0 5.33 5.61 5.89 5.68-

inf (=18) 3.64 3.47 * 3.23 3.03

Inner Diameter
V-1 (T) V-1 (B) Lamda h2  h2  h2  h2

6.78 3.64 0.5 22.16 41.11 79.18 233.37
1.0 15.12 17.82 22.37 16.14
2.0 '14.03' 13.13 11.61 9.62
4.0 14.72 14.20 12.74 10.53
8.0 14.96 16.90 17.65 17.73

inf (=18). 13.76 ' 16.00 17.75 18.10
inf.(=18) 9.95 10.57 '10.48 10.29

Outer Diameter
V-1 C) V-1 (B) Lamda h2  h2 h2  h2

8.71 1.36 0.0 28.07 57.82 111.73 329.87.
0.5 19.34- 24.05 30.95 15.74
1.0 16.16 15.95 14.60 12.49
2.0 14.43 14.48 13.25 11.15
4.0 12.42 14.78 15.70 16.00
8.0 9.74 12.18 13.97 14.47

inf (=18). 5.20 .6.03 6.20 6.29
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Table F-5 Elbow with circumferential crack - pure bending compilation (0= 45, 900)0 for use with
Equations E.19 and E.20
(a) R/t = 5, (b) Rt =10, (c) R/t =20

(a)

n=3 n=5 n=7 n=10
o hi hi hi hi

45.0 3.27 2.89 2.24 1.47
90.0 1.31 0.73 0.44 0.22

0 h2 h2  h2  h2
45.0 3.81 3.25 2.60 1.72
90.0 2.05 1.08 0.64 0.32

(b)

n=3 n=5 n=7 n=10
o hi hi hi hi

45.0 4.61 6.34 7.32 8.55
90.0 2.32 1.29 0.77 0.38

0 h2  h2  h2  hz
45.0 5.18 7.16 .8.49 9.55
90.0 3.45 1.93 1.13 . 0.55

(c)

n=3 n=5 n=7 n=iO
0 hi hi hi hi

45.0 3.32 11.58 27.53 72.32
90.0 6.18 4.20 2.91 1.72

0 h2  h2  h2  h2
45.0 3.06 14.62 35.51 93.56
90.0 7.79 5.84 4.24 2.58
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Table F.6 Elbow with axial crack - pure bending compilation (0 = 15, 300)0 for use with Equations
E.19 and E.20 - :
(a) R/t=5,(b)R/t=10,(c)Rlt=20 -

(a) 1:'

* n=5 n=7 n=10
n=3

O . he
15.0 5.8
30.0 4.0

Inner Diameter
I B 1 - . h2
15.0 11.2
30.0 8.3

Inner Diameter
0 h2

15.0 -3.2
30.0 2.1

. . .. .

9..1
5.6

.... I .1 h2.

18.5
'' , ' 12.0

n=7
hi

13.62
7.5

-1 2  h2

28.4
1 16.5

,n=10
Hi

22.8
11.4

. . h2

'' 49.4
25.8

h2

-8.7
'9.0

h.2
-4.1
3.6

h2

-5.6
5.4

(b) - ' L;.
O . . . I

n=10 - I || -n=3
O hi

15.0 ' 22.1'
30.0 15.5

Inner Diameter
o - ' h2

15.0 29.2
30.0 25.1

Inner Diameter-
o H2

15.0. -10.8
. . 8.7 .

. - .-n=5
hll

: 54.6
35.4

. I --

. . li.

h2
80.8
61.3

.: t

h2
-23.1
24.5

n=7
'hi
123.0.
76.5

h2

195.8
138.6

h 2

-49.5
58.8

* -hi
467.5
240.1'

h 2

777.9 -
457.0

h 2 , .-

-176.30
205.6

_ I

(c)
I-.

0
15.0
30.0

-Inner E
0

- 15.0
30.0

Inner D
0

15.0
30.0

n=3 -- '5
-.Shi- - -hi

83.4 ' - 358.0
64.6 259.4

)iameter - - - ''
h2 h12

-78.8 390.7
86.1 385.3

)iameter
H2 h2

-27.1 -104.5
45.0 219.7

n=7
hi

1422.8,
1017.9

.h2
1705.8
1609.4

h2
-400.8 -
951.6

- n=10;-
hi

12395.0
8254.8

h2

,,15853.2 -
,- 13664.0--112

-3240.7
8350.6--
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F.8 SIMPLIFIED ANALYSIS FOR
THROUGH-WALL CRACKS IN ELBOWS

To establish a more complete Regulatory Guide
for Leak-Before-Break, an evaluation procedure
for through-wall cracks in elbows was desired.
Finite element solutions for elbows with axial
and circumferential cracks under combined
pressure and bending have been developed as
discussed above. This effort was somewhat
similar to the work done for surface' cracks in
NUREG/CR 6444, "Fracture Behavior of
Circumferentially Surface-Cracked Elbows" that
was done for the IPIRG-2 program, Ref. F.14.

The recent through-wall-cracked elbow work
developed a limited number of finite element
solutions and a J-estimation scheme with h-
function fits through these solutions. As with
the case of the prior surface-cracked elbow
work, it was desirable to see if a simplified
solution could be developed from these results
and be applicable over a wider range of through-
wall cracks in elbows.

F.8.1 Finite Element Analyses

As discussed above, numerous 3-D finite
element analyses were developed for the intent
of developing a J-estimation scheme analyses.
In developing these analyses, there were a
limited number of analyses that could be
conducted. The analyses conducted were for

* Axial (flank) cracks with two crack lengths,
* Circumferential (extrados) cracks with two

crack lengths,
* Elbows with two different cross-sectional

radius-to-thickness (R/t) ratios,
* 90-degree, long-radius elbows,
* Materials with several different strain-

hardening exponents, and
* Combined internal pressure and bending.

The initial finite element analyses were nade
with a constant pressure and varying the bending
mome..nL For the estimation scheme developed,
additional analyses were conducted where the
pressure was varied in proportion to the bending
moment. In the constant pressure cases, the

pressure was fixed so that the hoop stress
corresponded to the average design stress (S.=) of
nuclear pipe materials. From NUREG/CR-6445,
this S. value was estimated to be 122.5 MPa
(17.7 ksi), Ref. F.1.

For the purpose of evaluating an estimation
procedure, the constant pressure elbow finite
element results were used directly, rather than
using the estimation procedure.

The cases chosen to evaluate were:

* The longest and shortest crack lengths,
* Both axial and circumferential crack

orientations, and
* The largest and smallest cross-sectional R/t

ratios.

Since most nuclear pipe materials have strain-
hardening exponents of about 5, only that case
was examined. Thus, the extreme eight cracked
elbow cases were examined.

F.B.2 Simplified Procedures
., ,

In NUREG/CR-6444, a simplified procedure
was developed for surface cracks in elbows, Ref.
F. 14. This involved comparing the elbow results
to those for a circumferential surface crack in a
pipe of the same dimensions and with the same
material properties.

From that report, it was found that the ratio of
the pipe to the elbow moments at the same J
value was constant as the J value increased.
This constant ratio between the elbow and pipe
moment values for a particular case was found
to be theoretically correct when comparing the
general equations for fully plastic solutions for
straight pipes and elbows as given below:

JPIPe = aaoscobhfPe (M Pi.P /M Pi.Pe)+I (F.22a)

] otoM~s /t~t)](M M)'l.22b)
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where, -a

aa.,e.,n = Ramberg-Osgood parameters
hPiPe, hI'>° = FEM determined geometric
parameters relating moment to J
MP'P', MOCI°W = reference moments at a stress of
a0
b = t-a
t = thickness
%I = an elbow parameter = Reit/Rm2

R,, = bend radius of the elbow
Rm = mean radius of pipe and elbow

Considering the case where JOPi = J", for the
same material, pipe size, and crack size gives

V )n Ij = hCIbow

[Rn/(Xt)](Mow/Moerow)"+1 (F.23)

experiments; Ref. F.9. However, the
LBB.ENG2 analysis requires an additional
parameter that was not used in the FE solutions,
that is, the ultimate strength of the material. For
this analysis procedure it was assumed that the
yield to-ultimate strength ratio was 0.85.

The GE/EPRI solution does not need the
ultimate strength of the material, so it was also
used. However, it was experimentally found
that the GE/EPRI analysis was the most
conservative analysis in predicting the full-scale
straight-pipe experiments, i.e., it overpredicted
the crack-driving force, Ref. F.9.

All analyses were for 410-mm (16.14-inch)
outside diameter pipe. Additionally, all analyses
were conducted with non-growing cracks.

Rearranging Equation F.23 gives F.8.2.2 Comparison of Circumferential
* 'e ' Extrados Through-Wall-Cracked Elbow and

(MPiPelMebw)Xo = [(h 1e'h0w/h 1PiPe)lJ(D+1) * - Straight-Pipe Solutions - To make this
[RmI(Xlt)]1 (1 + )(M0 P /lMow )fl (F.24) comparison, the J versus moment curves from

both the straight pipe and elbow solutions were
For a given material, pipe, and elbow geometry first compared. Figures F.18 and F.19 show the
and similar crack size, the right-hand side of . results for the circumferential crack case with an
Equation F.24 is a constant and independent of Rht of 20 and total crack lengths of 90 and 180
the J value, and hence (MPiPe/MTh°w) is a degrees. Note in Figure F.18 that there is also a
constant. The plastic part of J dominates the curve for an elbow curve-fit equation. This was
moment ratio for JappLd values of generally done since the pipe and elbow solutions did not
greater than 100 kJ/m2 (570 in-lb/in2), which have values at exactly the same J values. The
bounds the toughness range of typical nuclear elbow curve-fit equation (as shown in Figure
piping materials, except perhaps some aged F.18) was used to compare the moments of the
CF8M steels. It was then found that the constant elbow to the straight pipe at the same J values,
value for the particular crack-size/pipe radius-to-. i.e., for (MPiIPe/Mt)bw)I,.
thickness geometry/material case varied linearly
with the elbow stress indices, B2. This same Figure F.18 shows that the curve fit is a very
simplified approach was examined for through- close approximation of the FE data points. Also,
wall cracks in elbows as part of this effort. there is a difference in the two straight-pipe

- solutions, with the GE/EPRI solution giving
F.8.2.1 Straight-Pipe Solutions - For the higher J-values as was expected.
relative comparison of the moment versus J
solutions of the straight pipe to the elbow cases, - In Figure F.19, it is interesting to note that the
two different circumferential through-wall- elbow and LBB.ENG2 straight-pipe analyses
cracked straight-pipe solutions were used. . * give similar results, whereas the GE/EPRI
These were the LBB.ENG2 and original ; solution for the straight pipe gives much higherJ
GE/EPRI methods in Version 3.0 of NRCPIPE T-,--:7-: values. After these analyses were completed, it

- was recalled that the 180-degree crack R/t=20
The LBB.ENG2 method was used since it was analysis in the GE/EPRI solution in NRCPIPE
the most accurate in predicting the maximum -was found to be in error, so that in this case only
moment for through-wall-cracked straight-pipe the LBB.ENG2 analysis should be used.
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The results for the Rht = 5 case are show in
Figures F.20 and F.21.

The next step was to compare the ratio of the
moments at the same J value. A graph of the J

value versus the moment ratio is given for each
case in Figures F.22 to F.25.
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i 40,000-

; 30,000 -

20,000 -

10,000

0
0 0.2 0.4 0.6 0.8

M, MN-m

* Elbow FE - Straight-pipe LBB.ENG2
Straight-pipe GE/EPRI + Elbow curve-fit equation

Figure F.18 Comparison of J versus moment curves for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t =20 and 20=90 degrees
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Figure F.19 Comparison of J versus moment curves for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t = 20 and 20=180 degrees
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Figure F.20 Comparison of J versus moment curves for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t = 5 and 20=90 degrees
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Figure F.21 Comparison of J versus mnoiment curves for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t = 5 and 20=180 degrees
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* Figure F.22 Comparison of J versus moment ratios for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t = 20 and 20=90 degrees
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Figure F.23 Comparison of J versus moment ratios for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t = 20 and 20=180 degrees
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Figure F.24 Comparison of J versus moment ratios for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t =5 and 20=90 degrees
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Figure F.25 Comparison of J versus moment ratios for a circumferential through-wall crack in a
straight pipe and centered on the extrados of an elbow with an R/t =5 and 28=180 degrees
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The final step was to compare the constant
moment ratio values from Figures F.22 to F.25
to the stress indices for the elbows. Since the
elbow was under bending, the ASME B2 index
was used. The B2 index is for primary bending
stresses to avoid failure by collapse (using the
design stress analysis definition of limit load). It
should be noted that the elbow stress indices
essentially gives a stress multiplier for the
location in the piping product where the stresses
are the highest. For the case of an elbow under
bending, the stresses are the highest along the
flank of the elbow normal to the axial direction.
Equations F.25 and F.26 define the B2 stress
index from Section II, Article NB-3683.7 of the
ASME Boiler and Pressure Vessel Code.

condition in the development of the FE elbow
results.

The results of this comparison are shown in
Figure F.26. If there is essentially no effect of
the elbow curvature on the fracture behavior,
then the moment ratios should be close to 1.0 for
all B2 values. On the other hand, if there was a
strong effect of the elbow curvature, then the
moment ratios should be close to the 45-degree
line in Figure F.26. As can be seen in Figure
F.26, the values are all close to 1.0 indicating
that for a circumferential through-wall flaw in an
elbow that the straight-pipe solution could be
used.

There was one data point that gave an
Mpi;JMero value of about 0.5. This was when
the GEIEPRI solution was used for the case of a
180-degree flaw in pipe with an R/t of 20.
However, we know that the solution in this case
is not correct in NRCPIPE so that this data point
can be disregarded. Consequently, the
circumferential through-wall-flaw straight-pipe
solution could be used in the new LBB
Regulatory Guide for the fracture analyses of the
case of a circumferential through-wall flaw in an
elbow.

B2 = 1.3h213 , B2 2 1.0 (F.25)

Where,

h = tRl1 / R. (F.26)

These equations assume the elbows have a
perfectly circular cross section, which was a

5

4-

j2 /

2`2

/ [ GEYEPRIsOution inNC:P: ]I

0 1 2 3 4

I LBEB EN32 iircrYealI. * GE/EPFI circuTtereriai

5

.-.

Figure F.26 Ratio of circumferentially through-wall-cracked pipe-to-elbow moments for constant
applied J values versus the ASME B2 index for the elbow
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F.8.23 Comparison of Axial Flank Through-
Wall-Cracked Elbow and Straight-Pipe
Solutions - To make this comparison, the J '
versus moment curves from both the straight-
pipe and elbow solutions were compared in a
similar manner as was done for the elbow
circumferential crack case. Figures F.27 and
F.28 show the results for the axial flank crack
case with an R/t of 20 and total crack lengths of
15 and 30 degrees. Figures F.29 and F.30 show
the results for the axial flank crack case with an
R/t of 5 and total crack lengths (20) of 15 and 30
degrees.

The final step was to compare the constant
moment ratio values from Figures F.3 1 to F.34
to the B2 stress indices for the elbows.

The results of this comparison are shown in
Figure F.35. If there is essentially no effect of
the elbow curvature on the fracture behavior,
then the moment ratios should be close to 1.0 for
all B2 values. On the other hand, if there was a
strong effect of the elbow curvature, then the
moment ratios should be close to the 45-degree
line in Figure F.35.

In Figures F.27 to F.30, it can be seen that the' - As can be seen in Figure F.35, the moment ratio
elbow solutions give higher J values than the - values show that there is an effect of the elbow
straight pipe solutions for the same moment. curvature on the crack-driving force for an axial
The GE/EPRI solution always gives a higher through-wall crack on the flank of an elbow. A
crack-driving force than the LBB.ENG2 analysis conservative option would be to divide the
for the two straight-pipe solutions'; This is circumferential through-wall straight-pipe
consistent with past experience. The crack - 'moment by the elbow B2 value for an axial
lengths are much shorter in these analyses than through-wall flaw on the flank of the elbow.
what was used in the circumferential cracked - - Alternatively, a linear correction such as
elbow analysis, so that there was no problem- -suggested by the lines in Figure F.35 could be
with either straight-pipe solution in the used. Consequently, the moment from a
NRCPIPE code. '. . circumferential-through:wall-flaw straight-pipe

solution (under~pressure and bending) divided
The next step was to compare the ratio of the by the elbow B2 stress index'could be used in the
moments at the same J value. A graph of the new LBB Regulatory Guide for the fracture
moment ratio versus the J value is given for each analyses for the axial flank through-wall flaw
case in Figures F.31 to F.34. Again note how case in an elbow.
the moment ratio reaches a constant value as the,
plastic solution of J dominates.

. . . i. :; " -- - ; �j , - . - I

F43



- X1

200,000

175,000

150,000

125,000

100,000

75,000

50,000

25,000

0
0 0.5 1 1.5 2 2.5 3

M, MN-m

-4-Elbow FE -- Straight-pipe LBB.ENG2 A Straight-pipe GE/EPRI ||

Figure F.27
pipe and an

Comparison of J versus moment curves for an axial through-wall crack in a straight
axial through-wall crack on the flank of an elbow with an R/t = 20 and 29=15 degrees
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Figure F.28 Comparison of J versus moment curves for an axial through-wall crack in a straight
pipe and an axial through-wall crack on the flank of an elbow with an R/t = 20 and 20=30 degrees
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Figure F.29 Comparison of J versus moment curves for an axial through-wall crack in a straight
pipe and an axial through-wall crack on the flank of an elbow with an R/t =5 and 20-15 degrees
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Figure F.30 Comparison of J versus moment curves for an axial through-wall crack inmastraight
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Figure F.31 Comparison of J versus moment ratios for an axial through-wall crack in a straight
pipe and an axial through-wall crack on the flank of an elbow with an R/t = 20 and 20=15 degrees
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Figure F32 Comparison of jversus moment ratios for an axial through-waU crack in astraight,
pipe and an axial through-wail crack on the flank of an elbow with an R/t = 20 and 20=30 degrees
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Figure F.33 Comparison of J versus moment ratios for an axial through-wall crack in a straight
pipe and an axial through-wall crack on the flank of an elbow with an R/t = 5 and 20=15 degrees

160,000 .

140,000

120,000

. . . I

, .100,000~

2 80.000w

60,000

. 40.000 1
20,000

: , . .- -

,1, .. 0.0
0 01 0 . 5 .0

1.0 . 2.0

-. MIMS

3.0 4.0 5.0
.- I � v, �

* I-LBB.ENG2- GE/EPRII

Figure F.34 Comparison of J versusnmoment ratios for an axial through-wall crack in a straight
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Figure F.35 Ratio of axially through-wall-cracked pipe-to-elbow moments
for constant applied J values versus the ASNIE B2 index for the elbow

F.8.2.4 Comments on Crack-Opening
Displacement - The analyses conducted in
Sections F.8.2.2 and F.8.2.3 for circumferential
and axial through-wall cracks in elbows,
respectively, were for determining the crack-
driving force when plasticity occurs. This
would be valid for the LBB fracture assessment
under normal plus SSE loads. The crack-
opening displacement, however, occurs under
more elastic loading conditions. It was beyond
the scope of this effort to make those
comparisons, and using the same B2 correction
approach should be used with caution with the
COD analysis.

F.8.3 Summary and Conclusions

The objective of this evaluation was to
determine if a more simplified analysis could be
established for axial and circumferential
through-wall cracks in elbows under combined
pressure and bending. This was assessed by
using the elbow finite element analyses
developed as part of this effort with a hoop
stress loading of 1.0 Sm for typical nuclear
piping steels. The approach undertaken was to
compare the ratio of the moments for the same
size crack in an elbow and straight-pipe at the

same applied I values. This was similar to
efforts done for circumferential surface flaws in
elbows in the IPIRG-2 program. The following
conclusions came from this analysis.

* The results of the analysis showed that a
circumferential crack centered on the
extrados of an elbow had the same crack-
driving force under plastic conditions as a
circumferential through-wall crack in a
straight pipe. Hence, for the new LBB Reg.
Guide, the simple straight-pipe solutions
could be used for the fracture analysis of a
circumferential through-wall crack in an
elbow.

* The results of the analysis showed that an
axial crack on the flank of an elbow had a
higher crack-driving force under plastic
conditions than a circumferential through-
wall crack in a straight pipe. A conservative
approach would be to use the straight-pipe
solution, but divide the straight-pipe
moment by the elbow B2 index. This could
readily be done in the new LBB Reg. Guide
Level 1 or 2 analyses for the fracture
analysis of an axial flank through-wall crack
in an elbow.
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* The COD evaluations were not conducted in
this effort. Caution should be used in
applying this same approach for the COD
values since the COD should be for elastic
loading where the constant moment ratio
that occurs under plastic conditions does not
exist.
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APPENDIX G

EVALUATION OF REACTOR PRESSURE VESSEL (RPV) NOZZLE TO
HOT-LEG PIPING BIMETALLIC WELD JOINT INTEGRITY FOR THE

V. C. SUMMER NUCLEAR POWER PLANT



G.1 SUMMARY

In October 2000 the V. C. Summer Plant was
shut down for a normal refueling outage.
During the normal inspection a leak was -

discovered in the vicinity of one of the reactor '
pressure vessel (RPV) 'outlet nozzle to hot-leg
pipe bimetallic welds. Ultrasoinic tests per- -

formed on the pipe from the inside surface
revealed a single axial flaw near the top of the-
pipe. During destructive inspection of the crack
zone, additional smaller axial flaws were
identified, along with several small circumfeien-'
tial indications. The cracking was attributed to
primary water stress corrosion cracking - -

(PWSCC).

In order to be able to predict the growth rates for
these PWSCC cracks, and therefore, predict the
amount of time required before leakage occurs, a
detailed analytical model of the V. C. Summer
bimetallic pipe weld was performed. ' All of the 'i;
fabrication processes involved in the construc-I'-
tion and repair of the V. C.Summner hot leg bi-M
metal weld were considered.' This included hot
leg buttering and welding of a pressure vessel
nozzle to a stainless'steel pipe using Inconel
82/182 filler material, material removal and'
repair, heat treatment, and service loads.'
PWSCC crack growth predictions were made for
the cases of weld residual stresses only, and
residual stresses with service loads. Predictions"
of axial cracks growth rates along with circum-"
ferential crack growth rates were made. Some -

of the key results from this series of analyses are
summarized in the following paragraphs.-'

For reducing the effect of both axial and circum
ferential PWSCC after weld repairs, inside weld-
ing followed by outside welding is preffrred.'t-
Both cases were considerd in the analyses since
the precise repair sequence in the V. C. Summer
plant was not known.' This illustrates the-power
of computational weld models'and suggests that'
field weld repairs should be'designed and driven
by a corresponding weld analygis'to reduce' the'
propensity for SCC in piping.

In particular, hoop residual stresses (which lead
to axial cracking) after complete fabrication are

mostly tensile in the weld region. For the case'
of outside weld repair followed by inside weld-
ing, high tensile residual stresses are produced
everywhere. For the inside weld followed by
outside weld case, a small zone of compressive
hoop residual stresses develop at the pipe inside
surface at the weld. Moreover, hydro testing -'
does not alter fabrication residual stresses very
much.

Service load effects on PWSCC were also con-
sidered. Heating the hot leg pipe system up to
operation temperature of 3240 C (6150 F) actually
reduces axial fabrication stresses to mainly com-
pressive values due to the expansion of the hot
leg pipe and the rigid constraint provided by the
vessel and steam generator. Hoop residual
stresses are unaffected by heating up to operat-
ing temperatures. Since as fabricated axial
residual stresses are low at operating tempera-
ture, circumferential stress corrosion cracking is,
not expected due solely to fabrication stresses.
Service loads dominate circumferential PWSCC.

Axial crack growth is dominated by fabrication'-
residual stresses, but the internal pressure'does
play an important role in PWSCC. Weld repairs
can alter residual stresses in pipe fabrications.
In general, stress reversal in sign occurs near the
start/stop locations of the repair. This can . -
possibly result in a PWSCC crack stopper or can
slow down the crack growth rate as the crack'
approached these locations. A similar reversal
in the sign of the stress occurs in a baseline weld
near the torch start/stop locations or weld
repairs.

The analysis results here show that axial crack-
ing should be confined to the weld region' Start-
ing from a crack 5 mm (0.2 inches) in depth, the.
crack should break through the pipe wall within
two years. The crack nucleation'time is some-
thing that should be studied in more detail in the
future. Circumferential cracks should take about
twice as long to become a through wall crack
compared with axial cracks. Circumferential
cracks will tend to grow longer than axial*
cracks. However, since service loads dominate.
circumferential cracks, they will slow their -
circumferential growth as they grow toward the
bottom of the pipe.- Here, by bottom of the pipe,

.. t
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it is understood to be the compressive bending
stress region of the pipe. The service loads
consist of thermal expansion mismatch, tension
caused by 'end cap' pressure, and bending. The
bending stresses caused by a bending moment
are compressive 180 degrees from tension zone.
Part through circumferential cracks that initiate
in the tension zone and grow beyond the bend-
ing neutral axis may slow down as they
approach the compressive bending stress zone.
However, for non-fixed bending axes, where the
tension zone changes, this may not be
significant.

Grinding of welds may lead to scratches, which
in turn may lead to crack initiation sites. Grind-
ing of welds should be performed carefully. It is
of use to study the effect of grinding on both
residual stresses (caused by grinding) and crack
initiation sites. Numerical models of the grind-
ing process can and should be developed and
used to guide field grinding operations.

'. Finally, PWSCC growth would be best con-,-
- sidered using a risk based probabilistic approach

using TRACLIFE or similar code because of the
inherent variability in many factors that lead to
corrosion cracking.

G.2 INTRODUCTION

In October 2000 the V. C. Summer Plant was
shut down for a normal refueling outage. Dur-
ing the normal inspection, significant boron
deposits were discovered in the vicinity of an
RPV outlet nozzle to pipe weld for the hot leg
pipe (large pipe from the reactor pressure vessel
to the steam generator). Leakage records
showed a nearly constant value of 0.3 GPM
unidentified leakage from all sources, well
below the plant technical specification limit of
1.0 GPM (Ref. G.1).

The design geometry of the nozzle to pipe weld
is shown in Figure G. 1. Ultrasonic tests per-
formed on the pipe from the inside surface
revealed a single axial flaw near the top of the
pipe [Ref G. 1]. The flawed region was then
removed, and a new spool piece was welded in
place. The repair weld was made with Alloy 52,
a material which is much more resistant to SCC

(stress corrosion cracking) compared with
Alloy 821182.

The purpose of this study was to study the crack-
ing behavior in bimetallic welds of the type used'
in the V. C. Summer plant. Tensile weld resid-
ual stresses, in addition to service loads, con-
tribute to PWSCC (Primary Water SCC) crack
growth. In order to be able to predict crack
growth rates, and therefore, predict the amount
of time required before leakage occurs for nor-
mal PWR conditions, a detailed analytical model
of the V. C. Summer bimetallic pipe weld was
performed.

The work plan outlined here was to help. support
the NRC's assessment of the cracking found in
the 'A' RPV nozzle to hot-leg pipe bimetal weld
in the Virgil C. Summer nuclear plant. The hot
leg weld is a bimetallic weld joining a SA-508
(Class 2) reactor vessel nozzle with a
Type 304N stainless steel pipe using an Inconel
weld procedure (Figure G. 1). Figure G.2 illus-
trates the geometry of this type of nuclear plant
in simple format. The hot leg pipe carries
reactor-heated water to the steam generator. It is
then re-circulated by the pump back through the
'cold leg'. Both the hot and cold leg stainless
steel pipes are joined to the reactor vessel
nozzles via bimetallic welds. The cracking of
concern occurs in the Inconel weld only.

The analysis work reported here was broken into
three tasks. The first task was to model the'
residual stresses that develop from welding.
This analysis included the effects of selected
repair weld analyses. The second was to vali-
date the model by performing measurements on
a similar bimetallic welded pipe that was
obtained during an earlier NRC program at
Battelle (Ref. G.2). The final task involved..
evaluating stress intensity factors along with
performing simple pressurized water stress cor-
rosion cracking (PWSCC) analyses of the
cracks. All work was performed as part of,
Task 8 of the BINP Program. Funding for this
Task 8 activity was provided by the US NRC.
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Figure G.1 Geometry of VC Summer hot leg/RPV nozzle bimetallic'weld joint

G.3 GENERAL OVERVIEW OF'
ANALYSIS WORK PERFORMED

Three separate sets of weld analyses were
performed. These included: (i) analysis of a
cold leg bimetallic weld used in an experiment .
conducted by Battelle in an earlier NRC spon '--
sored program [2], (ii) analysis of a typical.
design bimetallic weld in the V. C. Summer
plant for V. C. Summer hot legs 'B' anid 'C','and
(iii) repair weld analyses of several typical
repairs. The first analysis was planned for
model validation purposes while (ii) was
planned to predict the crack growth response
within residual stress fields and operating loads
for a typical hot leg plant weld. Analysis set
(iii) quantified the important effect that weld
repairs have on weld induced residual stresses

and on the corresponding crack growth through
the repair weld residual stress fields.

The analyses in sets (i) and (ii) were performed
using both axis-symmnetric analysis and full 3D
analysis. The analysis set (iii) was performed
using full 3D analysis. It is noted that 3D weld-
ing considerations can have an important effect
on the residual stresses, especially in the region
of the weld start/stop locations and for consider-
ing the effects of weld repairs. The axis-
symmetric analyses of (i) and (ii) provided an
initial 'general' overview of the residual stress
fields-in this bimetallic weld. However, as
discussed below, full 3D effects will be included
in the fracture assessment even for the axis-
symmetric weld modeling case.

G-3



c

Figure G.2 Piping system geometry

a



G3.1 Weld Residual Stress Analysis

The series of weld modeling analyses listed
below were performed.

Axis-symmetric Cold Leg Analysis. A
weld analysis of a bimetallic weld from a
cold leg that was tested as part of the NRC
program 'Short Cracks in Piping and Piping
Welds' program was performed first. The
weld analyzed joined an A516 Grade 70
carbon steel pipe to a 316 SS safe end using
an Inconel weld procedure (Figure G.3).
The pipe diameter was 36-inch with a thick- I.
ness of 3.4 inches. The materials and geo-
metry of this 'case are similar to the hot and
cold leg welds in the V. C. Summer plant
The purpose of this analysis was to validate
the weld models for the bimetallic weld
case. It should be noted that Battelle's weld
models (VFfm [3]) have extensive valida-
tion from other programs in industry,
US Government, and overseas utilities. It'I
will be seen, however, that the residual -

stress measurements from this effort are of
questionable validity.

* Akis-symmetric Hot Leg Analysis. Weld.
analysis of the design hot leg bimetallic
welds in the V. C. Summer plant were con-.-
du'cted. This analysis was quite complicated
since the actual field welds sequence;
including grinding and repair were con-
sidered. This analysis predicted the residual
stresses for use in a fracture assessment in
Task 3. Weld joint specifications and -
material properties available from the
licensee were provided by the NRC so as to'
accurately model the residual stresses.

* Three Dimensional Analysis of Hot Leg.'
The analyses discussed above assumed axis-'' - i
symmetric conditions for the analysis. It is
known that full three dimensional weld
residual stress states can vary significantly
from an axis-symmetric solution near the
regions of the weld torch start/stop
positions. In general, compressive residual
stresses often develop near the regions of the
start/stop locations. As such, an axis-
symmetric solution is normally considered

conservative compared with a full three
dimensional solution. With this in mind, the
three dimensional analysis of the hot leg
weld was performed to quantify the '3-D'
effects on PWSCC in PWRs. Two separate
repair lengths and two depths (a total of
three repair analyses) were performed.
These consisted of a long and short length
repair with a shallow depth, and a short
length repair with a deeper depth. The
repair solution procedure consists of first
modeling the original bimetallic weld. This
is a computationally intense solution since
there are so many passes involved. Next,
the material removal in preparation for the
repair was modeled. Finally, the repair
passes were modeled. For all repair cases,
the predicted residual stresses were used to
predict SCC crack growth.

Finally, all analyses were performed using the
VFT'm's weld analysis code (Ref. G.3), which
was developed jointly by Battelle and
Caterpillar. .This code has an extensive database
of validation for complex welded structures and
is considered to be the best available weld
analysis code.

G3.2 Weld Residual Stress Measurements

-This task involved determining the residual
stresses from the Battelle bimetallic test case to
further validate the models for bimetallic welds.
Battelle still has sections of the original pipes
that were taken from a canceled plant. A
trepanning technique was used to obtain surface
measurements of the residual stresses.

G33 Fracture Mechanics and PWSCC
Analysis

Stress intensity factors were determined by first
mapping the results obtained from the weld
analyses to a full three-dimensional finite ele-
ment model. The stress intensity factors were
determined from the residual stress fields using
the finite element alternating method (FEAM)
code developed by Battelle (Ref. G.4). In
addition, service loads were applied over top the
residual stresses to obtain the loads for PWSCC
analysis as well. FEAM is an extremely
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efficient method for fracture analysis that was 2. FRAC@ALT - Finite Element Alternating
developed recently in the aerospace community -Method (EAM) Code.
and has FAA and Air Force acceptance. -In addi-'
tion, Battelle has been using FEAM for weld 3. TRACLIFE - Probabilistic and
fracture analyses for Argonne National Labora-" Deterministic Life Prediction Code.
tory (as part of another NRC program), as part -

of a DOE weld fracture analysis program for G.5 RESULTS COLD LEG ANALYSIS
Savannah River, and for European utilities. It is
accepted as accurate and has been extensively As discussed above, the first step in the analysis
validated. The effect of weld residual stress -of the hot leg PWSCC issue was to obtain
redistribution during crack growth is accurately confidence in the computational weld model.
accounted for with FEAM. The efficiency of As discussed in Reference G.3, the VFT code
FEAM is because a special crack mesh is not used for the weld modeling analyses has an
needed - rather the mesh for the uncracked extensive validation data base library for same
geometry is all that is required, and K solutions material welding (stresses and displacements).
can be obtained for many crack sizes, shapes, However, little data exists for bimetallic welds.
and locations with this one mesh. As part of the validation of the analysis proced-

3

Both circumferential and axial crack solutions..
were obtained for both surface and through-wall
cracks. From the recent documentation of the
V. C. Summer cracking it is clear that both types - '
of cracking have been observed. Flaw indica-
tions lave been identified using ultrasonic test-
ing (UT) and eddy current testing (EC7) in hot
legs A'; B, and C as reported in December 2000
and January 2001 licensee public meeting
presentations. The stress intensity factor (K)
was determined for about 20 cracks of various
sizes and locations. It is emphasized that the full '
3D analysis using ABAQUS is time consuming
and costly compared with FEAM solutions.

Finally, PWSCC predictions were made using
the K solution results. The analyses of PWSCC
include the effect of residual stress redistribution
caused by crack growth. The TRACLIFE code
(Ref. G.5), originally developed for the FAA, .-
was used to make the crack growth life
predictions.

ures for bimetallic welds, it was decided to per-
form a weld analysis of a cold leg pipe that
Battelle had stored from the US NRC Short
Cracks in Piping and Piping Welds program
(Ref. G.2). This stored pipe then had its residual
stresses measured using the classic trepanning
technique (Ref. G.6). The predicted residual
stresses were then compared with the measured
stresses. Unfortunately, the measured stresses
appeared to be quite low compared with What
was expected. This is discussed later in this
section.

G5.1 Cold Leg Computational Weld Model

Figure G.3 illustrates the axis-symmetric weld
model in the lower figure and a photograph of
the weld cross-section for the bimetallic weld
that was tested in the upper figure. It is seen that
this section had an A516 Grade 70 pipe welded
to a Type 316 stainless steel safe end pipe with
Inconel 82/182 filler metal. Sixteen passes were
required to complete the weld. This is a large
diameter, thick pipe.

The analysis sequence flow chart is shown in
Figure G.4 and graphically illustrated in
Figure G.5. The A516 pipe was first machined
and a 304 stainless steel cladding was applied to
the inner surface. The weld deposition of the
304 stainless steel cladding layer was not
modeled here. However, the material properties
of the cladding'were considered, i.e., a thin layer
of 304 stainless steel material properties was

G.4 ANALYSIS TOOLS
., I I . ., , -

From the discussion above, it is seen that three
different analysis tools were used to perform
these analyses. The analysis tools are:

1. VFT1h - Virtual Fabrication Technology
and Weld Modeling Code.

., .
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Figure G.5 Cold leg axis-symmetric cladding (buttering) and weld model

used at this region so that the material property
mismatch is included in the Inconel weld model- -

ing steps. The weld cladding deposition step
was not included here because cracking in the:
buttering and Inconel weld metal was of main
concern in this analysis. The residual stresses
from the buttering, PWHT, and butt weld depo-
sition will tend to dominate residual stresses in
the region of interest (weld and butter zone). In
effect, the local cladding residual stresses are
'annealed' or 'stress relieved' by the buttering -

and later weld processes, and were thought to be
of second order importance. Of course, such
residual stresses are indeed important at regions'
away from the butt weld.

An Inconel buttering layer was then applied to
the A516 pipe in preparation for the weld.- From
Figure G.5 it is seen that the buttering was
deposited in 11 passes. The A516 pipe was then
subjected to a post weld heat treat of 1100TF for
four hours. The post weld heat treat was -

modeled by permitting the stresses to relax via
creep. The weld metal was then deposited to -
complete the bimetallic weld. Again from
Figure G.5, 16 passes were required. The butter-
ing and weld sequence and weld pass sizes were

estimated from the weld paper work for the
actual production weld, and from the photograph
of the weld cross section.

Figure G.6 further illustrates the weld modeling
process. It is also seen that the root pass was
ground out after welding and redeposited. It is
not clear why this was done in the field, but the
process of grinding and re-welding the root pass
was included in the model.

In modeling the weld process, particularly for
multi-pass welds, it is important to properly
model the history annihilation (or local
'annealing') process. More details of this con-
stitutive model can be found in References G.7
and G.8. It is important to note that without
modeling this history annihilation process,
unrealistic plastic strains develop in the model
predictions that have a significant effect on the
predicted residual stress state-. Moreover, the
solution times of the computational model are
significantly increased. The constitutive law is a
classical thermal elastic-plastic law with features
which permit history annihilation, phase changes
(not important here), large deformations,
melting/re-melting, and accounts for 'not yet
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deposited' weld metal in a computationally - stresses are relaxed via PWHT more so the than
efficient manner using a concept called virtual axial stresses. Moreover, including the effect of
element detection (Ref. G.8). the PWHT in the analysis process is important.

The material properties used for the thermal " The equivalent plastic strains after buttering and
analysis for the Inconel 82/182 weld metal, the - after PWHT are shown in Figure G.10. It is*
A516 Grade 70 pipe, and the 316 and 309 stain-'' - noted that when modeling the PWHT process
less steels are shown in Tables G.l to G.5. -' via a creep constitutive model, plasticity is
Tables G.i to G.5 also list elastic properties used-' _ included (i.e., a combined creep-plasticity model
in the constitutive modeling of the weld process.;? was used). It is seen that the creep relaxation
Figure G.7 illustrates the temperature dependent' - process is mainly due to creep, with additional
elastic plastic properties for the Inconel weld, plasticity having a second order effect.
A516 Grade 70 carbon steel pipe, and Type 316 Figure G.11 shows the effective creep strains '
stainless steel safe end used in the analyses. The 'that accumulate after the PWHT. The top
tensile properties for Inconel 182 were obtained illustration in Figure G. 11 is of a large portion of
specifically for this program by. Oak Ridge - the pipe. Notice the accumulation of creep
National Laboratory (ORNL). The elastic- - strains near the end of the PWHT region (see
plastic properties for the A516 Grade 70 pipe -' - Figure G.5 also). Other researchers have'
were obtained from the literature, and the stain- observed this as well when modeling the heat
less steel properties were obtained from prior treat process. Notice from the bottom illustra-
work done at Battelle. It is important to note tion of Figure G1 1 that the largest tensile creep
that the thermoplastic properties used for a . strains occur near the outer diameter of the
proper weld modeling analysis (for the weld A516 pipe adjacent to the Iniconel butter.
material) should be stress relieved and annealed
prior to testing since the weld modeling process G.53 Cold Leg Results After Completed
itself models the work hardening process caused Weld
by the welding.

The axial residual stresses after completion of
Finally, Table G.6 shows creep properties used . the weld are shown in Figure G.12. The outline
to model stress relaxation during the post weld - ' of the buttering and weld am shown in this
heat treatment. Note that at 1 100F (the post : figure outlined in white. 'The stresses start as
weld heat treat temperature (PWHT)) the A516 tensile near the inner radius, become com-
Grade 70 steel experiences the most creep defor- pressive in the mid thickness region of the pipe,
mation. Moreover, note that the stainless steel i . and return to tensile near the outer surface of the
(see Figure G.5) is not in the model yet for the pipe. This behavior is quite typical for same
PWHT. material welds in thick pipe (Refs. G.6 and G.9).

Axial residual stresses at the cold leg operating
G.5.2 Cold Leg Results After Butter and ' temperature of 2910C (5560F) are illustrated in
PWHT FigureG.13. Themain'difference between the :

room temperature (Figure G.12) and operating
Figure G.8 illustrates the axial residual stress residual stresses (Figure G.13) are magnitude.
state of the A516 pipe after buttering and PWHT
is complete. (Note: all stresses in this report are The hoop residual stresses at room temperature -

in ksi units.) The analysis sequence begins in and operating temperature are shown in -

the upper left figure and proceeds clockwise. Figures G.14 and G.15, respectively. Notice that
Note that by the time the PWHT is complete and - hoop residual stresses remain tensile through out
cooling to room temperature occurs, the initial the entire pipe thickness in the region of the
residual stress state has changed significantly. weld for both temperatures: 'Again, this is quite
Likewise, the axis-symmetric hoop stresses ' .; typical for same material (i.e., non bimetallic)
through the PWHT process after buttering is welds in both thick and thin pipe'(Refs. G.6 and
shown in Figure G.9. It is clear the hoop G.9). Moreover, these higher hoop stresses and

G-11.'
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Table G.1 Material properties for Inconel 182 weld material

T C A E v av a
(0F) (BTU/Lbm-F) BTU/Sec-inch-F) (ksi) (ksi) (lIV/(OF)
70 0.095 0.00013 22674.70 0.3 38.50 6.50
200 0.110 0.000145 22023.96 0.3 36.18 6.73
400 0.120 0.000162 21022.83 0.3 33.55 7.09
600 0.125 0.000185 20021.70 0.3 30.00 7.44
800 0.130 0.000206 19051.70 0.3 28.26 7.62
1000 0.135 0.000226 18081.70 0.3 26.60 7.80
1200 0.140 0.000247 17987.40 0.3 26.20 8.10
1400 0.150 0.000273 17893.10 0.03 25.70 8.40
1600 0.160 0.000298 15621.95 0.3 19.03 8.70
1800 0.165 0.000324 13350.80 0.3 12.10 9.00
2000 0.170 0.000354 10000.00 0.3 3.70 9.20
2550 0.170 0.000354 200.00 0.3 0.40 9.20

T = Temperature v = Poisson's constant
Cp = Specific heat ay = Yield stress
A = Conductivity a = thermal expansion
E = Elastic Modulus

Table G.2 Temperature dependent material properties for A516-70

Ao T E v ay
(0F) (BTU/Lbm-F) (IF) BTU/Sec-inch-F) (TF) (ksi) (ksi) 10E6 |OF)
70 0.11 32 0.000694 72 31000.00 0.3 40.76 7.67
122 0.116 212 0.00067 300 29849.24 0.3 32.98 7.67
302 0.124 392 0.000647 550 28297.79 0.3 32.00 7.67
392 0.127 572 0.000617 700 26991.11 0.3 31.50 7.67
482 0.133 752 0.000571 932 25500.00 0.3 30.10 8.33
572 0.137 932 0.000527 1112 24300.00 0.3 23.70 8.33
662 0.143 1112 0.000476 1292 21000.00 0.3 15.90 8.61
842 0.158 1292 0.000425 1472 17000.00 0.3 8.00 8.61
1022 0.179 1472 0.000348 2732 203.00 0.3 0.44 8.89
1202 0.202 1832 0.000364
1292 0.342 2192 0.000397
1382 0.227
1562 0.215
1832 0.202
2192 0.201

T = Temperature
C = Specific heat
A = Conductivity
E = Elastic Modulus

v = Poisson's constant
ay = Yield stress
a = thermal expansion
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Table G3 Temperature dependent material properties for AS08 Class 3

Cp A I ? - - T E v - UV a

(IF) (BTU/Lbm-F) (0F) BTU/Sec-inch-F) - (IF) (ksi) (ksi) 10 /(°F)
70 0.11 - 32 -0.000694 71.60 30784.93 0.3 54.52 7.67
122 0.116 212 0.00067 i 600.00 28807.05 0.3 43.78 7.67
302 0.124 392 0.000647 1000.00 25633.87 0.3 29.55 8.33
392 0.127 '572 0.000617 1400.00 14540.00 0.3 9.78 8.61
482 0.133 752 0.000571! 1800.00 10243.06 0.3 2.78 8.89
572 0.137 932 -0.000527 2732.00 203.00 0.3 0.44 8.89
662 0.143 1112 0.000476
842 0.158 1292 0.0004251:
1022 0.179 1472 0.000348
1202 0.202 1832 0.000364 -
1292 0.342 2192 0.000397_-
1382 0.227
1562 0.215 -

1832 0.202
2192 0.201

T = Temperature
Cp = Specific heat
A - Conductivity
E = Elastic Modulus

v = Poisson's constant
- = Yield stress

~- a = thermal expansion

-Table G.4 Temperature dependent material properties for Type 316 and Type 309

CPA T E v a a
(0F) (BTUALbm-F) (°F) BTU/Sec-inch-F) (TF) (ksi) (ksi) c
74.2 0.1079 70 0.000173- 75 28400.00 0.30 38.00 8.09
165.4 0.1132 200 0.0001864.-- 300 27500.00 0.30 30.00 8.77
191.1 0.1143 400- - 0.000207 550 25950.00 0.30 23.40 9.33

399.6 0.1229 - 623 --0.000231 .- 700 24900.00 0.30 23.00 9.57

602.6 0.1291 800 0.000248 900 23500.00 0.30 22.00 9.84
794.4 0.132 1011 0.000269 1100 22200.00 0.30 20.50 10.09
1020.5 0.136 1195 0.000288 1300 20820.00 0.30 20.00 10.21
1203.7 0.1398 1391 - 0.000308 1500 19100.00 0.30 -17.00 10.43
1409.6 0.145 1583 0.000327 1652 16900.00 0.30 14.10 10.60
1595.5 0.1505 1783 0.000348 1832 14500.00 0.30 - 8.46 10.70
1784.2 0.1556 1996 0.000369 2012 14500.00 j 0.30 3.77 10.90
1995.8 0.1622 2732 203.04 0.30 0.44 11.20

T = Temperature
Cp = Specific heat
A = Conductivity
E = Elastic Modulus

v = Poisson's constant
; - ay = Yield stress

a = thermal expansion
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Table G.5 Temperature dependent material properties for Type 304

Co . A T E v a
(OF) (BTU/Lbm-F) (0F) BTU/Sec-inch-F) (0F) (ksi) (ksi) 100/(OF)
74.2 0.1079 70 0.000173 75 28400.00 0.30 36.90 8.09
165.4 0.1132 200 - 0.000186 300 27500.00 0.30 27.70 8.77
191.1 0.1143 400 0.000207. 550 25950.00 0.30 23.25 9.33
399.6 0.1229 623 0.000231 700 24900.00 0.30 21.80 9.57
602.6 0.1291 800 0.000248 900 23500.00 0.30 19.90 9.84
794.4 0.132 1011 0.000269 1100 22200.00 0.30 18.10 10.09
1020.5 0.136 1195 0.000288 1300 20820.00 0.30 16.20 10.21
1203.7 0.1398 1391 0.000308 1500 19100.00 0.30 11.40 10.43
1409.6 0.145 1583 0.000327 1652 1 16900.00 0.30 10.10 10.60
1595.5 0.1505 1783 0.000348 1832 14500.00 0.30 8.46 10.70
1784.2 0.1556 1996 0.000369 2012 14500.00 0.30 3.77 10.90
1995.8 0.1622 2732 203.04 0.30 0.44 11.20

T = Temperature
Cp = Specific heat
A = Conductivity
E = Elastic Modulus

v = Poisson's constant
cry= Yield stress
a = thermal expansion
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Figure G.7(a) Temperature dependent true stress-strain curves of Inconel 182 tested by ORNL

G-14



---

100

90

80

70
En=I -

=Y 60

E 50
- C, ..

o 40E .2 .

30

20

-10

n.
U I I T I F ^I -T|

0 0.025 0.05 0.075 0.1 0.125 0.15 0.175 02 0.225 02!

Plastic Strain
Figure G.7b Temperature dependent true stress-strain curves at A516 Grade 70

100 =

90.. .... !.- 72

90

~60-

50

240

I - ___ _ _ ._ _ _.A X .-

_.30

-20

10MO

-0

5

0 2 4 6 8 10 12- 14 16 18 20

-True Strain (M)

Figure G.7c Temperature dependent true stress-strain curves of A508 Class 3 tested by ORNL

G-45



ml

90

80

70

: 60
can

w 50

co 40
0

- 430

20

10

0

-75F

-300F

-550F

-700F

- 900F

-110oF
-1300F

- 150F

-1652F
-1832F

-2012F
-2550F

0 0.025 0.05 0.075 0.1 0.125 0.15 0.175 0.2 0.225 0.25

Plastic Strain

Figure G.7d Temperature dependent true stress-strain curves of Type 316 and Type 309

100

90

80

ern
a'
urn0
.X

0

a-
I-

70

60

50

40

30

-75F

- 300F

-550F

-700F

- 900F

1300F

-1652F

-1832F

-2012F

-2550F

20

10

0
0 0.025 0.05 0.075 0.1 0.125 0.15 0.175 0.2 0.225 0.25

Plastic Strain

Figure G.7e Temperature dependent true stress-strain curves of Type 304

G-16



Table G.6 Temperature dependent creep constants for all the materials

As nS. T
MATERIAL: A508 Class 2

1.OOOOE-26 4.0000 70
2.2910E-12 6.0451 1000
3.2670E-07 4.8865 1200
3.2670E-07 4.8865 2500

Material: A516-70
1.0000E-26 4.0000 70
2.5060E-13 6.3261 900
1.9920E-09 4.4071 1000
6.9010E-08 4.5039 1100
6.9010E-08 4.5039 2500

MATERIAL: S309, S3 4, S316
1.0000E-26 4.0000 70
9.2650E-25 9.7800 887
4.6900E-24 9.9700 932
1.6410E-21 9.0600 977
3.9710E-19 -8.2000 1022

2.7540E-18 8.2000 1067
1.7060E-17 8.2000 1112
1.1700E-16 8.1800 1157
7.2180E-16 8.1600 1202
3.41 1OE-14 7.4200 1247
1.3300E-12 6.7200 1292
2.0930E-11 6.2500 1337
3.2310E-10 5.7700 1382

MATERIAL: INCO182
1.OOOOE-26 4.0000 70
1.0000E-26 4.0000 990
2.1478E-16 6.1709 1000
4.6025E-15 6.6426 1100
4.6025E-15 6.6426 2500

t =Aso5r
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through thickness stresses favor axial crack
growth via stress corrosion cracking mechan-
isms if entirely driven by residual stresses.

Figures G. 16 (a) and (b) show comparisons of
axial weld residual stresses to measurements,
while Figures G.16 (c) and (d) show the corre-
sponding hoop stress comparisons. The mea-
surements were made at Battelle at our West
Jefferson, Ohio site, where the cold leg pipe has
been stored since 1988. The 'chip removal' or
trepanning technique of Reference G.6 (and
many references sited therein) was used for the
measurements. The trends for the axial residual
stresses comparisons (Figure G.16 (a) and (b))
are similar, but the measurements are lower than
the predictions. The hoop residual stresses
(Figures G. 16 (c) and (d)) measurements are
quite low compared with predictions. Hoop
residual stress measurements in bimetallic welds
have not been reported in the literature as far as
can be determined. However, from prior mea-
surements and predictions of pipe (Refs. G.6 and
G.9) for same material welded pipe and many
reference sited therein), hoop residual stresses
are nearly always tensile and approaching yield,
especially in the regions of the weld for both
thick and thin pipe. The measured stresses here
(Figure G. 16 (c) and (d)) are actually compres-
sive in this region. This is considered
unrealistic. Despite efforts to resolve this
quandary, no errors in the measurement
technique could be found.

Therefore, the main purpose of this analysis
effort for the cold leg, to validate the VFT weld
modeling procedure for bimetallic welds, was
not successful. However, the results are useful
and provide insight for the hot leg analysis dis-
cussed next. When the residual stress measure-
ments were obtained, and the low values were
measured, the weld modeling procedure was
completely re-evaluated. The post weld heat
treatment was then considered in the analysis
process. The weld processes and procedures for
both the cold leg and hot leg were carefully re-
evaluated. The material properties used for the
weld analysis were carefully evaluated. In fact,
a separate test program was initiated at Oak
Ridge National Laboratory (ORNL) to obtain
better temperature dependent material properties

for Inconel 182/82 weld metal and for A508
steel. It is important to recognize that the mater-
ial properties of the weld material must be
obtained on annealed weld samples because the
weld modeling itself models the heating and
cooling strain hardening explicitly. Hence,
while the experimental residual stress measure-
ments did not provide direct validation of the
weld modeling, the insight that was obtained by
considering all of the above processes was very
important. Indeed, after all of these effects were
considered, and re-analysis of the cold leg com-
pleted, the residual stresses predicted were lower
than those originally predicted. However, they
were still higher than the measurements. The
fact that the hoop residual stresses measured at
both the inside and outside surfaces are so low
clearly indicates that the measurements were not
accurate. Because the constraint in the weld
direction (hoop direction) is high, as the weld
bead cools, it shrinks and is constrained by the
already cool material, producing high tensile
residual stresses in all cases the present authors
have seen in over twenty five years.

Measurement of residual stresses in bimetallic
welds should be pursued in the future, perhaps
using the new deep hole drilling procedures
developed by Professor Smith of Bristol
University (Ref. G.10). Regarding the trepan-
ning method of measuring residual stresses, it
has served very well in past studies at Battelle in
the late 1970's and should be regarded as a
viable method for measuring residual stresses.
However, it requires a skilled and experienced
technician to carefully remove the pyramid
shaped chips from the pipe.

Figure G. 17 illustrates equivalent plastic strains.
Figure G. 18 shows the corresponding axial,
hoop, and shear plastic strains after welding. It
is interesting to note that the axial plastic strains
are compressive for the most part in the butter-
ing region while the hoop plastic strains are
tensile in the butter and weld. Moreover, from
Figure G. 18 (c), rather large values of shear
strain develop in the region of the butter. While
PWSCC growth is considered to be driven by
tensile stress, or stress intensity factors, it may
be useful to consider the role of tensile plastic
strains in SCC growth in future studies.
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G.6 RESULTS HOT LEG ANALYSIS "As with the cold leg, the PWHT was modeled
via creep analysis applied to the buttered weld

This section presents the axis-symmnetric results residual stress state.
for thehot leg analysis. The results of this
analysis were used to calculate stress intensity
factors' so that PWSCC predictions could be
made (Section G.7).

G.6.1 Hot Leg Computational Weld Model

The geometry of the hot leg bimetallic weld
joint is illustrated in Figures G. 19 and G.20.
Note that the hot leg analysis for the V. C.
Summer plant is similar to the cold leg analysis
discussed in Section G.5 except that the
geometry is different (smaller diameter and
thickness), and the materials are different for the
nozzle (compare with Figure G.3).

Please follow Figure G.21 for the description of
the weld modeling process. The modeling
sequence is quite complicated since the V. C.
Summer hot leg in question had several repairs
made to it. The sequence of the repairs was not
entirely known, so two repair sequences were
considered. Figure G.21 illustrates the welding. i
sequence modeled. The nozzle was first pre-'
heated and a buttering layer deposited. The
nozzle was then post weld heat treated (PWHT).

The buttered nozzle along with the stainless steel
pipe was then pre-heated again and weld metal
was deposited from the inside of the pipe to a
depth of 18 mm (0.7 inch). After this amount of
weld metal was deposited, the weld was
rejected. In preparation for weld grind out (of
the original 18 mm (0.7 inch) of weld metal), a
weld bridge was deposited. The weld was then
ground out from the pipe inside. There were
then two weld sequences that were considered in
the analysis since it was uncertain whether the

- weld repair was deposited from the bridge first
on the outside of the pipe, followed by the inner
weld or vice-versa. Both were modeled to
examine the effect of the repair sequencing on
the final residual stress state.

All of the processes listed in Figure G.21 were
considered in the model. Figure G.22 further
illustrates the modeling process pictorially.
Figure G.22 (a) shows the original buttering
model results. Figure G.22 (b) shows the
PWHT modeling process.- Figure G.22 (c)
shows the completion of the weld prior to weld
rejection, building of a weld bridge, and then
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Figure G.22 Cladding (butter) and rejected weld model

grinding out the original weld so that only the
bridge remains. Finally, the weld was either
deposited from the inside surface first, then the
outside surface, or vice-versa. Both were
modeled since the precise repair weld deposition
sequence was not known.

An important point regarding the analysis steps
is in order at this point. Referring to
Figures G.21 to G.23, grinding of weld material
prior to deposition of the final weld passes was
included in the modeling process. For instance,
from Figures G.22 (c) to G.22 (d), material was
ground out to make a bridge of weld metal prior
to deposition of the weld repair layers. This
grinding process simply consisted of removing
material 'computationally'. By this we mean
that the material was removed mathematically
by eliminating the stiffness of these elements
and therefore redistributing the residual stresses.
The actual grinding process, whereby a rigid (or
nearly rigid) sharp tool impacted the weld region
and material was 'chipped away' was not con-
sidered. This is a complex modeling problem,
but it can be done. However, the main effect of
the grinding is to redistribute the residual stress

state in the pipe as material is removed and the
precise modeling of the chipping process is not
necessary.

There is another source of grinding that occurs
after the entire weld repair is completed.
Reference G. 12 provides summary of the metal-
lurgical investigation of the cracking in the V. C.
Summer plant. As discussed on page 9 of
Reference G.12, 'The surface appeared highly
irregular with evidence of significant surface
grinding and machining distress marks'. Photo-
graphs and micrographs clearly show small
'scratch marks' along the inner pipe surface at
the weld location (Figures 10 and 19 from
Reference G.12). This grinding was presumably
performed in order to remove the weld repair
'bulging' at the pipe inside surface in order to
permit more uniform flow through the pipe. The
grinding will redistribute residual stresses (as
discussed above regarding the grinding before
weld repair). However, because the material
ground out is a small volume, it is not included
in the analysis (i.e., the final geometry, already
ground, is modeled).
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In essence, if additional material was added to
the inside surface weld, and then removed, the-
final residual stress state should be very similar
to that from ignoring it except for very localized
grinding stresses; The very local residual
stresses from the grinding process are' ignored in
this case. Typically, additional residual stresses'
from grinding are considered to be important for
only a very short depth into the thickness of the'
pipe. Certainly, after the crack grows a very -
short distance into the pipe thickness, theise local
residual stresses are eliminated and the weld '
induced residual stresses dominate for most of
the PWSCC growth life.

However, the geometric effects of the scratches -
are expected to be very' important. These
scratches should be considered as crack initia-
tion sites for PWSCC, fatigue, or any possible"
cracking mode. Such grinding, which produces
scratches, may serve as PWSCC initiation sites

and should be avoided.. It may be a useful exer-
cise to include the actual modeling of grinding
in such a model as an additional step in order to
further prove this hypothesis. Moreover, since
grinding is common practice, and is apparently
not specifically considered by the code bodies,
such a series of 'grinding' model studies may be'
of use in setting standards in future construction
and aging repair.

G.6.2 Hot Leg Com putational Weld Model --
Buttering and PWHT Results

Figure G.23 illustrates the entire analysis pro-
cedure for the hot leg. As seen, after the weld
modeling is completed, results were mapped to a
coarser two-dimensional model. -The coarser
two-dimensional model was then revolved to a
three-dimensional model in preparation of the
three dimensional PWSCC crack growth
analysis. Service loads were then applied and
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crack growth analyses were performed for the
case of residual stress only and for residual
stress -with service loading. The crack growth
portions of these analyses are discussed in
Section G.7.

The finite element model used for the analyses is
shown in Figure G.24. Note that the entire long
length of pipe from the nozzle to the steam
generator is included. It was originally thought
that the long length of pipe could have an effect
on the predicted weld residual stresses. How-
ever, two analyses were performed here: one
with a free end (in the Type 304'stainless steel
length of pipe), and one with the length of pipe
extending to the steam generator. It turns out
that the weld residual stresses are not affected
much by the length of the pipe. However, for
the thermal loading (discussed next), it was
important to include this length of pipe to
accurately predict service axial stresses.

Figure G.25 shows sequence plots of axial and
hoop residual stresses after buttering and after
post weld heat treatment. It is clearly seen that
residual stresses are strongly affected by the
PWHT. The hoop stresses are relaxed quite
significantly. Figure G.26 illustrates the equiva-
lent plastic strains after buttering and after
PWHT. After PWHT, plastic strains do increase
somewhat more compared with the similar cold
leg results (Figure G.10). Corresponding creep
strains after PWHT are illustrated in
Figure G.27. It is these creep strains that relax
the weld induced residual stresses.

G.6.3 Hot Leg Computational Weld Model
Results

Figure G.28 (a) and (b) shows axial and hoop
stresses after depositing the first 18 mm
(0.7 inch) of weld on the inside of the pipe and
after depositing the bridge layer. The bridge
layer was apparently deposited to keep the pipes
together during grinding and re-deposition of
new weld passes. It is interesting to note that,
due to global bending, compressive axial
stresses (Figure G.28 (a)) develop before
removal of the material. Figure G.28 (c) and (d)
show the maximum and minimum principle

stresses after removal of the weld metal with
only the bridge material remaining.

Figure G.29 shows axial and hoop residual
stresses before repair (i.e., before grinding and
re-deposition of weld metal) and after depositing
the repair weld (inside weld repair case). Axial
stresses actually reverse sign after the repair and
the hoop stresses increase in magnitude after the
inside repair.

Figure G.30 shows axial residual stresses after
the repair is complete. Two cases are shown:
one where the inside weld is deposited first
following repair, followed by the outer passes,
and vice-versa. As discussed above, both cases
are considered since the complete repair seq-
uence is not known. The outline of the buttering
layer and the weld material is shown for conven-
ience. It is important to note that axial residual
stresses are more tensile, and cover a larger
area at the inner surface of the pipe for the
outside depositionfirstfollowed by inside
welding: This suggests that circumferential
PWSCC (caused by axial stresses) is more likely
for the outside weld first case. These results,
and the model itself, can be used to define opti-
mum weld sequencing for both repairs and for
original welding. Figure G.31 shows a similar
comparison for hoop residual stresses for the
two sequences. Again, the outside weld repair
first case produces larger hoop residual'stresses
along the inner pipe surface compared with the'
inside weld first case. Axial cracking is
expected to be more severe for this case as well.
This will be further shown in Section G.7, which
discusses PWSCC analyses.

Figures G.32 through G.35 provide comparisons
of residual plastic strains caused by welding
between the two sequences. In all cases except
for shear strains (Figure G.35), residual plastic
strains are larger in magnitude, and cover a
larger area for the outside weld first case.

Figure G.36 shows the axial residual stress state
after applying a hydro-test pressure at room
temperature to the pipe over top the weld
induced residual stresses. Hydro-test analysis
assumes an end cap condition so axial stresses
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Figure G.36 'Effect of hydro-test - axial stresses (pressure = 3.125 ksi, then unload)

are applied as well as pressure. The hydro-test
pressure was 1.4 times the PWR operating pres-
sure of 15.5 MPa (2.25 ksi). The hydro-test
does reduce the axial residual stresses some- ::
what.:; Figure G.37 illustrates the effect' of hydr&
testing on hoop residual stresses.-'It is seen that
hoop residual stresses are not affected much by'
the hydro-test compared to the axial stresses.' -

As discussed in Section G.5 regarding the cold
leg analysis, the residual stress measurements -
performed using the trepanning meth6d were
somewhat disappointing. During the metallur-
gical investigation into the PWSCC cracking;
reported in Reference G.12, residual stress mea-
surements were made on sectioned pieces of the
hot leg bimetallic pipe weld. Since the measure-
ments were made on the pipe that was already ,
cut up and sectioned, all component residual
stresses are expected to be lower than in the -

intact pipe. However, from Table 2 of Refer- -
ence G.12 the measured hoop residual stresses ;,-
ranged from -59 to 161 MPa (-8.6 to 23.4 ksi) -
and the measured axial residual stresses ranged
from 56 to 373 MPa (8.1 to 54.1 ksi). By com-
paring these numbers to the predicted residual
stress plots in Figures G.36 and G.37 (after

hydro-test and unloading), it is seen that the
numbers are qualitatively similar. The hoop
stresses measured from the cut pipe are expected
to be most inaccurate since the weld bead (hoop)
tension is relieved when the axial cuts are made
to the pipe, and the hoop stress measurements
are expected to be quite low; However,-axial
stresses are expected to be'closer to the intact
pipe. The ranges of measured axial stresses,
when compared to Figure G.36, compare reason-
ably well and provide some validity to the pre-
dictive methodology used here.

G.6.4 Hot Leg Computational Weld Model
Results - With Operational Loads

The next step before calculating stress intensity
factors for the PWSCC analyses is to obtain
operating stresses. For the PWSCC analysis, we
consider crack growth for both residual stress
only and residual stresses with operational load-
ing. The operational loading consists of tem-
perature, which is 324 0C (615 0F), followed by a
bending moment and the pressure/tension load.':
case.
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(pressure = 3.125 ksi, then unload at room temperature)

The thermal loading was applied to the model of
Figure G.24. It was assumed that the entire hot
leg was heated (and expands) to 3240C (615TF).
The vessel and steam generator were assumed to
be massive, providing the fixity constraints
illustrated in Figure G.24. Hence, the hot leg
expands while the vessels provide constraint.
Figure G.38 compares the axial residual stress
states before and after heat up to 3240C (6150F).
The axial stresses decrease due to the hot leg
expansion and vessel constraint. Figure G.39
shows the corresponding hoop residual stresses
at 3240C (615 0F). The small reduction in hoop
stress is mainly due to the heat up (and
corresponding reduction in material properties at
high temperature). The constraint has little
effect on the hoop stresses.

The detailed fine mesh required for the weld
analysis is not required for the service load
(moment and bending) case analyses. A fine
mesh is also not required for the subsequent
fracture analyses to be discussed next. As dis-
cussed in connection with Figure G.23, the

residual stresses are mapped from the fine weld
(2D axis-symmetric) analysis model to a coarser
(2D axis-symmetric) model. Figure G.40 (a)
and (b) provide axial and hoop residual stresses
as mapped from the fine to coarse model. Fig-
ure G.41 (a) and (b) provide the same mapping
comparison'for the outside first weld. It is seen
that the mapping procedure is quite accurate.

Figure G.42 shows a similar mapping between
the coarse two-dimensional mesh to a full three-
dimensional mesh. Again, the comparison is
quite good (compare to Figure G.41) illustrating
that the mapping procedure is adequate. Fig-
ures G.43 and G.44 show similar comparisons
between the 2D'stresses and mapped 3D
stresses. Finally, Figure G.45 shows the plastic
strains mapping from the coarse 2D mesh to the
3D mesh. This is explicitly shown to illustrate
that stresses and strains are mapped to the three
dimensional model. As such, the service load
cases (moment, tension, and pressure) include
the effects of plasticity.
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Figure G.40 Operation residual stresses (3240C (6151F) - no loading) for Inside first weld (a)
and (b). (c) and (d) mapped residual stresses at operating temperature from fine to
coarse mesh. These stresses are then mapped to a three dimensionial mesh (inside weld
first, then outside weld)
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Figure G.41 Operation residual stresses (3240C (615'F})- no loading) for outside first weld (a)
and (b). (c) and (d) mapped residual stresses at operating temperature from fine to
coarse mesh. These stresses are then mapped to a three dimensional mesh (outside weld
first, then inside weld)
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obtain stress intensity factors via the finite element alternating method)
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Figure G.43 Comparison of mapped hoop residual stresses at operating temperature from coarse
axis-symmetric mesh to 3D mesh (inside weld first, then outside weld)
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Figure G.44 Comparison of mapped hoop residual stresses at operating temperature from coarse
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Figure G.45 Comparison of mapped equivalent plastic strains at operating temperature from
coarse axis-symmetric mesh to 3D mesh (inside weld first, then outside weld)
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G.7 PRIMARY WATER STRESS
CORROSION CRACKING AND
FRACTURE ASSESSMENT OF HOT
LEG/RPV BIMETAL WELD

The finite element alternating method (FEAM)
was used to obtain stress intensity factors to-
perform the PWSCC analyses. FEAM is very
convenient for obtaining mixed mode stress
intensity factors in complex structures. Stress
intensity factors were obtained for numerous
crack sizes and shapes for cases of:

* Inside weld first, then outside weld repairs:<'-
* Outside weld first, then inside weld repairs
* Residual stress only
* Residual stress plus normal operating loads
* Circumferential cracks
* Axial cracks

the inside weld first case (Figures G.47 and
G.48) and outside weld first case (Figures G.49
and G.50). The top illustrations in Figures G.47
to G.50 consist of only the residual stress state at
the operating temperature of 3240C (6150F).
The bottom illustrations consist of residual
stresses including operating loads. Plasticity (if
any) was included in the analysis where loading
was 'applied to the weld residual stress results.

Stress Intensity Factors. Figure G.51 provides a
few of the stress intensity factor plots used for
the PWSCC assessment. This case is for an

--axial elliptic crack positioned with aspect ratio
as shown in Figure G.51. Both the 'residual
stress only' and 'residual stress plus normal
operating load' conditions were considered for
all cases. In all K was calculated for cracks of
many different sizes and shapes (a total of
60 cracks for both axial and circumferential

Typically it required about two minutes for a LuuoJ.
new solution on a high-end personal computer T c g r e
once the stiffness matrix was reduced once. The crack growth rate equation, taken from
Typical 3D meshes consisted of about 20,000 Reference G.13 is
elements. In all, about sixty K solutions were '
obtained and used to model crack growth via - =1.4x10-"(K] -9)l.6(m/secj (G. l)
SCC equations (discussed later). Although ddt
mode I stress intensity factors dominated, there -
were some cases where mode II was about . Here K1 has units of MPa mm' and the range for
20 percent of the mode I value. However, mixed the data is for K values between 20 and 45. The
modeeffects were not considered here. - K values calculated in this study are both lower

and higher than this range. Moreover, this equa-
The FEAM method properly accounts for stress tion represents the Scott model based on the
redistribution as the cracks grow. As such, - - application of a factor of 5. Hence, while this
cracks that grow through a residual stress field equation may need improvement for future
that reach a compressive residual stress field analyses, it is used for the crack growth and life
(after stress re-distribution) can stop growing. 'predictions shown in the following. Moreover,
Weight function methods often have problems - for this'study, this was the only available data
accounting for stress redistributions properly. for the PWSCC crack growth analyses, i.e., no

other PWSCC laws were used here.
The results of the stress corrosion cracking
assessment are provided here. For the SCC - G.7.1 The 3 Dimensional Growth of Axial
analyses, crack growth was predicted for the. Cracks Through the Hot Leg Weld
case of residual stress alone (at operating'tem-;
perature of 3240 C [6150F]), and for normal The growth of a 3 Dimensional (3D) crack
operating loads. The normal operating loads through a thick pipe must account for both the
were obtained from Reference G.1 1 and are - residual stress field left from the welding pro-
included in Figure G.46. The residual stress cess as well as the stress imposed from the
states that serve as input to the FEAM analysis, applied loadings. Because the residual stresses
are illustrated in Figures G.47 to G.50 for both 'can change from compressive to tensile (or vice
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Figure G.47Axial stresses - used for FEAM analyses: inside weld first then outside weld
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Figure G-51 Stress intensity factors; a = 0.3, 0.4, 05; c/a = 1.5. 'NO LOAD' = 'Residual Stress
Only', 'LOAD' = 'Residual Stress Plus Normal Operating Load'
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versa) depending on the welding process, it is I It is critical to remember that the calculations
important to model the welding process as well - were started with an assumed crack depth of

as the pipe geometry and multi-axial loading. 5 mm (0.20 inches). The question of initiation

times and subsequent growth to the point at
For these analyses, two weld processe s were -' which the crack is 5 nm (0.20 inches) deep is
studied. In the first, the weld was assumed to -' -- completely ignored in these analyses. What was

start from the inner diameter and proceed to the -- found was that there were relatively short

outer surface. This is denoted Inside-Out or 1-0. ' growth times until the crack grows through the

The second was the reverse process, denoted ' thickness. However, in addition to the two

Outside-In or 0-I, where the weld was cor- sources of uncertainty already mentioned, there

pleted from the outside and then the inside weld are some serious reservations about the stress-

was deposited. All results presented in Fig- corrosion cracking growth model. The dis-

ures G.52 through G.55 use this designation in cussion sections will overview alternative ways

the description above the illustration; Using the to estimate the PWSCC crack growth law and

results of the finite element analysis we can the corresponding constants based on observed

impose a residual stress field on the calculated field crack growth data. However, it is what was

results. Both 1-0 and O -I were considered since available, so it was used.

it is not known how the actual hot leg in the
V. C. Summer plant was repair welded (see the Figure G.52 (a-c) provides the results of these

discussion related to Figure G.22). : calculations. The axial cracks were introduced

into the center of the weld. As discussed pre-
Once the residual stress field has been calcu- * . viously, there are numerous crack initiation sites

lated,.the applied loading is modeled, the provided by the grinding process of which any

FRACALT code is used to determine the stress could begin to grow. In reality, the grinding

intensity factors, K, for a pre-defmned set of scratch near the region of highest residual stress

crack sizes and orientations. These values of K is expected to be the preferred dominant crack

are then normalized by at2, where 'a' is the initiation site. Identification of the different

crack depth. A table of these normalized K - plots is made as follows. -In the legend above

values was then sent to the probabilistic mechan-. the plots, the curves are labeled as '3.0 Residual

ics code TRACLIFE and the surface crack _ I-O' for instance (Figure G.52 (a)). This repre-

changes during PWSCC growth calculated using' sents the crack shape after 3.0 months of

the above equation. For the purpose of this PWSCC with residual stresses only and welding

analysis, it was assumed that the value of K from the inside first followed by completing the

along the crack drove the growth and shape. outside welds. The label '3.0 Load I-O' indi-

TRACLIFE was selected for the analysis ' cates the 3 month PWSCC crack shape for the

because it has already built into the program the case where the operating loads are applied over-

necessary 3D calculation tools. In addition, it is iop the residual stress field (nonlinear analysis)

possible to examine the impact of uncertainty on for the 1-0 weld case.

these calculations at a later time.
The first thing of note is that the growth of the

The first case examined was the Inside-Out weld crack in the residual stress field without any

process. Because the residual stress field can applied loading is lower than when the load is

lead to crack growth, given that'a crack exists, applied. The plot shows the normalized (by the

two sets of calculations were performed. In the pipe thickness) crack depth. At the end of two

first, only the residual stresses were included. years, with only the residual stresses, the crack

The second set of calculations added the applied : is about 20 percent through the thickness. When

loading. Note that the applied loading included the operating load is applied, the crack is

the history of the entire weld process, and - . - 95 percent througliihe thickness after one year.

plasticity was included in the analysis. . - At about 14 months the-crack becomes a through

wall crack (TWC).
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3D crack surface for Axial cracks with Residual
stresses under Load And the weld Process from

the Inside-out

-0.2 RESIDUAL 1-0 -3.0 RESIDUAL 1-0 -12.0 RESIDUAL 1-0-17.6 RESIDUAL X-O -22.35 RESIDUAL 1-0
0 2 LOAO 1-0 3.0 LOAD 1-0 12.0 LOAD 1-0 17.S LOAO 1-0 -23.S LOAD 1-0

1.00*00

9.001-01

5 6.00E-01

.009-01 (I) /
; .006-01 I/
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-1.001+00 -S.OOE-01 -6.OOE-01 -4.00E-01 -2.00E-01 0.00t+00 2.0CE-01 4.00E-01 6.00[-G01S.OOE-01 1.00EtOO

Crack Length

Figure G.52(a) "nal crack growth for the inside-out weld process

3D crack surface for Axial cracks with Residual
stresses under Load And the weld Process lfrom

the Inside-out

_02RESIDUAL 1-0 -3.0 RESIDUAL 1-0 -12.0 RESIDUAL 1-0 -17.8 RESIDUAL 1-0 -23.S RE5IOUAL l-D
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Figure GF52b Approximation for the impact of the residual stress fiold on the crack size and shape
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3D crack-surface for Axial cracks
stresses under Load comparison of

the weld Process

with Residual
the Impact of

-- 3.0 A1SZDI 2 -023. 0 ROIVU^ 0-S - .0 RESIDUAL X-C '1.0 " DOuAL O- I
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-2.00t-01 -1.iOl-01 -1.001-01 -S.0OS-02 0.00o0 S.OOS-02 S.0-.O01D .l0l-01 2.0Q1-O1

Craft LaMoth

Fligure G.52c Three and six month crack growth shapes

3D Crack
stresses

surface for Axial cracks
under Load comparison of

the weld Process

with Residual
the Impact of

- ZDUAL -0 t . 0-2 - _ RESIDUL *0 -40 = .UAL *0 -2
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1.501-01 3.0011-e

Figure G.53 Approxation for the impact of the residual stress field on the crack size and shape.
The 'red' shape represents the crack shape for the case of loading and residual stresses
(for the I1O case) and the 'white' shape is the crack shape for the residual stress only

case after 6 months or PWSCC growth. The 'red' curve (1-0 case) can be compared to
the 'gray' (0-I case) curve for a comparison of the weld sequepce effect
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3D crack surface for circumferential cracks with
Residual stresses under Load And the weld Process

from the Inside-out
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Figure G54(a) Circumferential PWSCC growth - inside weld first case

3D crack surface for circumferential cracks with
Residual stresses under Load And the weld Process

from the outside-In
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Figure G.54b Circumferential PWSCC growth - outside weld first case
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The Impact of conservative stress-corrosion cracking Models on
3D surface crack Predictions for Axial Cracks-With Residual

Stresses under Load for the Inside-Out Weld Process

2.o 0 fsr it - 2 m rSen Fit - 4: so .g9u si, FPit _30.0 reguss it
IU.0 oA 0-1 -23. WoADe 0- , -43.0 WAD 0-1 -30.0 WCAD 0-1
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1.01.o0 -6.00C-01 -L.ol-Cl -4.001-01 -2.00t-01 0.OO .OO 2.001-01 4.001-01 6.00141 1.001-01 1.001oo

Figure G.55(a) Trhe impact of using a conservative PWSCC law on crack growth - axial crack

The Impact of conservative stress-corrosion
cracking models on '3D surface crack Predictions

for circumferential cracks With Residual stresses
Under Load for.the- nside-out weld Process
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Figure G.55b The impact of using a conservative PWSCC law on
crack growth - circumferential crack -
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The small growth due solely to the residual
stresses may seem like these residual stresses
have little impact on PWSCC. However, if we
perform an approximate analysis and assume
that superposition applies in determining the
stress intensity factors to use in the PWSCC
equation, then we can estimate the impact of the
residual stress field. For this we subtracted the
stress intensity factors for the residual stress
fields only from the residual stress fields with
the operating loads applied. (Recall that the
loads were applied on top of the residual stress
fields and all history, including plastic strains
were accounted for.) Figure G.52 (b) shows this
calculation for a number of different times. As
an example, after 12 months, the 'dark blue'
curve represents the crack shape for the I-0
weld for the case of residual stress and applied
service loads. It is seen that the crack is
approximately 95 percent through the pipe wall.
The pink curve labeled '12 mo load only'
represents the crack shape for a load only case
after 12 months of PWSCC, i.e.,,no residual
stresses are included. This crack is about
32 percent through the pipe wall. The small
light blue curve represents the crack shape for
residual stress only after 12 months. This crack
is only about 12 percent through the pipe wall.
Hence, because the crack growth law is a
nonlinear function of stress intensity factor, and
additional plasticity occurs as the service loads
are applied over top the weld residual stresses,
the effect of the residual stresses on PWSCC is
significant.

Finally, Figure G.52 (c) shows the three and six
month crack growth shapes for both the inside
first weld followed by the outside weld (1-0)
and the outside weld first, then inside weld (0-I)
case. One can also compare the crack shape and
depth for the residual stress only case and the
residual stress plus load cases.

In Figure G.53 is identical to Figure G.52 (c)
except shading is introduced to point out these
effects. The 'red' shape represents the crack
shape for the case of loading and residual
stresses (for the I-O case) and the 'white' shape
is the crack shape for the residual stress only
case after 6 months of PWSCC growth. The
'red' curve (I-0 case) can be compared to the

'gray' (O-I case) curve for a comparison of the
weld sequence effect.

Figure G.54 shows the circumferential crack
growth shape after three and six months for the
different cases. The O-I case tends to grow
cracks wider than the corresponding I-0 case
while for the 1-0 case, the cracks grow some-
what deeper. This is expected by comparing the
hoop residual stresses between the two analysis
cases (Figures G.43, G.44, G.48 and G.50).

Equation (G. 1), which was taken from
Reference G.13, was a fit to the available test
data (Figure 4-2 in Reference G.13). The fit of
the data was conservative and tends to represent
an upper bound to the PWSCC crack growth
predictions. If that same data is taken and a least
squares regression fit to the data provided, the
following is obtained:

da= 2.l6x -"(K, -9)O8 (misec) (G.2)

Comparing Equations G.1 and G.2, one notices
that the constant is larger and the exponent is
smaller in Equation G.2. A comparison of the
predicted PWSCC crack growth using the less
conservative regression fit (Equation G.2) to the
original law is shown in Figure G.55.
Figure G.55 (a) illustrates that an axial crack
will break through the pipe wall sometime after
2 years using the regression fit compared to
about 1 year using the conservative PWSCC rate
curve. In Figure G.55 (a) and G.55 (b), the label
'12.0 mo Regression Fit' represents the crack
shape after 12 months of PWSCC growth using
the Equation G.2 regression fit while '12.0 Load
O-I' is the crack shape using Equation G.1.
Similar notation is used for other times, i.e.,
'23.5 Load O-I' represents the PWSCC crack
shape after 23.5 months using Equation G.1, etc.
Figure G.55 (b) indicates that the circumferential
crack will break through the pipe wall after
4 years using the regression PWSCC rate curve
compared with about two years using the
conservative PWSCC rate equation. This
illustrates the importance of using a correct
PWSCC law and the need for more PWSCC
data. Moreover, from Figure 4-2 in
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Reference G. 13, it is clear that significant scatter
exists in the PWSCC test data. Because of this
scatter, a risk based probabilistic assessment of
PWSCC is in order.

G.7.2 The 3 Dimensional Growth of
Circumferential Cracks Through' the Hot
Leg/RPV Nozzle Bimetal Weld

Axial crack growth in the hot legfRPV nozzle
bimetal weld is mainly driven by the hoop,
stresses, although stress redistribution during
PWSCC crack growth'through the pipe wall
thickness is influenced slightly by other stress
components. Figures G.48 and G.50 show the'
contour plots of hoop stresses (i) after welding
and heating to 3240C (6150 F) and (ii) service
loads applied to the (i) case.

Circumferential crack growth is mainly driven
by the axial stresses. Referring' to Figure G.38,'
note that the tensile axial stresses at room temr-'
perature are nearly all reversed to compression
in the weld region as the pipe system is heated to
3240C (6150 F). The end conditions of the hot
leg (reactor vessel and stream generator) are '

assumed fixed for the thermal analysis. As such,
when the hot leg is heated up, it is constrained
from expansion at the ends. The residual .;
stresses reduce to compression as seen in ';
Figure G.38. In contrast, the axial expansion-of
the hot leg has minimal effect on hoop stresses.

Referring to Figures G.38, G.47 and G.49, com-
pressive axial stresses exist in the pipe near the
weld region for the'case' of no load except in a''
small region on the imside surface near the-
buttering region. Hence, circumferential crack -

growth due solely to residual stresses (at 3240C
(615F) operating temperature) is not expected
except for possible small growth at the inside- -'
surface near the butter region. The bottom illus-
trations in Figures G.47 and G.49 repiesent axial
stresses with the loads (pressure, tension, and '
bending - see Figure G246) applied. The loads"'
were applied to the iiitial conditions of residual
stress state at 3240 C (6151F). Very little
additional plasticity occurred during application'
of the loads because the axial residual stress*
state is compressive before application of the
load. For the hoop load case, because the initial

hoop residual stresses are high before
application of the load, plasticity during applica-
tion of the pressure does occur. From
Figures G.47 and G.49, it is clear that the
applied loads would be the main contributor to
circumferential crack growth in contrast to axial
crack growth where the hoop residual stresses
dominate crack growth.

The circumferential crack growth profiles for the
I-O and 0-I cases are shown in Figures G.54a
and G.54b. The initial flaw size for this case is
5 mm (0.2 inch) also. Because the 3D model
has a symmetry plane at the center of the'
elliptic cracks, only the crack shape from 0 to
90-degrees is shown. -It is seen that crack
growth favors a location at an angle away from
the deepest point of the crack. This is'somewhat
typical for circumferential cracks in homo- '
geneous materials (Ref. G.14). It takes approxi-
mately 3 years for the crack to break through the
pipe wall. The axial cracks grow about twice as
fast.

The crack growth law shown in the above equa-
tion was obtained from (Ref. G.13) and was -
necessarily conservative. If a regression fit is
made of the PWSCC test data for Alloy 182 at
3241C (615'F) (Figure 4-2 of Reference G.13),
different growth response is obtained.
Figure G.55a and G.55b compare axial and
circumferential crack growth for'different - -
PWSCC growth laws. It is clearly seen that
crack growth predictions depend strongly on the
accuracy of the SCC data fit. The SCC
predictions would be best interpreted using a
probabilistic approach using TRACLIFE.

G.8 THREE DIMENSIONAL WELD
EFFECTS

As discussed in References G.1, G.11, and G.13,
the bimetallic hot leg weld that experienced field
cracking had a number of repairs done to it.
Because repair welds are inherently three
dimensional in nature, some limited analyses
were performed in order to obtain a qualitative
assessment of three-dimensional effects on the
bimetallic weld and weld repair process.
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Figure G.56 illustrates the model that was
considered. The butter layer, PWHT, and
hydro-test were not considered, and the
boundary conditions at the vessel and steam
generator were not considered (i.e., the length of
pipe shown in Figure G.56 was modeled). All of
the weld passes shown in Figure G.20 were not
considered. Rather, passes were lumped
together to form 7 passes as shown in
Figure G.56. All of the conditions in
Figure G.23 could well have been considered,
but were neglected due to time constraints. In
the future, it may be useful to perform complete
3D analyses of this pipe.

Figure G.57 illustrates the repair cases con-
sidered: two different lengths and two different
depths. All four analyses considered the
baseline weld first followed by grinding and
deposition of the repair weld passes. The
definitions of the original weld and repair weld
geometry convention are shown in Figure G.58.
The X = 0 location represented the start/stop
positions of the baseline weld. The repair welds
modeled ranged from A to B (Length L2) and A
to C (Length LI) with the angular definitions
shown in Figure G.58. Figure G.59 shows the
analysis on the long (LI) and deep (d2) weld
repair in progress.

Axial residual stresses for the baseline three-
dimensional weld are shown in Figure G.60.
The section is at the center of the weld and
includes the A508 nozzle. Notice that the axial
stresses near the start location are different from
a location far away from the start location where
near steady state conditions exist. In essence,
the axial stresses reverse sign compared with
locations away from the start/stop location. This
can actually help in slowing down circumferen-
tial SCC growth as the crack grows into this
location. Figure G.61 shows a similar axial
stress plot for the baseline weld for a longi-
tudinal cut section. Figure G.62 shows a similar
plot of the Z-component stresses (see coordinate
axis in Figure G.62). It is also seen that
compressive stresses develop near the start/stop
location that can slow down longitudinal crack
growth. However, this reduction in residual
stress state must be balanced by the fact that
start/stop locations are often regions where weld

defects can occur. Note that the Z-component
stresses represent hoop stresses on the cut
planes.

Figure G.63 compares weld residual stresses
between the axis-symmetric and three-
dimensional analyses at room temperature. Of
course, the three-dimensional solution did not
include the butter step, the PWHT after butter-
ing, and the passes were deposited in only seven
passes. Despite these differences, the com-
parison of hoop stresses at a location far from
the start/stop location is not entirely dissimilar.
In general, the three dimensional solution
predicts more compression in the weld at the
inside surface compared with the axis-symmetric
solution.

Figure G.64 shows weld residual stresses after
repair weld case 1 is complete. This is the case
of the long, shallow, weld repair (see definitions
in Figure G.58). Axial residual stresses reverse
sign near the start and stop locations of the
repair while stresses within the middle of the
repair do not change much from the baseline
steady state locations. Figure G.65 shows a
similar plot of axial stresses for a segment that
consists of an angular cut of the weld repair.
The effect of the repair on residual stresses is
evident. Figures G.66 and G.67 show similar
results for the repair case for the short, shallow
weld repair. Figure G.67 is a plot of mean
stress, which is a measure of constraint caused
by welding and repair. It is seen that the weld
repair does induce significant constraint near the
beginning and end points of the repair.
Constraint can influence fracture response, and
possibly SCC rates, but were not considered
here since little work has been performed to date
that investigates the effect of constraint on SCC
rates.

Figures G.68 and G.69 show axial and mean
stress for the short, deep weld repair. Compar-
ing Figures G.66 and G.67 to Figures G.68 and
G.69 shows that the compressive stress that
develops near the beginning and end of the weld
repairs is deeper for the deeper repair. This
actually suggests that weld repairs may help
slow down SCC growth and act as crack
stoppers. Figure G.70 provides a plot of
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Figure G.56 Hot leg 3D analysis geometry
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Figure G.57 Two-length and two-depth repair analyses
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Li-Repair weld length 1 (A-C)
L2-Repalr weld length 2 (A-B)
D1-Repair weld depth 1 (A-B or A-C)

.. D2-Repalr weld depth 2 (A-B)

Figure G58 Weld directions

Ground out

After repair

I.

Repair length
L2-D2

Figure G.59 An example of the grinding and weld repair model during analysis
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Figure G.63 Comparison of axial and hoop stresses between the axis-symmetric and 3D solutions
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Figure G.65 Comparison of axial stresses for repair case number 1
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Figure G.66 Repair L2 depth dI - axial stresses
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Figure G.67 Repair L2 depth dI - mean stress (aki/ 3)
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Figure G.70 Repair L2 depth d2 - equivalent plastic strain

equivalent plastic strain for the short, deep
repair. It is clear that plastic strains increase
along the entire length of the repair.

G.9 DISCUSSION AND CONCLUSIONS

Analyses of the residual stresses and PWSCC
for the hot leg/RPV nozzle bimetal weld of the
V. C. Summer plant were performed. The entire
history of fabrication of the weld was included
in the analysis, including Inconel buttering,
PWHT, weld deposition, weld grind-out and
repair, hydro-testing, service temperature heat-
up, and finally service loads. Some of the
conclusions are described in the bullets below.

An analysis of a cold leg pipe bimetal weld
was performed first and residual stresses
were measured from a bimetallic weld
section that Battelle had secured earlier from
a canceled plant. The measurements
appeared rather low compared with what
was expected. For instance, hoop stresses in
the weld were compressive at both the inside
and outside surfaces of the pipe. This does
not appear reasonable based on experience.
As such, additional measurements of

bimetallic pipe welds should be made using
a different measurement technique.

* To obtain a reasonable description of
fabrication induced residual stresses, all of
the fabrication steps should be considered in
the analyses.

* The as fabricated axial weld residual stresses
alternate sign as one proceeds from the
inside to the outside surface of the pipe near
the weld region. Tension to compression to
tension back to compression axial residual
stresses develop in the as fabricated pipe
weld. The tensile stresses were highest at
the inside surface for the case of the outside
weld repair deposited first and finishing with
the inside weld compared with the opposite
case.

* For reducing the effect of circumferential
PWSCC after weld repairs, inside welding
followed by outside welding is preferred.

* Final hoop residual stresses after complete
fabrication are mostly tensile in the weld
region. For the case of outside welding
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followed by inside welding after the bridge
repair, high tensile residual stresses are pro--
duced everywhere. For the inside weld -

followed by outside weld case, a small zone:.
of compressive hoop residual stresses
develop at the pipe ID in the weld. -

* Hydro testing does not alter fabrication *

residual stresses very much.

* Heating the hot leg pipe system up to operat-
ing temperature of 3240 C (6150F) reduces-
axial fabrication stresses to mainly compress~
sive values due to the rigid constraint pro-
vided by the vessel and steam generator.,
Hoop residual stresses are unaffected by
heating up to operating temperatures.

* Since as fabricated axial residual stresses are
low at operating temperature, circumnferen-

: tial stress corrosion cracking is not expected
due solely to fabrication stresses. Servicer:
loads dominate circumferential SCC.

* Axial crack growth is dominated by fabrica;-
tion residual stresses.

* Weld repairs can alter residual stresses in
pipe fabrications. In general, stress reversal
in sign occurs near the start/stop locations of
the repair. This can possibly result in a SCC
crack stopper or slow down the crack
growth. A similar reversal in the sign of the i
stress occurs in a baseline weld near the
torch start/stop locations.

* Based on the PWSCC crack growth law.-.'
from Reference G. 13 and the analysis results
here, axial cracking should be confined to
the weld region. Starting from a crack 5 m`m
(0.2 inches) in depth, the crack should break'
through the pipe wall within two years. The
crack nucleation time is something that
should be studied in more detail.

* Circumferential cracks should take about
twice as long to become a through wall
crack compared with axial cracks. Circum-
ferential cracks will tend to grow longer
than axial cracks. However, since service

loads dominate circumferential cracks, they
will slowi their circumferential growth as
they grow toward the bottom of the pipe.
Here, by bottom of the pipe, it is understood
to be the compressive bending stress region
of the pipe. The service loads consist of
thermal expansion mismatch, tension caused
by 'end cap' pressure, and bending. The
bending stresses caused by a bending
moment are compressive 180 degrees from-~
tension zone. Part through circumferential
cracks that initiate in the tension zone and
grow beyond the bending neutral axis may
slow down as they approach the compres-
sive bending stress zone. However, for non-
fixed bending axes, where the tension zone
changes, this may not be significant.

* PWSCC growth would be best considered
using a risk based probabilistic approach
using TRACLIFE.

* Weld repairs alter pipe residual stress fields
near the start/stop regions of the repairs.
This may help slow down a growing stress

- corrosion crack.

* Grinding of welds may lead to scratches,
which in turn may lead to crack initiation
sites. Grinding of welds should be per-
formed carefully. -It is of use to study the
effect of grinding on both residual stresses
(caused by grinding) and crack initiation
sites. Numerical models of the grinding
process can be developed.
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APPENDIX H

THE EFFECT OF WELD INDUCED RESIDUAL STRESSES
ON PIPE CRACK OPENING AREAS AND IMPLICATIONS ON

LEAK-BEFORE-BREAK CONSIDERATIONS



As part of Task 9 of the BINP program the
effect of weld residual stresses on the predicted
crack-opening displacements (COD) used in
Leak-Before-Break (LBB) analyses was
investigated. The key findings from that effort"
are:

* Weld residual stresses tend to hold
circumferential cracks closed

* Traditional crack opening displacement
equations over-predict crack opening
displacements in areas with weld residual-
stresses

* Over-prediction of crack opening causes
under-prediction of the postulated crack
length for a-prescribed leak rate-

* Correction factors for traditional equations'
have been developed to model this effect for
tension, bending-, and combined loading

The details supporting these findings are
documented in this appendix.

The USNRC is anticipating updating their leak-
before-break (LBB) procedures. One of the
technical areas of concern in the existing
procedures is the prediction of the crack-
opening-displacements (COD) needed for
estimating the postulated leakage crack size for a
prescribed leakage detection capability. If '- ;
cracks develop in the welded area of a pipe, 'as is
often the case, residual stresses in the weld may.
cause the crack to be forced closed. Earlier
studies have shown that pipe welding produces
high residual stresses with a sharp stress gradient
ranging from'tension to compression through the
thickness of the welded area of the pipe.' The
current guidelines are inadequate to-predict
crack size based on leak rates for cracks in
welded areas of pipes.- -

The current guidelines rely on the calculation of
the crack-opening-displacement as related to' -:
pipe loading. Values from the current guidelines
are used to predict a crack's cross sectional area
and, in turn, to determine the severity of an

For very thick pipe, the residual stress state tends to
be tension-compression-tension through the
thickness.

existing crack by monitoring in-service leakage
rates. The equations currently in use are
applicable to service loaded pipe material only.
Residual stresses caused by cold work, welding,
etc. are neglected.

This study uses two and three dimensional finite
element models and weld residual stress
calculation software developed at Battelle to
develop correction factors to be used with the
traditional crack-opening displacement
equations. The correction factors will
compensate for the effects of welding induced
residual stresses on cracks in pipe welds.

This study concentrates on type 316 stainless
steel material properties, but the COD
corrections should be equally'applicable to all
stainless steels, and also can be used for ferritic
steels by a simple ratio correction of the room
temperature yield strezngths. However, this
contention still needs' to be verified. A test
matrix of pipe radius, thickness, and crack size
was used to develop the equation correction
factors. Pipe wall thicknesses (t) of 7.5 mn
(0.295 in.), 15 mm (0.590 in.), 22.5 nim (0.886
in.), and 30 mm (1.18 1 in.) were studied in pipes
with mean radius to thickness ratios of 5, 10, and
20. Cracks with half-lengths in radians of 'r/
16, 7 18, 1 / 4, and r / 2were introduced in
these virtual pipes. The matrix of results was
used to produce correction factors for crack
opening displacement equations applicable to a
broad range of pipe sizes.

H.1 NOMENCLATURE

A - Weld pass cross section area (in2)
a - Half the cracks length in linear units

a=RO
b - Half the pipe's mean circumference b -

7tR
C1 - Non-dimensional function of a / b,

R / t, and t used to modify the slope'.
of the GE/EPRI equation to predict
-crack opening displacements in weld
created residual stress fields

E - Modulus of elasticity_
I - Weld current (amps)
I- Non-dimensional function of a I b,

R / t, and t used to calculate 'intercept

H-I



U

of the linear equation describing
crack opening displacement on the
inside diameter of the pipe

IOD - Non-dimensional function of a I b,
R I t, and t used to calculate intercept
of the linear equation describing
crack opening displacement on the
outside diameter of the pipe

M - Applied Moment
P - Applied load
q' - Weld power input per volume

[(BTU/sec)/in 3 I
R - Mean radius of the pipe in question
t - Pipe wall'thickness
V - Weld voltage (volts)
VI - Non-dimensional function of a / b

and R I t used in GE/EPRI equation
to predict crack opening
displacements

S - Total crack opening displacement at
the center of a crack's length

BID - Crack centerline displacement on the
pipe inner diameter

SOD - Crack centerline displacement on the
pipe outer diameter

l - Weld energy transfer efficiency
AT - Applied nominal stress in tension

=P 27tRt
B - Applied nominal outer diameter

stress in bending on bending axis =
MROD l I

- Stress loading below which a crack
in a weld residual stress field will
remain closed

At- Az / v (sec)
v - Weld pass speed (in l sec)
Az - Unit Depth (I in)
0 - Half the cracks length in radians

H.2 INTRODUCTION

The USNRC is anticipating updating their leak-
before-break (LBB) procedures with the
publication of a new Regulatory Guide and
possibly a finalized version of the Standard
Review Plan (SRP) section for LBB. The reason
that the NRC is updating these procedures now
is that most of the key research topics related to
the subject of LBB technology have been
addressed in past research programs or are being

addressed in ongoing research programs, such as
the Battelle Integrity of Nuclear Piping (BINP)
program. One of those topics is the issue of the
effect of weld residual stresses on the crack-
opening-displacement predictions used to
estimate the size of the postulated leakage crack
for a LBB analysis. Past studies have shown
that weld residual stresses can cause the crack
faces of a leaking through-wall crack to rotate
causing the flow through the crack to be
somewhat restricted. One of the tasks of the
BINP program was to quantitatively assess this
effect and to develop a means of accounting for
this effect in the analysis.

The purpose of this work was to develop
correction factors, which account for the effects
of weld residual stresses, for the currently used
crack-opening-displacement (COD) estimation
equations. One such equation is Equation E1.
which is the linear elastic crack opening
displacement prediction equation developed by
Kumar and German (Ref. H.1) which is known
as the GE/EPRI equation for COD.

a =4a-a aV,(a R
E t,

(H.1)

Jn this equation, S is the total crack opening .
displacement, and VI is a dimensionless function
that is tabulated for both tension stress and
bending stress. This equation is valid for service
loading only, i.e., it does not account for the
effects of residual stresses.

It will be shown that residual stresses due to
welding tend to set up an axial stress field that is
in tension on the inner diameter of the pipe in
the weld heat affected zone and in compression
on the outer diameter of the welded area. This is
true for all the pipe sizes examined except those
with 30 mm (1.181 in.) thickness. The
compression stresses on the outer diameter of
the pipe tend to hold an existing through wall
crack closed under zero load conditions, and the
tension residual stresses on the inner diameter
tend to hold the crack surfaces apart.

The GEIEPRI equation predicts that a crack will
open in a linear fashion starting at zero load.
This is not the behavior, however, that would be
expected from a crack in the weld area of a pipe.
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Because the crack would be forced closed by the Two dimensional axi-symmetric models were
residual stresses under zero load conditions, one constructed to determine the residual stresses
would expect that a certain critical load, greater due to welding. These stresses were then
than zero, would be required to start opening the mapped into a three dimensional model in which
crack. Also, because the crack face on the inner the various crack sizes described in Table H.2
diameter of the pipe can be expected to be open were introduced. The three dimensional models
under zero load, the intercept of the equation were used to determine the effect of tension and
describing crack opening displacement would bending loads on the crack opening
not be expected to be zero. displacement. Welding related factors such as

current, voltage, efficiency, speed, weld pass
A matrix of analyses have been performed using cross section, and geometric factors shown in
ABAQUS finite element software in conjunction .; Table H.1i were all considered.
with a welding simulation subroutine developed
at Battelle (Ref. 11.2). Table H.I and Table H.2
show the pipe geometries, wall thicknesses,
mean radius to thickness ratios, and crack sizes
that were evaluated.

Table H.1 Pipe geometries studied

Wall Thickness R1 ~ . thickness Ratio

mm (in)

7.5 (0.295)- 5 10 -20

15 (0.590) 5 10 20

22.5 (0.886) 5 10 20

30 (1.181) 5 10 20
---------.

Table H.2 Crack sizes studied

Crack Half Length Crack Half Length

'(0), ' (0),'

Radians Degrees. T i

7 / 16 11.5

-/8 22.5.

7r/4 45

t/2 --90. --.-2

The data extracted from the analysis results
allowed the creation of correction factors for the
GE/EPRI equation, which account for the
critical load necessary to start opening the crack
(aecntial) and the non-zero intercepts found for
crack opening displacements under zero load.
Cracks in a zone of weld residual stresses will
open asymmetrically, and therefore it is
necessary to use both a crack opening
displacement value for the outer diameter and -

inner diameter crack faces to properly describe
the crack profile. Equation H.2 shows the
format of the weld residual stress correction to
the GEIEPRI equation.
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6IF: am <OCnigtcJ ( Ta, Rt)
b t (HL2)

THEN: 5 = 0

b t

THEN: Ia 4a-a-V(aR)i (a,Rt)+a OD(a t )E b t b tI b-

X _4 aa aR,_r
UID E bt

Where Cl is a tabulated slope correction factor
and rCD and ID are used to modify the outer and
inner diameter displacement equation intercepts.

H.3 MODEL DEVELOPMENT

The welding residual stresses were calculated
using a half symmetry, axi-symmetric model.
The finite element model was subjected to a
thermal analysis, which simulated the weld
process functions of laying down the molten
bead of weld rod, introducing heat energy into
the weld bead and cooling the weld to an inter-
pass temperature. The thermal analysis
calculated the temperatures throughout the finite
element model through the welding process. A
subsequent stress analysis was performed which
used the previously defined temperatures to
calculate the elastic-plastic residual strains in the
welded pipe segment due to the thermal effects
of welding. A Battelle developed subroutine,
which represents a constitutive law specific to
the many peculiarities of the weld process, is
interfaced with ABAQUS during the weld
analysis. Figure Hi 1 shows a typical weld
model. Standard weld groove and weld pass
geometries commonly used for stainless steel
welding were adapted from Figures C-2, and C-
3 of the report by Barber, et. al, (Ref. H.3). In
the same report it was shown that precise weld
groove geometry has a second order effect on
the weld induced residual stress state.

a R a R
,- +at)+ a ,

C, 1 xD~t/t20 J Weld
Passes

t
R,r,.,

+ line of Symmetry
. _ . - . _1 . _ . - .

Figure I1 Typical axi-symmetric weld model
construction

A relationship between weld heat energy and
pipe thickness was developed from test data.
Actual weld parameters of voltage and current
were measured for multiple weld passes on
several pipe thicknesses and were documented
in Table C-3 of Reference H.2. A linear curve
fit of this data was constructed to create an
equation describing heat energy input per linear
inch of weld pass as a function of pipe thickness.
Equation R3 shows the linear equation
describing heat input per weld bead length in
(Jmin) vs. pipe thickness in inches. This
equation, and an additional efficiency
multiplication factor of 75%, was used to create
the heat energy input table used for the specific
pipe thicknesses examined in this analysis.
These values are shown in Table 13. These
weld parameters are quite typical of those used
in nuclear piping for austenitic steels.
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En _ e _g J J
E g (-) -

15 ,393 (-2) .t(in.) + 13,265(---)
Length In. mn - in.

UI.3)

Table H.3 Energy inputs used in the current
analysis

Pipe Thickness Energy / in

rnm, (in) KJ /mm, (KJ /in)

7.5, (0.295) 0.526, (13.354)

15.0, (0.590) 0.660, (16.760)

22.5, (0.886) 0.794, (20.177)

30.0, (1.181) 1.01, (23.583)

Conversion Factor = 0.0009472 [(BTU/sec)] = 1
Watt

Cooling of the weld pass for t = 300 sec.
Allowing the weld pass to cool to below 300
'F before applying the next pass.

The stress portion of the two dimensional
axisymmetric analysis used the results from the
temperature analysis and developed the residual
stresses over the same time steps as were used in
the thermal analysis and used the custom
subroutine to assign the proper welding strains,
including the effects of melting and annealing of
the weld and parent material.

A more detailed description of the weld analysis
energy input follows. The analysis steps, per
pass, for the axisymmetric model included a
thermal analysis and then a stress analysis using
the results from the previous thermal analysis.
The steps were as follows:

* Deposition of weld pass for t = 0.01 sec at
molten temperature.'

* Heating of weld pass calculated as:

(i.~ ti := A .A&z-q'-A t

F (=II...- ) 1 (H.4)
q= Ij .(conversion factor)

[(A.Az.At.v)

AzAt := -. ~

The heat energy input values used in the
analyses are described using the pipe geometry
with a pipe thickness of 0.590 inches and a
radius to thickness ratio of 10 as an example.
The power input per unit volume of each
axisymmetric weld pass was calculated as
shown in the Equation H.4.'

These measured inputs were extrapolated to the
thicknesses that were evaluated in this effort.
The tabulated energy values do not contain an
efficiency factor. Assuming that the welds were
all made at the same weld pass speed (0.117 in
sec) [3 mm / sec], and with the same voltage
setting (25 volts), the average current was -

derived. The weld parameters used in this study
are tabulated below in Table H.3a.

Table H.3a Energy inputs used in the current
analysis

Pipe Energy / in I V E/ in *.75
Thickness (KJ / in) (amp) (volt) Efficiency
(in) [mm] [KJIrmm] (D / in)

; [KJ/mm
0.295 17.806 83 25 13.354
[7.51 [0.701] [0.525 1

0.590 22.347 105 25 16.760
[15.0] [0.880 ] [0.660 ]
0.886 26.903 126 25 20.177
[22.51 [1.06 ] [0.794]
1.181 31.444 147 25 23.583
[30.01 [1.241] [0.828]

Tablp H_'Aa Fnerpv innvik urpil in thp current
V -- . I -- . 11;

. I. � � i_ ,
. , k

I = Weld Current (Amps)
V = Weld Voltage (Volts)
7j Efficiency (.75)
v = 'Speed (in sec)
A = 'Weld passcross section area (in 2) -
Az =Unit Depth (1 in)
At =A / v (sec)
q'= Power Input per volume [(BTU/sec)Iin 3]

H-5s



U

For example, the following values were used for
the 0.590 inch thick pipe:

I= 105 Amps
V = 25 Volts
11 = .75
v= 0.117in/sec
A = Weld pass cross section area (in2)
Az = in
At= 8.547sec
q' = Power Input per volume [(BTU/sec)/in 3]

Conversion Factor = 0.0009472 [(BTU/sec)] = I
Watt

Aiz
At :=A

v

Figure H.2 The thermal analysis showing
weld build-up

q' = 1.865 /A

Values for power per volume based on the 0.590
inch thick geometry and the weld pass cross
sectional areas are tabulated below.

HA TENSION LOAD RESULTS

For the remainder of this paper the model
associated with the pipe thickness of 15 mm and
a mean radius to thickness ratio of 10 will be
used as an example. Figure 112 shows the
progression of the weld build-up 'using the
energy values from Table R.4. The contours on
the model indicate the temperature of the two
dimensional axisymmetric model during each
weld pass.

Table 1A4 Weld pass power Input per unit
volume for 0.590 inch thick pipe

Weld Pass A (in) g' [(BTU/sec)/in3
1 0.0238 78
2 0.0159 117
3 0.0186 100
4 0.0226 83
5 0.0305 61
6 0.0298 62

7 0.0462 40

8 0.0154 121

The results from the thermal analyses were used
as input for the stress analyses. Figure 11.3
shows an axial stress contour plot and the
corresponding graph shows the axial stress on
the outer and inner diameter of the pipe. Figure
R4 shows the hoop stress contour plot and the
corresponding graph. (Similar plots of axial and
hoop stress for the other weld geometrics (pipe
thickness and Rlt ratio) analyzed are shown in
the attachment at the end of this Appendix.)
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Figure H3 '2-D Weld residual stress - anial stress
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-Figure H.4 2-D Weld residual stress - hoop stress

Figures H.5 and H.6 show measured axial and
hoop weld residual stresses for a type 304 -

stainless steel pipe. The data was taken from;. -
Table D-5 of Reference HA. The pipe was 0.84
inches thick with an R / t ratio of 19. The
measured data is scattered due to the fact that the
pipe was not annealed to remove manufacturing
stresses before it was welded. These values are,'
compared to the finite element predictions for a

0.886 inch thick pipe with a R/ t ratio of 20 with
type 316 stainless steel properties. The graphs
show that the predictions are of similar values
and magnitudes despite the scatter in the
measured data. Likewise, an extensive database
of validation examples for the VFT'm software
exists for both small specimen welds and
complicated structures.
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Residual Weld Stress Measured Data from a 16 Inch Dl. Pips .4 In. Thick
Axial Stress
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Figure H.5 Measured axial stress data versus analysis

Residual Weld Stress Measured Data from a.16 Inch Die. Pip. .84 In. Thick
* Hoop Stress

Distance from Weld Center Line (In.)

Figure H.6 Measured hoop stress data versus analysis

The two dimensional residual stress results were
then mapped from the fine meshed model to a
coarser meshed model and then rotated into a
quarter symmetry, three dimensional model as
shown in Figure H.7. The stress results shown
in Figures 113 and 1.4 as solid lines represent
the results from the finely meshed 2-D models.
The data plotted with dotted lines represent the
stresses in the coarse two dimensional model
which were transferred to the quarter symmetry,
three dimensional model.

The 3-D models were used to evaluate the crack
behavior due to residual stresses and externally
applied loads. Cracks were introduced into the
weld centerline by releasing the symmetric
boundary conditions on the finite element nodes
which represent the crack surface. Figure I-L8
shows the crack surface areas for 0 = n1r6, 7I8,

Wr14, and 7r2 length cracks in the quarter
symmetry, three dimensional model.

The models were analyzed with and without a
rigid surface boundary condition at the weld
centerline. In the cases without the rigid surface
boundary condition, called free boundary, the
portion of the crack face in compression moved
in the direction closing the crack ("negative"
crack closing displacement). This displacement
was used along with the GE/EPRI equation to
predict the critical load necessary to overcome
the crack closure and to just start to open the
crack. Figure 119 shows a view of a typical
crack at the crack mid-length for the rigid
surface boundary condition. The top view
shows the crack under zero load. The weld
residual tension stress in the pipe has opened the
crack on the inner diameter, and the residual
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compression stresses have forced the crack
closed on its outer diameter. In the bottom view,
the pipe has been put under the specific "critical
load" for this case that will just start to open the
crack.

Fme Mesh 3,000 elem.

Coarse Mesh 500 elein.
..-4--II-4--SJ Ii7 I IH \444A

A sample of cases was conducted with the rigid,
symmetric weld centerline boundary condition
as shown in Figure H.9. It was found that the
behavior of the crack faces under load was'
exactly the same with the rigid and free
boundary conditions once the cracks were fully
opened.

-.

Figure H.8 Crack sizes

3-D Model 30,000 elem.
_;_ --. :" 1: _,.,-

5t *!.';P:-- . -

back=I q ~
_3 -, ;>_A,Inca gzs,_ -E,-.- , -,- _ z__

. 7 _ 7 �:� " &;�

- ;- -.- ~-- - n

_ _ _ -.1 t ,,1 , -," E .- TL '; V

-ar iiX -_t,_s .iP Y'i *..:n- ' 'I l i

I _-,8j<., ; i;'i,'..l,'-lets-
iZ I~fI

Figure H.7 Model development -rime mesh -

coarse mesh --3-D mesh

Critical crack opening loads were calculated for,
all 48 cases examined. -Analyses were-
conducted in which 0 x, I x, 2 x and 3 x this
critical load were applied to the pipe model with.
free crack boundary conditions for all 48 cases.

,, . . ., .

Figure H.9 shows the importance of reporting
both the inner diameter and outer diameter crack
opening displacement values. Examples run
with the SQUIRT leak rate prediciion software
(Ref. H.5) show that cracks with non-parallel
faces leak at different rates than those with
parallel faces. Therefore, it is important to
report both the outer diameter and inner
-diameter crack opening displacements in the
case of cracks affected by a weld residual stress
field. The SQUIRT program allows the user to
inputanODCODandanlIDCODfor
asymmetric cracks. The load versus
displacement data extracted from the analysis
results was used to develop linear equations that
can be used to predict crack centerline
displacements.

. . .4

-- j,^a<'ss- -, I;'

Figure H9 3-D crack Mid-surface closed under zero
load (top) and ready to open under critical tension

loading (bottom)
H-9i '-



Figure H.10 shows crack half-displacements for
the outer diameter crack edge in the example
case (thickness = 15 mm, R / t = 10, 0 = n14)
under various loading conditions. The figure
shows a crack with 0 = T / 8 loaded with
multiples of the critical load. The crack has
begun to open in the crack center, but is not
completely open along its length under the
critical load. The crack quickly becomes fully
open and takes on a roughly elliptical shape,
once 1.5 times the critical load is applied. An
elliptical crack shape is usually assumed in leak
rate calculations as a way to calculate crack
opening area using only two parameters: crack
opening displacement and crack length. The
inner diameter crack opening profile (not
shown) starts out open and elliptically shaped
under zero loading.

Table H.5 VI values for tension from Table 2-1 of
Reference H.1

ohs j
R/t 1/16 1/8 | 114 l 112

5 1.05 1.202 1.827 6.367
10 1.082 1.319 2.243 8.324
20 1.144 1.530 2.922 11.089

Table H.6 VI values for bending from Table 2-5
of Reference H.1

017r

R/t 1/16 1/8 l XI 14- 1/2
5 1.052 - 1.194 1.732 4.958
10 1.081 1.304 2.116 6.510
20 1.141 1.510 2.753 8.727

Table H.7 V1 values for bending from Tables 4.3
and 4.8 of Reference 1.6

0/1
R/t I/ 16 I1/8 114 1 /2

5 1.234jl 1.388 2.008 *5.331
10 1.206 1.480 2.379 7.165
20 1.111 1.482 3.079 11.585

0.00 5o00 10.00 15.00 20.00
Crxk B&lth(dft

Figure H.10 Crack OD opening profile
under tension load, 8 = n /18

Equation H.I1 is valid for describing crack
opening displacements in pipe materials with no
residual stress. The crack opening
displacements found with the weld residual
stress models were used to develop corrections
for Equation H.1 to make it better match the
crack behavior in a weld induced residual stress
field. Tables H.5 and H.6 show the values for
VI used in Equation IL1 for tension (Table H.5)
and bending (Table 116) from Reference H. 1.
Table H.7 provides updated values of VI for
bending developed with more sophisticated
finite element models from Reference FL6.

Equation H.1 is a linear function with an
intercept of zero displacement at zero load. It
has been shown earlier that cracks in weld areas

25.0 are initially forced closed on the OD surface due
to axial compressive residual stresses. It has
also been shown that it is important to report the
crack opening displacement for both the crack
outer diameter and inner diameter. These facts
force a modification of Equation H..1 in order to
predict the behavior of cracks in welds. If the
externally applied stress on the pipe is less than
a critical value (ecjda), then the crack remains
closed. If the applied stress is greater than this
value, then the ID and OD crack opening
displacements are greater than zero and different
from each other. To modify the GE/EPRI
equation to represent both of these facts, a slope
modification factor (Ca) and two intercept values
(1OD and Is,) must be introduced. Figure H.11
shows the equation modification graphically.
The modified equation shows a step at the
critical load. The crack is assumed to be closed
below this load. Above the critical load, both
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the ID and OD crack center displacements are (PWR) operating pressure of 2,250 psi. This
represented. The values for a'cs ,, C1, 1OD) and means that cracks of these sizes would remain
ID have been tabulated and are shown below in closed at standard operating pressure, if no
Tables H.8 through H.I 1for tension loading. - additional external load were applied to the pipe
The cells that are shaded gray in Table H.8 system.
indicate stresses ab6ve those that would be
caused by the standard pressurized water reactor..

Comparison of GE/EPR! COD to ID and OD COD for
Thk59Drt10, pi/4

0.025

0.02

C

C
0.

0
U 0.01
E °°

0.005

0

0 2000 4000 6000 8000 10000 12000

- Stress (psi)

-Figure H.11 GE/EPRI tension equation modification

-14000

Table H. 8 - cruCHG,; values for tension loadskPa, (psi)
[Highlighted values are greater than PWR operating pressure]

-- Thickness mm(mn)

R /t 0111 7.5,- (0.295) : | 15. (0.59) - 22.5, (0.886) 30, (1.181).
. 5: 1/16 83 2 T928S |f05t8f15230)6_____ 3f47fi4•)%

5 .1/8 I 1 7ffi - 25001, (3626) 20609, (2989)

5 .1/4 :-1 728738,7(4168) 14748,(2139) 10839,(1572)
5 '1/2 -21167, (3070) ;:9611, (1394). .3978, (577) 0.

.----10:, -1/16 -J6,1 2 5653, (5171) 2'1953, (3184) 13010, (1887)

--10 - -1/8 52525, (7618) '24676,(3579) 13369,(1939) -9446,(1370)-
10 1/4 33433, (4849) 16679, (2419) 8646, 1254) 5061, (734)
10 1/2 11280, (1636) 4502, (653) 2420, (351) 0

20 1/16 28669, (4158) 6543, (949) 9349, (1356) 5295, (768)
20 1/8 21746, (3154) 3820, (554) 5785, (839) 427, (62)
20 1/4 16051, (2328) 2082, (302) 3503, (508) 2179, (316)
20 1/2 4826, (700) 655, (95) 1000, (145) 0
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Table H.9 C1 values for tension (CT)

Thickness, mm (inch)
7.5 (0.295) 15 (0.59) 22.5 (0.886) 30 (1.181)

R/t e/1T IOD _

5 1/16 0.869 1.007 0.789 0.813
5 1/8 0.906 0.959 0.861 0.899
5 1/4 0.731 0.744 0.722 0.726
5 1/2 0.852 0.862 0.827 0.868
10 1/16 0.883 0.769 0.806 0.817
10 1/8 0.918 0.825 0.803 0.847
10 1/4 0.650 0.651 0.617 0.661
10 1/2 0.762 0.758 0.709 0.767
20 1/16 0.786 1.517 0.769 0.801
20 1/8 0.766 1.795 0.720 0.765
20 1/4 0.572 1.526 0.515 0.587
20 1/2 0.806 1.524 0.638 0.810

Table H.10 TOD values

Thickness, mm (inch)
7.5 (0.295) 15 (0.59) 22.5 (0.886) 30 (1.181)

R/t IOD _

5 1/16 -0.00256 -0.00240 -0.00074 0.00038
5 1/8 -0.00288 -0.00119 -0.00053 0.00049
5 1/4 -0.00271 -0.00086 -0.00040 0.00050
5 .1/2 -0.00295 -0.00112 -0.00042 0.00055
10 1/16 -0.00172 -0.00060 -0.00037 0.00019
10 1/8 -0.00132 -0.00055 -0.00028 0.00026
10 1/4 -0.00103 -0.00051 -0.00024 0.00027
10 1/2 -0.00147 -0.00058 -0.00028 0.00033
20 1/16 -0.00051 -0.00022 -0.00016 . 0.00009
20 1/8 -0.00051 -0.00021 -0.00012 0.00012
20 1/4 -0.00055 -0.00019 -0.00010 0.00014
20 1/2 -0.00086 -0.00024 -0.00013 0.00021

H-12



Table H.11 IlD values
!-.

.- Thickness, mm (inch)
7.5 (0.295) 15 (0.59) 22.5 (0.886) 30 (1.186)

R/t O n _ _ _ _ . -: Ir_ _- _'

5 1/16 0.00214 0.00016 0.00028- -0.00050
5 1/8 0.00207 0.00082 0.00039 -0.00038
5 1/4 0.00139 0.00073 0.00027 --0.00025
5 1/2 --0.00012 - -0.00001 0.00001 0.00004
10 1/16 - 0.00071 0.00019 -0.00020 -0.00022
10 -1/8 0.00082 0.00029 0.00026 -0.00019
10 1/4 0.00076 0.00022 0.00018 -0.00013
10 1/2 ~ .0.00014 -0.00004 0.00001 0.00002
20 1/16 0.00033 0.00004 0.00007 -0.00009
20 1/8 0.00038 0.00008 0.00009 -0.00009
20 1/4 0.00028 0.00007 0.00007 -0.00007
20 1/2 -0.00017 -0.00003 -0.00001 0.00004

H.5 TENSION LOAD EXAMPLE

An example will help illustrate the use of
Equation H.2 and the significant difference in.
crack opening displacement from the results
found with Equation H.1. The pipe size that has
been used for illustration purposes throughout
the paper will be used again here. The pipe is 15
mm (0.59 in.) thick and has a mean radius to
thickness ratio of 10. The internal pressure is
standard operating pressure for a PWR of 15.5
MPa (2,250 psi.). Crack half-length is 0 = t / 4.
The pipe is made from type 316 stainless steel -

with a Modulus of Elasticity of: E = 206,840
MPa (30 x 106 psi).

_4

The first step is to check to see if the loads on.,
the pipe exceed cr0 -cijij The calculated
nominal stress on the pipe produced from only
the internal pressure is 70 MPa (10.15 ksi).
Looking at Table H.8, one finds that the critical: ,
stress for this instance is 16.7 MPa (2,419 psi.). -,

The applied pressure is well above this limit, so .
the crack will be open.

The second step is to calculate the coefficient for.
Equation H.2. The crack half length (a) is equal.
to RO = 118 mm (4.634 in.). The coefficient of
the equation 4aa- / E = 0.159 mm (0.0063 in.).

The third step is to look up the tabulated values
for the equation variables in Tables H.9 through
H.Il.

V1(/4, 10) = 2.243 [from Table H.5]
CTr(1/4, 10, .59) = 0.651 [from Table H.9]
IOD(I/4, 10, 15 mm) = -0.00051 [from Table
H.10] ;;
ID(1 /4, 10, 15 mm) = 0.00022 [from Table
H.l l]

Substituting these values into Equation H.2, the
outer diameter and inner diameter crack opening
displacements are calculated as follows:

8oD=0.159 mm( 2.243)(0.651) + 118 mm(-
0.00051) = 0.1722 mrm (0.0068 in.)

m=b0.159 mm(2.243)(0.651)+118nmm
(0.00022) = 0.258 mm (0.0102 in.).

These values can be verified graphically by
looking for the OD and ID COD values in
Figure H. 1. For a nominal stress of 70 MPa
(10,153 psi.), the values of the outer and inner
diameter crack displacements can be read
directly from the chart. The value predicted by
the GE/EPRI equation, without a correction for
residual stresses, can also be read directly from
the chart, or calculated as 0.357 mm (0.0141
in.). There is a disagreement of 38 percent on
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the inner diameter displacement and 107 percent
on the outer diameter crack opening
displacement.

When these weld residual stress corrected COD
values were used in the SQUIRT leak-rate code
analysis of the example test case, the predicted
leak rate for the half crack length of 118 mm
(4.634 inches) was 33 1pm (8.74 gpm). When
the uncorrected values from the GEIEPRI
equations were used for this same test case, the
predicted leak rate was 66 1pm (17.5 gpm), a
factor of two greater. What this implies is that
the predicted size of the postulated leaking
through-wall crack for an LBB analysis is going
to be much shorter if one does not account for
the effect of the weld residual stresses on the
COD values. If the crack size is proportional to
the leak rate, then in this example case, the
leakage crack, accounting for residual stresses,
may be twice as long as the leakage crack, when
one does not account for residual stresses,
assuming the same prescribed leakage detection
capability. Thus, not accounting for residual
stresses may have eroded the margin on crack
size of 2.0, typically assumed in a LBB analysis,
to 1.0.'

H.6 MODEL CHECKS

Two model checks, or sensitivity studies were
performed to make sure that the results produced
from the specific models used in this study'
would be applicable over a range of conditions.
The two checks that were performed were a
mesh density study in which the number of
elements used in one of the 3-D models was
increased by a factor of 2.8 and the resulting
crack opening displacement values at no load
were compared to those of the standard model.
The second study examined the effect on weld
residual stresses of altering the heat input in the
weld. This was checked by varying the heat
input ±25 percent and examining the effect on
axial and hoop stresses in one of the finely
meshed 2-D models.

H.6.1 Mesh Density Study

A mesh density study was done to show that the
number of elements that were used in the

standard models was sufficient. This was done,
in part, by comparing the results from the stress
results from the coarse and finely meshed 2-D
models as shown in Figures H.3 and H.4.
Remember, the solid lines represent the stress
results from the finely meshed model and the
dotted lines represent the stress from the
coarsely meshed model. Figure H.7 shows that
the mesh density reduction in going from the
finely meshed 2-D model to the coarsely meshed
2-D model was a factor of 6. These results were
considered to match well enough to proceed
with using them for the 3-D models in which
cracks were introduced. But, a 3-D comparison
was never made of the effect on crack opening
displacement.

The ABAQUS routine, "Symmetric Model
Generate," was used to revolve the 2-D models
into 3-D models while mapping stresses as well.
It was used on all of the test cases. The easiest
method to create a finely meshed 3-D model was
to revolve one of the finely meshed 2-D models
directly into a 3-D model. For the example case
of 0.59 inches thick with a radius to thickness
ratio of 10 this would not work. This is why the
coarser models were originally created with the
stresses mapped to them. The original fine
meshed models had to be made more coarsely
meshed before revolving because of a limitation
in the number of elements that can be revolved.
The 2-D fine mesh model with the least number
of elements (1,233 elements) was the model
with a thickness of 0.886 inches. Its coarse
mesh model had 439 elements. Revolving the
fine mesh model into a 3-D model would
produce a finely meshed 3-D model with 2.8
times the number of elements as the original
version. This worked, and the crack opening
displacements were compared.

Figure H.12 shows the half-crack opening
displacement comparison for the coarsely and
finely meshed model of the pipe 0.886 inches
thick with a radius to thickness ratio of 10. The
figure shows that there is a good comparison
between the results of the two models. The ID
values are shown on the upper part of the graph
and the OD values are shown on the lower part
of the graph. The graph shows the crack face
displacement at the centerline when there is no
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rigid boundary condition at the crack center.
The OD of this crack moves in a direction that
would create an interference fit (negative
displacement) and the ID values show the crack
opening. The graph also shows these crack
profiles for the four crack sizes studied (ir/16,

r/8, W14, 2J2). In all cases, the finely meshed
model produced resulting crack displacements

outboard of those produced by the coarser
model. The 'outei diameter results were more
closed than the closed outer diameter of the
coarsely meshed model, and the inner diameter
results were more open than the open crack
displacements of the more coarsely meshed
model.

Thk886_rtlO Mesh Density Check
(2.8 x element refinement)

¶ .COE-03

5.00E-04

O.OOEtpO

E -5.0OE'04

U

, -1.OOE-03

-1 £OE-03

.2.00E-03

.2.50E-03
Crack HaftLengh (de)-

Figure H.12 Mesh density study results

The more coarsely meshed model is always pipe with radius to thickness ratio of 10 was
conservative because it predicts that the cracks -K used in this study. Only the stresses produced in
will be slightly more closed on the OD than the the finely meshed 2-D model wiere examined.
more finely meshed in6del. The conclusion of The heat input values' used were varied by ±25
this study was that the results for the models percent from those used in -the n6minial case and
used in developing the correction factors would the models were rerun.
be conservative and acceptable. - - '

-- The resulting axial and hoop stress profiles are
H.6.2 Heat Input Stud y shown in the following two figures'(Figures

H.13 and H.14). The figures show that the
A heat input check was done for similar reasons. -resulting change in stresses due to the change in
The check was done to find the effect of heat .heat input over the ±25 percent range is almost
input on the stresses obtained in the weld model. insignificant.
The standard example case of a 0.59 inch thick
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Ailal Stress
(thkXI90_rtlO)

Heat Input Study
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Figure H.13 Axial stress results from heat input study

Hoop Stress
(OikS90_rt1QOhoop)

Heat Input Study

100.0

.b
0a

Distance from Weld Midplans (In.)

Figure H.14 Hoop stress results from heat input study
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H.7 MOMENT LOAD AND COMBINED'
LOAD RESULTS

A similar logic was used to determine the
correction factors necessary to compensate for
the effects of welding residual stresses on the
crack opening displacements under moment
loading. It was assumed that another correction
factor could be created and used in an equation.
of similar form to that of Equation H.2. It was
also assumed that the equations for crack
opening displacement due to tension and
bending could be superimposed to form an
equation to be used in the more common
situation of combined loading.

subscripts 'T" and "B" indicate tension and
bending, respectively. The proposed form of the
equation corrected to include the effects of weld
residual stress is shown' in Equation H.6. A
separate correction factor is used to modify the
original "V" factors for both tension and -

bending loads. The intercept factors, IOD and Imt
are assumed to remain the same for both tension
load and bending loads because they are a ; -
function of the no-load state of the welded pipe
segment. The correction factors were calculated
from the results of the analyses that will be
described here, and the assumptions were
validated.

The original GE / EPRI equation for combined
loading is shown as Equation H.5 where the

a-[- (aR aR a-R- aR 1 (a, R,

a=E*T rb, )+ 8 V b't-) --B . :.)C + a -)

EL b:.t CT(- bt !

4a F aR aRa R C (aRt aR,

ED L b : b r - bt b tt "AD=E [° rbXt )- bXt t)° ab t t)sb t t)faIDb Xt.,-.

(H.5)

(H.6a)

(H.6b)

The same 3-D pipe segment models, with - -

welding residual stresses, as were used in the .--- As in the tension'loading studies, 1x, 2x and 3x
tensions analyses were reused for the bending this calculated critical load were applied to each
analyses. The loads were applied differently. In '- ' 'of the pipe geometries and crack sizes. Crack
the cases with tension loading, the pipe surface displacement values were extracted for the inner
opposite the weld was put under a uniform and outer diameters for each of the cases.
tension load. In the moment analysis,-a moment'' ''Linear equations were developed for the crack
load was applied to a reference node at the opening behavior for the inner and outer
center of the loaded end of the pipe, and this diameter crack centerlines using the
load was coupled to the nodes on the load face-.' displacements found with 2x and 3x the critical
with the ABAQUS feature 'KINEMATIC -. load.
COUPLING." The reference node was
restricted with boundary conditions in all Slope and intercept values were determined to
directions except rotation in the direction of the describe the crack opening behavior. As in the
applied moment. The moment load necessary to tension equations, the slope values, which were
produce the critical axial stress on the outer slightly different for the outer diameter and inner
surface of the pipe segment was calculated for diameter, were averaged to make one correction
each pipe geometry. factor which was applicable to both locations.
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The intercept values calculated from this data
were determined to be close enough to the
values found in the tension case to use the values
determined from the tension analysis to apply
for both tension and moment loading. Figure
H.15 shows the equation modification
graphically. The modified equation shows a
step at the critical load. The crack is assumed to
be closed below this load. Above the critical
load, both the ID and OD crack center
displacements are represented. The values for
CB and arBcritc,, have been tabulated and are
shown in Tables H. 12 and H. 13, respectively.

This graph can be compared to the one shown in
Figure H. 11 for the tension case. The GE 1
EPRI equation line was constructed using the
improved VI values from Table H.7 (Ref. H.6),
and the correction factors created were based on
these values as well. The graph shows a similar
situation as is shown for the tension case. The
GE / EPRI equation over predicts the crack
opening displacement in this case where the
weld residual stresses hold the crack closed until
some critical stress level is reached.

Comparison of GE I EPRI Moment Loading COD to ID and
OD Graphs for Thk59_rtlO0, p14

0.090

0.080-

c 0.070~ -Modified ID

m 0.060 -B/~EPRI Equation \ MdfedO

a 0.050-\

so 0.040- e

a 0.030 -

o 0.020

0.010 -

0.000-a ,,

0 10000 20000 30000 4odoo 50000

Moment Load Stress (psi)
Figure H.15 GE(EPRI bending equation modification

The modification factors for bending are shown
in Table H. 12. They are to be used with the
original slope factors for bending from Table

H.7, and can be combined with the tension
loading equation as shown in Equation H.6.
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Table H.12 C, values for moment loading'(CB)

Thickness, mm (inch)
7.5 (0.295) 15 (0.59) 22.5 (0.886) 30 (1.181)

Rh. - IOD

5 - 1/16 - 0.397 0.711 0.586 0.608
5 1/8 - 0.874 .. 0.672 0.662 0.676
5 1/4 0.480 0.574 0-549 . . 0.573
5 1/2 0.369 - 0.446 0.410 0.441.
10 1/16 - 0.699 - 0.706 0.651 0.695
10 1/8 0.641 0.703 '0.660 0.686
10 1/4 0.501 0.541 0.489 0.520
10 1/2 0.258 0.276- 0.253 0.266
20 1/16 0.763 - 0.758 0.749 0.776
20 1/8 0.677 -- 0.700 0.661 0.698
20 1/4 0.376 0.384 0.355 0.382
20 1/2- 0.105 0.106 0.101 0.105

The critical bending stresses necessary to open
the pipe cracks are shown in Table H.13. These
values are based on the stress on the outer
diameter of the pipe with the center of the crack.
aligned with the maximum tension stress in -.

bending. These values apply to pure moment.
loading only. If the combined loading equation
is used as shown in Equation H.6, then the

critical load is. calculated for the unique tension
and bending load combination simply by finding
the stress value at which both the inner diameter
and outer diameter crack centers are open. The
following combined tension and bending load
example will help mnake the use of the'correction'
factors clearer.

Table H.13 aB' c~its, values for moment loading kPa, (psi)

Thickness mm, (in.)

R/t 0/a 7.5,(0.295) 15,(0.59) 22.5,(0.886) 30,(1.181)-
5 1/16 231369, (33557) 1:127554,(18500) 44471, (6450) 36267,(5260)
5 1/8 190986, (27700) 54883, (7960) 29165, (4230) 23787, (3450)
5 1/4 77222,(11200) 57847, (8390) 19926, (2890) 14617, (2120)
5 1/2 -41300, (5990) --- 26752,(3880) 8619, (1250) 2572, (373)

10 1116' 96300, (13967) 37584, (5451) 23029, (3340). 13927, (2020)
-10- 1/8 51649, (7491) 25483, (3696) 14203, (2060). 9929, (1440)

- 10 1/4 54338, (7881)--- '-2 02 91,( 2 943 ) 10342, (1500) 6419, (931)
10 -- 1/2 31771, (4608) - - 6 1O8i8, (1569) 5357, (777) 2434, (353)'

20 1/16 31716, (4600) 12893, (1870) 9446, (1370) 5716, (829)
20 1/8 23994, (3480) 9653. (1400) 6005, (871) 4854, (704)
20 1/4 22684, (3290) 7584, (1100) 4461, (647) 3634, (527)
20 1/2 17582, (2550) 5509, (799) 3123, (453) 2827, (410)
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H.8 COMBINED TENSION AND
MOMENT LOAD EXAMPLE

An example will help illustrate the use of
Equation H.6 and the significant difference in
crack opening displacement from the results
found with Equation H.5. This example will
look at a case in which real world loads will be
used. The loading in this case is from the design
values used for the Unit # 2 surge line in the
Beaver Valley plant. The pipe is 31.6 mm
(1.246 in.) thick and has a mean radius to
thickness ratio of 5.11. The internal pressure is
near standard operating pressure for a PWR of
14.9 MPa (2,160 psi.). The bending load is
187.67 kN-m (1,661,000 in-lb). All four crack
half-lengths will be examined (0 = 7r / 16, n1 /8,
7r / 4,7 / 2). The pipe is made from type 316
stainless steel with a Modulus of Elasticity of: E
= 206,840 MPa (30 x 106 psi.).

The first step is to calculate the coefficients for
Equation H.6. The crack half length (a) is equal
to R10and has been calculated to be equal to the
following values for the four crack sizes [n / 16:
a 29.4mm (1.16 in.), n i 8: a = 56.6 mm (2.32
in.),Tc/4: a= 117.9 mm(4.64 in.), i/I2: a=
235.5 mm (9.27 in.)].

stress to be used in the equations. The tension
load can be converted into terms of stress by
dividing it by the cross sectional area of the
pipe. The cross section of the finite element
pipe model with the 1.181 inch thickness and
radius to thickness ratio of 5 was used as a check
because this model was used, with these loads
applied. The tension stress calculated to be
31,026 kPa (4,500 psi). The bending stress must
be calculated using the equation arB = MRoD / I
and came out to be 96,451 kPa (13,989 psi).

The second step is to look up the tabulated
values for the equation variables in Tables H.5,
H.7, and R9 through H.12. This process can be
best illustrated with a table showing the different
factors and calculations for each of the four
crack sizes, see Table H.14. VT is found in
Table H.5, and VB is found in Table H.7. CT is
found in Table E19, and CB is found in Table
H.12. The intercept coefficients TOD and JD are
found in Tables H.10 and RI 1, respectively.
The example values of thickness and R / t are.
considered close enough to the tabulated values
to use those values without modification. If they
were further away from the tabulated values,
interpolation could be used.

The loads applied to the pipe segment must be
converted into terms of tension and bending

Table H.14 Combined loading example factors

0 (rad) a (in) 4a/E (in3/ lb) VT -CT VB CB |I0 I

mc/ 16 1.1594 1.546E-07 1.05 0.813 1.234 0.608 0.00038 -0.0005

n /8 2.3189 3.092E-07 1.202 0.894 1.388 0.676 0.00049 -0.00038

iT /4 4.6378 6.184E-07 1.827 0.726 2.008 0.573 0.0005 -0.00025

,x /2 9.2756 1.237E-06 6.367 0.868 5.331 0.441 0.00055 0.00004
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Calculated results for modified equation and GE / EPRITable H.15

Ratio of COD with residual
.stresses to COD without'

Calculated Results GE / EPRI residual stresses (inside
; Results diameter)

0 (rad) 8o01 GE 8

'tI 16 0.00266 0.00164 0.003399 0.48

7Z/ 8 0.00667 0.00468 0.007676 0.61

7 /4 0.01596 0.01247 0.022454 0.56

n/2 0.07657 0.071839 0.127665 0.56

Average.- 0.55

Table H.15 shows a comparison of the resulting
crack opening displacement predictions using . -
the modified equations which include the effects'
of weld residual stresses, and the GE / EPRI
equation. The results are better visualized in,
Figure H.16 which shows a bar graph of crack'
opening displacement for the various crack sizes
and a single loading case. The important fact to,'
note is that the crack size is governed by the
smallest crack opening displacement. For this '

example, the smallest displacement can'be found
on the pipe inner diameter. The crack opening
displacement for the inner diameter averages;
only 55 percent of the crack opening prediction '
of the GE / EPRI equation which does not
include the effect of weld residual stresses.

Running an elastic-plastic finite element model
including this combined loading scheme' made 'a'
check of the predicted results.' The results
predicted by the equations very closely matched
the displacements predicted by the finite element
model for all but the crack size of r /2 which' -

was under predicted by both the modified
equations and the GE / EPRI equation. It should
be remembered that the predictive equations
were developed using the displacements found
at 2 times and 3 times the load necessary to start
to open -the crack. The predictive models are
designed to work in the linear region of material
behavior, and break down with loads or
displacements that are too great. The equations
can only be expected to be accurate in the range
of loads that are in, or slightly beyond, the range
of zero to three times the critical opening load.
The bending load for the 7r /2 crack is actually
34 times the critical load and gives a poor match
while the smaller crack sizes which range from
17 times to 27 times the critical bending load
make a good prediction. One thing is clear, that
welding induced residual stresses reduce crack
opening displacemients in the linear
displacement range, and that the predictions
used for pipes with no residual stresses over- ''
predict the crack opening displacements for '
these cases.

- I . � .1, . . '... -
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Figure H.16 Comparison of results from combined loading example

H.9 CONCLUSIONS REGARDING WELD
RESIDUAL STRESS EFFECTS ON COD

The results found in this study reinforce the
previosly held belief that circumferential
through wall cracks in pipes behave differently
when they are located in a weld than when they
are located in an area free from residual stresses.
Correction functions have been tabulated for use
in modifying the GE/EPRI linear elastic crack
opening displacement equation to better predict
crack opening behavior for pipe cracks in welds.
The example used shows one instance in which
the modified equation predicts'a smaller crack
opening displacement than does the GE/EPRI
equation. This is significant in the case in which
an attempt is made to back-calculate crack
length from postulated pipe leakage rates, such
as the case in traditional LBB analyses. Crack
lengths can be calculated using the known
leakage rates, calculated crack opening areas and
crack opening displacements, among other
factors. If the crack opening area is over
predicted, as is the case with the GE/EPRI
solution in the example above, the crack length
will be under predicted. The equation
modification factors provided in Tables H.8
through EL.13 can be used to better predict crack

opening behavior, which will lead to better LBB
evaluations.

This work is also applicable only to type 316
stainless'steels. Though it is thought that other
materials with similar thermal and strength
properties will behave similarly, this hypothesis
must be evaluated.

H.10 WELD START-STOP EFFECTS

The previous analyses describing the effects of
weld residual stresses on crack opening
displacements assumed that the welds were
deposited uniformly for the entire circumference
of the pipe segments analyzed. The residual
stress state of the pipes was developed in an
axis-symmetric model. The axis-symmetric
results consisting of stresses and plastic strains
(if needed) were then transferred to a full three
dimensional model. The full three-dimensional
model was then in an axis-symmetric state of
stress. When the cracks were introduced into the
three-dimensional model, the stresses
redistributed to eliminate the axis-symmetric
nature of the stress. An axis-symmetric analysis
of the welding process essentially assumes that
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the entire pass is deposited at once along the
entire circumference.

In actual pipe welds there is a start and stop
point of each weld pass which causes a
discontinuity of the stress state in the pipe at this
location. While an axis-symmetric analysis is
not physically realistic, experience over the
years has shown that an axis-symmetric analysis
is reasonably accurate for regions away from the
start/stop location of an actual pipe weld. This
stress discontinuity near the start/stop region of
the weld has an effect on crack opening behavior
in and near the weld. It is important to know
what this effect will be with regard to the results
presented from the previous COD analysis. This
section of the report will describe a study of
crack opening behavior in a pipe model with a
full three dimensional weld of seven passes
where each pass starts and ends at the same
point An analysis in which the start and stop
location of each weld pass is in the same
location should be expected to show the most
severe example of the start-stop effect on crack
opening displacement In some actual field
welds, the passes start and stop at different
locations around the circumference, which will
lead to a more uniform stress state in the pipe. I
The following provides a summary of (i) weld
start/stop effects on the residual stress state in
pipe welds and (ii) the effect on the COD when
the crack approaches and grows through a
start/stop region of a pipe weld.

H.10.1 The Start/Stop Weld Model

The model used for the analysis is the same as
the one described in Appendix G of this report.
The model is shown in Figure H.17. The pipe is
a bimetallic weld made from several materials,
as shown. This represents the geometry of the
V. C. Summer bimetallic hot leg pipe weld
analyzed in detail in Appendix G. The purpose
of the analysis shown in Appendix G was to
investigate the growth of pressurized water
stress corrosion cracking (PWSCC) in the
bimetallic hot leg welds. The welds joined a
reactor vessel nozzle to a stainless steel pipe
using inconel weld filler metal. The pipe was
modeled with a seven-pass weld in which all
have the start and stop locations of the weld
passes were at the same location around the pipe
circumference. Each weld pass traverses 360
degrees of the pipe. The nozzle (made of A508
steel) is 3.22 inches (81.8 mm) thick and has a
radius-to-thickness ratio of 5 while the stainless
steel pipe is 2.33 inches (59.2 mm) thick with a
radius-to-thickness ratio of 6.7. The outer
diameter of the nozzle was machined so that the
outer diameter of the both the nozzle and
-stainless steel pipe were equivalent. This
machining extended for about 1.5 to 2
thicknesses away from the edge of the weld (see
Figure G.19 in Appendix G for more details).
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A508 Class 2
Butter

A508

(c) weld passes

h,-S304.-

A508 Class 2

(b) Half 3D model

Figure H.17 Start - Stop weld analysis model
.

One will notice, from examination of Appendix
G, that this analysis neglected the effect of the
buttering, post weld heat treatment, and weld
repair. In addition, the weld passes were lumped
to produce seven passes instead of the 21 passes
used in the axis-symmetric analysis in Appendix
G. By comparing the detailed axis:symmetric
solution results to this three dimensional
analysis, it is seen that similar trends between
the solutions are obtained for regions away from
the start/stop locations.

There were two reasons that this bimetallic weld
was chosen for this weld start/stop effect study.
First, in the actual V. C. Summer hot leg
bimetallic weld that experienced field cracking,
a significant amount of lealdng occurred that
was not detected by leak detection equipment,
and the crack was not discovered until a
scheduled outage. This analysis can provide an
estimate of the expected crack opening behavior

in similar bimetallic pipe welds to provide
understanding of the effects of bimetallic weld
residual stress effects on COD (and hence leak
rates). Second, the model was readily available
and will provide information regarding start/stop
effects on generic mono-material as well as bi-
material welds.

The materials and geometry of this model are
different than those used in the crack opening
displacement analyses discussed earlier in this
appendix. Hence no direct comparison will be
made between the prior and new results
presented here. Instead, a qualitative
comparison will be made between the crack
opening displacements in this pipe model when
the cracks are located in the start-stop location,
and then in a separate analysis with the crack
placed 180 degrees from the start-stop location.
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Quarter symmetry models were used in the cracks were centered on the start-stop location of
previous analyses to describe the crack opening the weld, and also additional cases were
displacements. Because of the varying stress'- examined in which the cracks were placed
field 360 degrees around the circumference of a - centered 180 degrees from the start-stop location
pipe segment with start-stop weld effects, a full - of the weld. This method allowed a direct
model of the pipe segment was required here. - comparison of the weld start-stop effects in a
The model is shown in Figure H.17. Node pipe segment in the area most affected, and the
constraints along the weld centerline were used 'area least affected by the stress discontinuity that
to create the cracks inthe previous quarter develops at the start/stop location.
symmetric models. Node constraints were
sequentially released to simulate the growth of H.10.2 Start/Stop Weld Effects on COD -
the crack. A similar method was used in these Results
full models. The model was split into two
halves at the weld centerline. Kinematic nodal Figures H.18 and H.19 show the baseline axial
constraints were used to join the twohalves of - stresses in the model with no cracks present. In
the model along the centerline of the weld, and the area of the start and stop of the weld there is
these constraints were released to allow a crack - a definite difference in the through thickness
to grow in the pipe segment. As was done stress pattern directly before and after the start-
previously, four crack lengths were studied with stop plane. In the area 180 degrees away from
half crack lengths, 0, equal to n / 16, ir / 8, t /14 the start stop location, the through thickness
and / 12. A total of eight analyses were axial stress is uniform. Figure H.19 also
performed to find crack surface displacements -; illustrates the location where the circumferential
due only to residual stresses, i.e. with no applied crack is to be introduced.
axial load. Analyses were done in which the

40.

20.

Start/Stop Location

-1- ,

-Start Locat

Figure H.18 Baseline weld - axial stresses
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The models into which cracks were introduced
had constraints on the end of the nozzle segment
in which the end of that pipe was fixed in all
directions. This represents the A508 steel
nozzle-vessel junction. The free end of the
smaller diameter Type 304 stainless steel pipe
segment was constrained in the radial direction
to simulate its connection to a much longer pipe
segment, but it was free to move in the axial
direction. This set of boundary conditions
allowed the crack faces introduced into the pipe
segment to freely move due only to the weld
residual stresses in the model. As seen in the
previous crack opening displacement analyses
for stainless steel only material in smaller sized
pipes, the weld residual stresses tend to be
compressive on the pipe's outer diameter and
tensile on the pipe's inner diameter. When a
circumferential through wall crack is introduced
into this stress field, the crack tends to close at
the outer diameter and open on the inner
diameter. In reality, the outer diameter crack
face would be forced closed (i.e. contact) and no
displacement of this crack face would occur. If
a model were made in which this effect were
simulated, the only crack displacement results

weld - axial stresses

that could be obtained would be for the small
section of the through wall crack that was forced
open due to the tensile stress in the weld toward
the inner diameter of the pipe segment. No
attempt was made in this case to make a contact
model in which the compressive crack faces
would meet each other. This was done in the
studies described earlier in this Appendix, and
including the effect of this contact had a-
minimal effect on COD when a tensile load is
applied of such magnitude as to overcome the
contact compressive stresses. The model used
here was constructed so that the crack faces
would rotate freely on both sides due to the weld
residual stresses present. These displacements
were examined to get a full picture of how the
weld residual stresses affect the crack face
displacement through the entire pipe thickness.
Results graphs were made which show the full
displacement found in the model for the crack
face edge at the outer diameter of the pipe and at
the inner diameter. Figures 1120 through R23
show the full displacement of the crack faces for
the four crack sizes studied.
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Figure H.20 Crack displacement results for 2n /16 crack in start-stop location
and 180 degrees away from the start-stop location

... Stzrt Stop P118 Crack Opening / Closing

0.005

cC_
0
0
U

I

Degrees -

Figure H.21 Crack displacement results for 2t / 8 crack in start-stop location
and 180 degrees away from the start-stop location
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Each of the displacement results graphs
represents a different crack size, and they' are
shown in the order of increasing crack size.'
Each of the graphs displays-the results for a
crack placed with its center on the start-stop line
of the weld, and also the results for a crack
placed 180 degrees away from the start-stop'
location of the weld. Also, each of the graphs
has beeni made to the same vertical and
horizontal scale so that comparisons between the
displacements found in cracks of different sizes
are easier to make. The horizontal scale in each L
graph goes from 0 to 180 degrees. The-cracks - ''
were centered on the location that is designated
as 90 degrees in each of the graphs. The weld
direction is indicated on each of the graphs. The
displacement results foi the cracks in the start- '-'
stop location are indicated with heavier lines'and
with notes and leaders. The crack displacements
for the locations 180 degrees away from the
start-stop location are also indicated with notes
and leaders, but with lighter weight lines. The
results data are displayed in such a way as to
indicate crack opening as a positive
displacement, and crack'closing as a negative
displacement. As discussed earlier, cracks-
cannot have a negative displacement, 'but this' -
method is a good way to sho6w variation-in the:-
degree of crack closure.

Two things become clear immediately when
looking at all of the crack displacement results'at
once: Firstly, the cracks in'the start-stop region -'
are more opened than those placed 180 degrees' -'
away from the start-stop region,'and seco'ndlyi-1-
the start-stop effect is in portant primarily in an
area within ± 15 degrees from the start-stop
point. -

The smallest crack size (0 -r / 16) shows the
greatest discrepancy between the crack behavior
in the start-stop region 'and the crack 180
degrees away (again, recall that the total crack
size is 20). The crack in the start-stop area is-
completely open over the 'crack's entire length.
The total gap, maximum crack' opening,' betwcen
crack faces, is 0.089 nmm (0.0035 inches) on the
outer diameter of the pipe and 0.066 mm -'

(0.0026 inches) on the inner diarneter. The
crack 180 degrees away from' the start-stop :
location behaves similarly to the results from the-

previous non-start/stop crack opening
displacement anitysis. COD is forced closed on
the outer diameter as indicated by the negative
displacement value' of -0.0137 mm (-0.00054
inches)'while the inner diameter is forced open
by an almost equal amount of 0.0140 mmn
(0.00055 inches).

The second smallest crack size (7c I 8) shows
similar behavior. The crack in the start-stop
l6cation is almost completely ope n. The outer
diameter edge has a maximum crack opening
gap of 0.122 mm (0.0048 inches) while the inner
diameter has a gap of 0.107 mi'i (0.0042 inches).
The crack in the area opposite the start-stop -- !

location has the predicted behavior of a uniform
weld stress field. It'is closed on'the outer
diameter and open on the inner diameter.- The
maximum closure is -. 066mrm (-0.0026 inches)
while the maximum crack opening gap is 0.041
mm (0.0016 inches).

The crack with a half crack length of 7t l4 gives
an indication of the extent of the area affected by
the weld start-stop region.' The crack behavior
in the start-stop region and the non-start-stop
region are almost exactly the same from the left
side of the crack to within 15 degrees of the
centerline of the crack. -The outer diameter of
the'crack is forced closed, and the inner diameter
edge is forced open. Within ± 15 degrees'of the
start-stop location is where the residual stress
effects from the start-stop region have their
greatest influence, and the two cracks look
completely different in this area. The crack in
the start-stop region is completely open in the
range of± 5 degrees from the start-stop'point.
Once beyond 15 degrees in the weld direction
from the start point, the cracks behave similarly'
again. -The inner diameter edge displacements
are almost the same-for the start-stop crack and
for the criick on the opposite side of the pipe.
The outer diameter displacements both increase
toward zero with a similar slope, but the start-'
stop crack is less closed on the outer diameter.'

The final figure shows the behavior of the crack
which has'grown to half the circumference of
the pipe (0 = i t 2). The results look like an
expanded version of the previous crack size.
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From the left side to within 10 degrees of the
start-stop location, both the crack centered in the
start-stop area and the one placed. 180 degrees
away behave almost exactly alike with the inner
diameter cracks open and the outer diameter
cracks closed. In the start-stop affected region,
the crack is more open, but in this case, not
completely open. The inner diameter opens a
small amount over a 6 degree length, but the
outer diameter remains firmly closed, though
less so than the crack on the opposite side of the
pipe. Once beyond 15 degrees in the weld
direction from the weld start point, both cracks
behave almost the same again for both the inner
diameter and the outer diameter.

General Conclusions. As stated earlier, some
general conclusions can be made from the
results found in this study. If a crack forms in
the start-stop region of a weld, it will be
generally more open than one that formns away
from this region. The start-stop effect is most
pronounced in a range of ± 15 degrees from its
center, though there is a pronounced sinusoidal
effect: which progresses, around the.
circumference and affects axial displacement
results in the larger crack sizes. This seems to
indicate that the start-stop effect has a more
subtle effect on the stress state throughout the
weld. The earlier analyses, in which equations
were developed to predict crack opening
displacements in terms of applied loads, are
useful because they can be used as a method to
indirectly determine crack lengths from
measured leak rates and calculated crack
opening displacements. -The results of this start-
stop analysis show that cracks that form' in the
start-stop area will be more opened than cracks
that form in non-start-stop areas. Thus, ignoring
the effect of start/stops would lead to a
conservative estimation of the postulated
leakage through-wall crack length in a leak-
before-break assessment. This is because crack
length is back calculated from an assumed crack
area for a certain leak rate. The area is based on
the crack opening displacement (COD) and the
crack length. If the COD were more open in a
start-stop area than would be predicted in a non-
start-stop area, then the crack length would
actually be shorter in the start-stop area than
predicted, which is conservative. Of course,

only one pipe geometry and size was evaluated
in this analysis, and the results should be looked
at more qualitatively than quantitatively. A
range of pipe sizes and radius to thickness ratios
should be studied to get a better understanding
of the start-stop effect in a wider range of
situations.

H.10.3 Start/Stop Weld Effects on COD -
Discussion

There are several interesting general results that
were obtained from this study that deserve
further discussion. Three subjects are discussed
in more detail here.

Bimetallic Welds. The weld start/stop effect
study was performed on a bimetallic weld for
large diameter, thick pipe, which had the
dimensions of the V. C. Sunmmer hot leg pipe
that experienced a pin hole sized indication in
service. The pinhole emanated from a through-
wall axial crack that grew in the IN82/182 weld
material driven by hoop residual stresses. This
is expected since weld hoop residual stresses are
larger, and nearly fully tensile, compared with
axial stresses, which alternate between tension
and compression through the pipe wall.
PWSCC is driven by tensile stresses. In this
weld start/stop study we concerned ourselves
with circumferential cracks since these are
considered more severe than axial cracks since a,
circumferential crack can rupture the pipe and
lead to rapid coolant loss. It is unlikely that a
circumferential crack will grow through the pipe
wall if driven mainly by weld residual stresses.
Rather, a large part through crack can develop,
which could potentially lead to a complex crack
in service.

This is illustrated in Figure H.24, taken from
References H.7 and H.8. This consisted of an,
analysis of a core shroud weld. This diameter of
this shroud is very large but is rather thick (see
Figure H.24). The axial residual stress pattern in.
this vessel is typical of that in thick wall pipe,
i.e., tension at the ID, compression in the mid
thickness region, and tension again at the OD in
the weld region (see References H.7 and HiS).
References H.7 and H.8 were concerned with the
crack growth behavior of a core shroud where
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the main loading is that from the weld induced
residual stress field. From an axis-symmetric
crack growth solution, where the crack is a full
360 degrees, the results indicate that a crack
growing from the inside to the outside vessel
surface, or vice versa, would likely stop growing
since the K values reduce to negative values for
the deeper cracks. This is because the cracks
grow into compressive residual stress fields. For
a surface crack (Figure H.24) introduced using '
the finite element alternating method, the
position of maximum K shifts from the deepest'
point of the crack to positions near the
intersection of the surface crack and the pipe
inner surface as the crack becomes deeper. In
fact, for cracks deeper than 0.5 inches, K
becomes negative at the deepest point of the
crack. This suggests that the cracks, if driven by
corrosion mechanisms, which depend on K, will
tend to grow long in the angular direction and
much slower in the depth direction. Indeed, we
expect the tendency for full 360 degree cracks to
develop. In many nuclear piping components,

residual stress fields were more complicated,
typically with tension at the ID, reversing to
compression near mid-thickness, back to
tension, and finally reversing back to -
compression near the OD. For this case, the
ID tensile field did not reverse to
compression until about one quarter of the
pipe wall thickness, depending on the R / t
ratio. -

For the thick pipe (about 1.2 inches thick),
the axial residual stress field started with
tension at the ID. However, the stresses
very quickly reversed to compression at a
distance less than a tenth of an inch through
the pipe wall. They then reversed to tension
about halfway through the pipe wall, and
then back to a low level of compression for
a short distance near the OD. For this case,
the ID COD closed and the COD on the OD
opened - the opposite pattern compared with
all other pipe thickness.

360-degree cracks do develop (see Reference All of the above comments can be verified by
H.9). The potential for this type of crack growth studying the attachment to this appendix. For
certainly exists in bimetallic welds of the type -.the bimetallic weld considered here, which is a
considered here. ' very thick pipe of different materials, the

stresses are nearly compressive at the ID (see
Stress Redistribution After Introduction of - -Figure H.19) for nearly half the wall thickness,
Through-Wall Cracks. The study of residual and become tension for the outer half of the wall
stress effects on COD's for one material (Type, thickness. This is a 'bending' type distribution,
316 stainless steel) presented earlier in this but opposite in sign to -the thin pipe distribution.
appendix, suggested that:' ' Of course, the three dimensional analysis case

produces a more complicated stress distribution
* Circumferential cracks will tend to open in compared with the axis-symmetric distribution

regions where tensile weld residual stresses considered for the Type 316 stainless steel pipe.
develop for pipe thickness' less than-about From this, one would expect the COD on the
0.6-inch. For this size pipe, the axial - pipe ID to close and at the OD to open.
residual stress field is typical of the bending However, as seen in'Figures H.20 to H.23, the
type, tension on the ID and compression opposite of what is intuitively expected occurs -
along the OD. As such, the cracks opened at - the ID is open and the OD is closed! The results
the ID and closed at the OD of the pipe. -' were double-checked and the analyses were

redone using a different crack introduction and
* For intermediate thickness pipe (0.89-inch),'-' analysis scheme, and results validated as correct.

the COD's also opened at the ID and closed
at the OD. For this thickness, the axial
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Figure H.24 Stress intensity factors for a surface crack growing through a residual
stress field. Crack length, al, remained constant while the crack depth, a2,

increased (Taken from References H.7 and H.8)
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There are several possible reasons for this
behavior, but it is difficult to suggest which is
more plausible. The complicating factors
include:

* This is a bimetallic weld, with the A508
nozzle vessel steel being machined down so
that, at the weld, the OD is the same as that
of the Type 304 stainless steel pipe it is
being welded to (see Figures H.17 to H.19).
This stiffness difference near the weld
region may contribute to the COD's opening
and closing in directions contrary to
intuition.

* As discussed earlier with regard to the Type
316 stainless steel COD study earlier, hoop
residual stresses do indeed play an important
role in the crack opening behavior when a
crack is introduced. In fact, from Figure
G.62 in Appendix G, it is seen that large

! compressive hoop residual stresses exist
over a small region at the pipe weld ID,
changing to large tensile values throughout
the rest of the pipe thickness. This can
introduce crack face rotation as the cracks
are introduced. The key point is that it is a:
more complicated process, especially for
thick bimetallic pipe, and analyses may be

required on a case by case basis to determine
the COD behavior.

Finally, the three-dimensional nature of the
stress field, with the start-stop region
reversing the residual stress directions, can
contribute to unexpected COD's after
introduction of a crack.

Elastic-Plastic Deformation Effects on COD.
The analyses included the effect of plastic
deformation and strain history during'the
introduction of the cracks.' Another analysis was
performed where only the residual stresses were
included. For this second analysis case,
plasticity was included during the COD
introduction into the pipe - but not the history of
plastic straining.' This second case was
performed in part to validate the analysis results
(i.e. second case analysis). However, in many
cases analyses are performed where only the
residual stresses are included (with no plastic
strain'history) for convenience and because
including the entire history is more difficult.
Figure H.25 shows the COD's for both cases.
The COD patterns are very similar in shape for
both cases. However, it is seen that including
.the history results in larger COD magnitudes.',

Comparison of Original and Test Data for Pi/ 3.75 non-start-stop
crack

6.00E-03 - IA;

4.OOE-03

= 2.OOE-03 -

C .OOE+O0 -
00

CL 0. 20 40*tL 1040 160 10
o -2.OOE-03 -

E -4.OOE-03

2 -6.00E-03 - \ / p/4 b Free Id

-8.OOE-03 -p/4 b Test od

-1.OOE-02 -

degrees

Figure H.25 COD analysis including residual stresses and plastic strain history
(thin lines) and only including residual stresses (denoted 'test')
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APPENDIX I

ROUND ROBIN ANALYSES



1.1 INTRODUCTION

As part of the BINP program, the program.:
participants solved two separate round robin
problems. Both problems formed the basis for,.
subsequent technical tasks conducted by Battelle
and Engineering Mechanics Corporation of
Columbus (Emc2). The first round robin
problem involved a series of finite element
analyses aimed at developing a matrix of -

solutions to be used in quantifying the effect of
restraint of pressure induced bending on the - -
crack-opening displacements (COD) for leak-
before-break (LBB) analyses: The results from.
this round robin problem then fed into Task 4 of
the BINP program where the results from the
round robin finite element analyses were curve
fit to develop an engineering approximation of
the effect of restraint of pressure induced
bending on COD values.

The second round robin problem examined the
effect of pipe radius-to-thickness (R/t) ratio on
elastic-plastic fracture mechanics (EPFM)
surface-crack J-estimation scheme analyses.
The results from the second round robin then fed -
into Subtask 7.1 of the BINP program where the
effect of R/t ratio on flaw evaluation criteria for
Class 2, 3, and Balance of Plant (BOP) piping -
was studied.

This appendix provides the details of both round!
robins. The analysis methodologies that were'
developed in the subsequent BINP tasks are
discussed elsewhere in this report.

a through-wall circumferential crack will result
in a bending moment at the crack region for a
pipe loaded axially, due to the eccentricity from
the neutral axis of the crack plane versus the
center of the uncracked pipe. The common
analysis practice for LBB is to determine the
center crack-opening displacement (COD) by
using the solution for an end-capped vessel. The
so-called end-capped vessel model, although
relatively simple to analyze, allows the ends of
the vessel to freely rotate. Furthermore, this
model ignores the ovalization restraint at the
crack plane from any boundary conditions.
Therefore, the end-capped vessel model may
over-estimate the crack-opening displacement
more than if the pipe is not allowed to rotate.

In a real piping system, the ends of the pipe will
be restrained from free rotation. The amount of
the restraint will depend on the geometry of the
pipe system. In general, the restraint of end
rotation will be a function of:

* the magnitude of the load (elastic or plastic
effects),

* the pipe R/t ratio,

* the length of the crack (short cracks typical
of LBB in primary pipe loops are not
affected, but long cracks for smaller-
diameter pipe will be effected), and

* the boundary conditions of the pipe either
side of the crack location.

1.2 FIRST ROUND ROBIN (FINITE
ELEMENT ANALYSIS OF CRACK- - .*For this round robin, six organizations from
OPENING DISPLACEMENTS IN three countries participated in the finite element
AXIALLY LOADED PIPING SYSTEMS round-robin analysis. The objective of this
FOR LEAK-BEFORE-BREAK round-robin program was to check the past
APPLICATIONS) calculations (Ref. I.1), as well as compare and

evaluate the results and modeling approaches
International Piping from different participants. Each participant was

Integrity Research Group (nPIRG-2) Program, a then assigned to solve some additional problems.
Integrity ReschmmiGrioupdtoassess te Progra, aThis resulted in a large matrix of FE results,study was commissioned to assess the factors wihwudln hmevst lsdfr
that are most critical to leak-before-break (LBB) which would lend themselves to a closed-form
and in-service flaw evaluation methods (Ref. analytic expression that was developed later in
I.1). One such factor identified was an effect the BINP program.
called restraint ofpressure induced bending on
crack-opening displacements. The existence of
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The round robin analysis was coordinated by
Engineering Mechanics Corporation of
Columbus (Emc2). The other five participating
organizations were: Battelle Columbus, Central
Research Institute of Electric Power Industry
(CRIEPI) of Japan, Korea Electric Power
Research Institute (KEPRI), Sungkyunkwan
University of Korea (SKKU), and the U.S.
Nuclear Regulatory Commission (NRC).

L2.1 Background on the Effect of Pipe-
System Boundary Conditions on Fracture
and Leak Rate Analyses

In virtually all nuclear pipe fracture analyses, the
pipe-system stress analysis and thie fracture
analyses are decoupled. That is, typically the
stresses in an uncracked-pipe system are
determined, and then those stresses are used in
an analytical fracture analysis.

Of the effects that are typically decoupled, one
of the most stunning results observed came from
a pipe-system experiment in the First
International Piping Integrity Research Group
(IPIRG-1) program. In that experiment, it was
experimentally determined that a'guillotine
break did not occur until the growing through-
wall crack was 95 percent around the pipe
circumference, see Figure L. From pressure
loads alone, it was expected that a break would
occur once the crack reached 65 percent of the
circumference. The crack length of 95-percent
of the circumference corresponded to the
pressure-induced failure for full restraint of the
induced bending moment, see Figure L2.

Remaining through-w
crack Noament at ,

Figure 1.1 Photograph of fracture from aged cast stainless experiment
(Experiment 1.3-7) from IPIRG-1
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Figure I.2 Net-Section-Collapse analyses predictions, with and without considering induced
bending, as a function of the ratio of the through-wall crack length to pipe

circumference

The results from this experiment, with the crack
located 3.4 pipe diameters from an elbow,
provide strong evidence that pipe-system
boundary conditions restrain pressure-induced e

bending, and that this increases the load-carrying
capacity of the cracked pipe. Virtually all
fracture analyses assume that the pipe is free to
rotate due to the pressure-induced bending.

Consequently, the contemporary fracture
methods will tend to inaccurately predict the
propensity for crack instability because they ~
ignore the restraint that pipe-system boundary
conditions provide.

After the excitement subsided concerning the
apparent beneficial effects of the restraint of
pressure-induced bending on fracture loads, it :.
was later noted, that if the failure loads are
increased, then the driving force is reduced, so
that the crack-opening displacement in the pipe
system will be less than what is typically
calculated using current crack-opening-

displacement analyses. Hence, the increased
load-carrying capacity that is beneficial to LBB
is offset by a corresponding decrease in crack-
opening displacement that is detrimental to
LBB. Because the trade-offs between these'two
effects were not well understood, some selected
case studies were undertaken which are
summarized below.

The precise procedure that was originally used
--by Battelle to assess the effects of restraining the
induced bending from pressure loads was
defined in NUJREG/CR-6300, Section 6.3 on
page 6-3 (Ref. 1.2). A focused mesh was used at
the circumferential crack tip with 20-noded
brick elements in ABAQUS. There were 172
elements in the quarter symmetry model with
1,252 nodes, as shown in Figure 1.3.
Calculations were initially done for a 28-inch
diameter pipe with a mean pipe radius to wall
thickness ratio (R/t) of 10. Only elastic analyses
were conducted.
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Figure 1.3 FE mesh used in past Battelle COD/Restraint effect study

At various distances from the circumferential
crack plane, the pipe rotations and ovalizations
were restricted in the FE analyses. This distance
from the crack to the restraining boundary
conditions was called the restraint length. The
restraint length was normalized by the pipe
diameter for making non-dimensional plots with
COD values for different pipe diameters.

In NUREG/CR-6300, the crack length was
either4 2.5 or 25 percent of the pipe

0.95-

0.9-

0.85-

o 0.8-

Q 0.75-

E 0.7-
Az

circumference, and the normalized restraint
length was 1,5, 10, and 20. A calculation was
also done that would allow free rotation and no
ovalization restrictions. This is representative of
the fully unrestrained conditions (the end-capped
vessel assumption) typically used in all the COD
estimation procedures. Since this was an elastic
analysis, the COD of the restrained boundary
condition analyses could be normalized by the
unrestrained COD for any load level. Figure 1.4
shows the initial results.

6 8 10 12 14
Normalized Restraint Length

Figure IA Normalized graph showing the effects of restraining ovalization
and rotations at different distances from the crack plane

14



Subsequent analyses were conducted for a 4-
inch nominal diameter pipe with an R/t of 6. In _ _ * IGSCC crack morphology parameters,
addition, another crack length of ½2 of the pipe
circumference (total crack length) was added for * a pressure of 15.5 MPa (2,250 psi), and
both pipe diameters. Figure I.5 shows the
results of the both of these analyses together. * a bending stress chosen to give a total

pressure plus bending stress of 50-percent of
The results from the 28-inch diameter pipe FE the Service Level A maximum allowable
analysis seem reasonable. The 4-inch nominal stress from ASME Section mfl Article NB-
diameter pipe results agree with the large pipe 3650 for TP304 pipe.
results for the large crack, but not for the small
or intermediate crack. That may have been due' The resulting leakage-size crack was calculated
to some problem in the normalization. One using the SQUIRT Version 2.4 computer code.
would think that the normalized COD should These results are shown in Table 1.1. At this
flatten off to a constant value of 1.0. Hence, the leak rate, the large-diameter pipe is basically
small-diameter results are suspicious. unaffected by the restraint condition while'the

small-diameter pipe is very much affected. The
An additional LBB sensitivity study was effect of restraint on the COD is strongly
conducted in NUREGICR-6443 using the above controlled by the crack length. It appears to
restrained COD trends. The LBB analysis used manifest itself as a pipe diameter effect, since a
the mesh geometry shown in Figure I.3, for a longer normalized crack length is'needed in
highly restrained condition (L/D = 1) and smaller-diameter pipe for LBB to be satisfied.
completely unrestrained conditions applied to 4-
inch nominal diameter (R/t of 6) and 28-inch-
(R/t of 10) diameter pipes under the following
conditions:-

* a leak rate of 1.89 liters/min (0.5 gpm), -

. . 1.

* -, 0on

. . . .9

0.7

0 *da.6

* 0.5
.. ,x

o 0.4'zl
0.3

0.2

0.1

01 r

I hIP d I.w(B
I I p p anir(O R6 I

: ,it '.I

nfl
W.._

0 2 4 - 6 -8 10 12 14 16 - 18 20

- Normalkied Retralnt Length .

Figure 1.5 Normalized COD versus restraint length for two different sets for FE analyses
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Table 1.1 Differences in leakage flaw sizes due to restraint of pressure-induced bending

Outside Pipe Diameter Leakage Crack Length, 017c
Mm inches Restrained Unrestrained

114.3 4.5 0.7250 0.2360
711.2 28.0 0.0219 0.0219

The corresponding LBB fracture loads were
evaluated under the following conditions:

* the crack is centered on the bending plane,

* the average stress-strain curve properties for
TP304 stainless steel base metal were used,
and

* the crack was assumed to be in the center of
the weld, hence the mean minus one
standard deviation J-R curve for a stainless
steel SAW weld was used.

Using the LBB.ENG2 analysis modified to
eliminate the induced bending from the tension
component of the axial stress component, the
ratio of the unrestrained to restrained failures
loads is shown in Figure I.6. This result shows
that the effects of the restraint of pipe-system
boundary conditions were negligible for the 28-
inch diameter pipe. This was because for this
leak rate, the crack size was a small percent of
the circumference, and hence the beneficial
effects on fracture and detrimental effects on
COD were negligible. However, the effect on
the 4-inch nominal diameter pipe was very large.
The unrestrained load is a factor of nine larger
than the restrained load. This was a more
significant effect than any possible effect from
toughness considerations. The reason this
occurred was that for this leak rate, under this

loading, the normalized crack length in the small
pipe for the restrained condition had to be very.
large when compared with the larger-diameter
pipe. The crack, in fact, became so large from
this effect, that any benefits on fracture loads
were small, especially considering that the
additional loads to fracture were all bending
loads, not increases in pressure loads. Also, like
any LBB analysis, the calculations were made
up to maximum load, and were not an actual
determination of a DEGB.

The effect seen in this sample calculation
suggests that LBB applications need to be
assessed carefully for cases where large crack
sizes may occur, i.e., small-diameter pipe, or
steam-line applications. It also suggests that
there may be some concern with LBB
applications to intermediate pipe diameters.
Fortunately, for large-diameter pipe, where LBB
is of greatest benefit, there are no detrimental
effects from this phenomenon.

Of practical importance is the fact that the past
Battelle analysis assumes symmetric boundary
conditions either side of the crack. This would
probably never occur in practice. Hence, to
make any analysis for this effect a practical tool,
one would have to account for the different pipe
bending stiffnesses on either side of the
proposed crack locations.
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Figure 1.6 Calculated maximum loads for LBB with and without restraint
of the pressure-induced bending from the pipe system

1.2.2 Problem Statement for First Round analysis matrix included the cases that were
Robin Analyses analyzed in NUREG/CR-6300 to evaluate the

;validity of the prior calculations.
The objective of this round robin was for the
participants to perform linear-elastic finite The specifics of each case in the analysis matrix
element analysis to determine the center crack- - are provided in Table 1.2 .and Table 1.3. The
opening displacement (COD) at the mid--- - -'- - analysis matrix was grouped into three major
thickness of a through-wall circumnferentially-' _ _ _'case groups, namely, Case 1, Case 2 and Case 3
cracked straight pipe restrained at both ends Case 1 considered the symmetrically restrained
(Figure 1.7). The elastic modulus and the pipe with constant Rd/t ratio of 10, but varying
Poisson's ratio were assumed to be 200 GPA pipe diameters. Case 2 was also the symmetric
(29,000 ksi) and 0.3, respectively. The basic restraint case, but with a constant pipe diameter
variables investigated in the program inrcluded of 28 inches and varying Rdjt ratios. Case 3
the pipe outside diameter (OD), pipe mean 'covered the asymmetric restraint case, with a
radius to thickness ratio (R,/t),half crack length _ _ Rd/t ratio of 10 and varying pipe diameters.
(6), and the'distance between the restraint planes --

to the crack plane (LI, L2). - -. -- 'Furthermore, the round robin was-carried out-
- -' -into two phases. In -the first phase all of the

A total of 144 cases were included in the - - participants were required to solve all the cases'
-analysis matrix of the round robin. It covered a - --- - in Case 1. The modeling approach and COD
wide range of pipe diameters and Rdt ratios.' - - results from each participant were compared. In
The effects of different restraint lengths on the : the subsequent phase (Phase II), the participants
two sides of a crack plane (the asymmetric __ were assigned to solve a different subset of cases
restraint condition) were considered also. The in Case 2 and Case 3. This resulted in a COD
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database that would be used to develop a closed-
form analytical expression in one of the follow-
on tasks of the BINP program. Table I.4

summarizes the cases solved by each participant
of the program.

Restraint Plane Crack Plane Restraint Plane

Figure 1.7 Cracked-pipe geometry

Table L2 Symmetric restraint cases

OD R./t Axial Half Crack Length Restraint Length
(mm) Force (radians) (LIOD)

_ . (kN) _

Case la 711.2 10 50,000 7r18 7r/4 Vr/2 1 5 10 20
Case lb 323.85 10 5,000 V/8 irJ4 VrJ2 1 5 10 20
Case lc 114.3 10 . 500 7r/8 7r14 7c/2 1 5 10 20
Case 2a .711.2 5 50,000 7r/8 ,r/4 Vr/2 1 5 10 20
Case 2b 711.2 20 50,000 n/8 n14 ,r12 1 5 10 20
Case2c 711.2 40 50,000 7r/8 7r/4 n/2 1 5 10 20

Table 1.3 Asymmetric restraint cases

OD RIt Axial Force Half Crack Length Restraint Length
(mm) (kN) (radians) (LI/OD) L2/OD

s5 10 20 __

Case 3a 711.2 10 50,000 it/8 ic/4 irI2 X X X 1
711.2 10 50,000 m'8 m'4 7Y2 X X 5
711.2 10 50,000 7U8 n14 7N/2 X 10

Case 3b 323.85 10 5,000 VJ8 7U4 7r/2 X X X 1
323.85 10 5,000 ir/8 ir/4 7tI2 X X S
323.85 10 5,000 7r/8 Ntf4 7U/2 X 10

Case 3c 114.3 10 500 n/8 ir/4 7i/2 X X X I
. 114.3 10 500 7r/8 7W/4 7/2 X X 5

114.3 10 500 7W/8 n'4 V/2 = X 10
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Table 1.4 Problems -analyzed by the participants

Participant Participant Participant Participant Participant Participant
A' B C D E- F

Case la X Partial X X X X
Case lb X X X X X --- X
Case lc X X X X X
Case 2a X ' ' '
Case 2b X
Case 2c , X X
Case 3a -__ X
Case 3b X I X
Case3c - X I X _ -

It should be noted that, although the problem
statement was very specific about other aspects
of the problem, it deliberately avoided
stipulating how the restraint conditions in a pipe
system and the axial load should be applied in
the finite element model. This reflects the
complex nature of the restraint conditions in;
various piping systems. The round-robin
participants would have to decide on how the,
restraint and loading conditions would be
imposed in their finite element models according
to their, own interpretations of the piping system.
Indeed, different participants imposed the
boundary and loading conditions differently,
which might be one of the causes for ,the
observed discrepancies of the COD results in the
round-robin cases.

The problem statement as distributed to all
participants is given below.

Case I - Common Problems - All Partiipants

Case la Problem Statement

Using elastic FEM analyses (brick or thick-shell
element), calculate the COD at the center of a-
circumferential through-wall-cracked pipe using
the following input parameters:

* Outside diameter of 28-inch,:-

* The model can be quarter symmetry to give
symmetric boundary conditions either side.'
of the crack, see Figure I.3,

* At the crack plane, allow the pipe to move
vertically and horizontally (rotation in the
crack plane and ovalization 'are not
restricted), but pin any axial displacements
in the ligament,

* Do not apply pressure on the crack faces,
and n6 internal pressure,

* Apply an axial force of 50,000 kN, (11,240
pounds)"' through the center of the
uncracked pipe at the end of the model,

* The mean-radius to thickness ratio is 10,

* The total crack lengths (20) are 12.5, 25, and
50 percent of the pipe circumference, '-

* The distances from the crack to the plane of
rotation and ovalization restraint should be'-
1, 5, 10, and 20 outside diameters of the
pipe, as well as, unrestrained rotation and
ovalization conditions (capped pressure
vessel case) for each crack length.

This should be a matrix of 15 FE analyses,
where the COD can be given in a table, as well
as plotted in a normalized fashion as in Figure
1.4.

1 The applied load value is'arbitrarily selected since
the analysis is linear elastic and will be normalized
for restrained versus unrestrained COD values.
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Case lb Problem Statement- all participants

This is similar to Case la, but uses a 12-inch
nominal diameter pipe with an Rdt of 10.

This should also result in a matrix of 15 FE
analyses, where the COD can be given in a table,
as well as plotted in a normalized fashion as in
Figure 1.4.

Case Ic Problem Statement - all participants

This is a similar problem, but for the 4-inch
nominal diameter pipe case shown in Figure L5.

Again, this should be a matrix of 15 FE
analyses, where the COD can be given in a table,
as well as plotted in a normalized fashion as in
Figure I.4.

Case 2 - Different R,/t Cases

Case 2a Problem Statement - Selected
Participants

Repeat the analysis for Case la, but use an Rlt
ratio of 5.

Case 2b Problem Statement - Selected
Participants

Repeat the analysis for Case la, but use an Rdt
ratio of 20.

Case 2c Problem Statement- Selected
Participants

Repeat the analysis for Case la, but use an Rdt
ratio of 40.

Case 3 - Nonsymmetrical Restraint Length
Cases

Case 3a Problem Statement - Selected
Participants

Repeat the analysis for Case I a for the 28-inch
diameter pipe with an Rat of 10, but use the
following nonsymmetrical restraint lengths.
(Half-symmetry pipe FE model needed in these
cases.)

1. Restraint length on one side of the crack is
equal to one pipe diameter, and the restraint
length on the other side of the crack is 5, 10,
and 20 pipe diameters from the crack plane.

2. Restraint length on one side of the crack is
equal to 5 pipe diameters, and the restraint
length on the other side of the crack is 10
and 20 pipe diameters from the crack plane.

3. Restraint length on one side of the crack is
equal to 10 pipe diameters, and the restraint
length on the other side of the crack is 20
pipe diameters from the crack plane.

This involves six FE calculations for each of the
three crack lengths for a total of 18 FE solutions.
COD values were to be provided in a table, and
normalized by the unrestrained COD values
from Case Ia.

Case 3b Problem Statement - Selected
Participants

Repeat the analysis for Case lb for the 12.75-
inch diameter pipe with an Rdt of 10, and using
the same nonsymmetrical restraint lengths as for
Case 3a. (Again, half-symmetry pipe FE models
are needed in these cases.)

This involves six FE calculations for each of the
three crack lengths for a total of 18 FE solutions.
COD values were to be provided in a table, and
normalized by the unrestrained COD values
from Case lb.

Case 3c Problem Statement- Selected
Participants

Repeat the analysis for Case Ic for the 4.5-inch
outside diameter pipe with an R/t of 10, and
using the same nonsymmetrical restraint lengths
as for Cases 3a and 3b. (Again, half-symmetry
pipe FE model are needed in these cases.)

This involves six FE calculations for each of the
three crack lengths for a total of 18 FE solutions.
COD values were to be provided in a table, and
normalized by the unrestrained COD values
from Case Ic.

1-10



1.23 Modeling Approaches - around the criack tip, was used to discretize the
crack-tip region.

This section compiles the finite element ' -.

modeling approaches adapted by each of the - At the restrained end of the pipe, the TIE option
round-robin participants. The readers should - of the multipoint constraint (MPG) feature in
consider the differences in the modeling - ---- ABAQUS was used to make all corresponding
approaches when comparing the results from all .- degrees of freedom of the nodes at the restraint
participants. plane equal to those of an extra node on the axis

of the pipe. This extra node was used for
1.23.1 Participant A - As-shown in Table I.4,' -- applying a concentrated force in the axial
Participant A only participated in the common - --- direction as specified in the problem statement.
round-robin cases (i.e., Case 1). Participant A. Tables 1.5 through Table 1.7 summarize the
modeled the pipe using 3D 20-node second- number of elements and nodes used in each of
order solid-brick elements. All the meshes and the cases analyzed by Participant A. Notice'that
models were created using FEMAP Version 6.0 , the numbers of elements and nodes increase as
and solved with ABAQUS Version 5.8. Figure ---- - the restraint length increases. -This is due to the
.8 is a hidden view of a typical finite element .'. , fact that the length of the pipe in the finite-

mesh.' One layer of elements was used through element model was set to be same as the
the pipe thickness. A regular mesh, refined " restraint length:-

Figure 1.8 Representative finite element mesh used by Participant A- -

. . . .

.i

i

-

I

:....... ____ -

I Il
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Table 1.5 Matrix of FE runs by Participant A - Case la

Job ID Half Crack UD Constrained Number Of Number Of Round Robi
Length Nodes Elements Case

Plpe3d 7d2 1 Yes 1334 178 Case 11
PIpe3d1 7d2 5 Yes 2776 374 Case 1
Pipe3d2 72 10 Yes 4630 626 Case 1
Plpe3d3 7d2 20 Yes 8235 1116 Case 1
Pipe3d4 id2 20 No 8235 1116 Case 1
Pipe3dx_ id4 1 Yes 1334 178 Case 1
Pipe3dxl iI4 5. Yes 2776 374 Case 1
PIpe3dx2 A4 10 Yes 4630 626 Caseel.
PIpe3dx3 id4 20 Yes 8235 1116 Case 1
Pipe3dx4 7d4 20 No 8235 1116 Case 1.
P1pe3dyC 7d8 1 Yes 1278 167 Case I
Plpe3dyl 7d8 5 Yes 2719 363 Casel1
Pipe3dv2 7d8 10 Yes 4573 615 Case 1.
Pipe3dv3 r8 20 Yes 8179 1178 Case 1
Pipe3dy4 7t18 20 No 8179 1174 Case 1

Table 1.6 Matrix of FE runs by Participant A - Case lb

Job ID Half Crack LID Constrained Number Of Number Of Round Rob!r
Length Nodes Elements Case

12PIpe3d 7r2 1 Yes 1334 178 Case lb
12P~pe3dl 2rd2 5 Yes 2776 374 Case lb
12Plpe3d2 7Td2 10 Yes 4630 626 Case lb
12PIpe3d3 7rd2 20 Yes 8235 1116 Case lb
12Plpe3d4 72 20 No 8235 1116 Case lb
12Plpe3dx 74 - 1 Yes 1334 178 Case lb
12PIpe3dxl 7r4 5 Yes 2776 374 Case lb
12Pipe3dx2 Md4 10 Yes 4630 626 Case lb
12Plpe3dx3 ir/4 20 Yes 8235 1116 Case lb
12Plpe3dx4 r4 20 No 8235 1116 Case lb
12P~pe3dy 7I8 1 Yes 1278 167 Case lb
12PIpe3dyl 7d8 5 Yes 2719 363 Case lb
12PIpe3dy2 id8 10 Yes 4573 615 Case lb
12PIpe3dy3 rd8 20 Yes 8179 1178 Case lb
12PIpe3dv4 i/8 20 No 8179 1178 Case lb

I-12



Table 1.7 Matrix of FE runs by Participant A - Case 1c
II

Job ID Half Crack UD Constrained Number Of Number Of Round Robit
Length . Nodes Elements Case

4Pipe3d 7dr2 1 Yes 1334 178 Case 1c
4Pipe3dl 'd2 5 Yes 2776 374 Case l c
4Pipe3d2 RtI2 10 Yes 4630 626 Case 1c
4Pipe3d3 7d2 20 Yes 8235 1116 Case 1c
4Pipe3d4 id2 20 No 8235 1116 Case 1c
4PIpe3dx 7I4 I Yes 1334 178 Case 1c
4Pipe3dxl 7id4 5 Yes 2776 374 Case 1c
4Pipe3dx2 7d4 10 Yes 4630 626 Case ic
4Pipe3dx3 i14. 20 Yes-. 8235 -1116 Case l c
4Plpe3dx4 7r4 20 No 8235 1116 Case ic
4PIpe3dy rd8 1 Yes 1278 167 Case 1c
4Pipe3dyl 7d8 5 Yes 2719 363 Case Ic
4Pipe3dy2 rJ8 10 Yes 4573 615 Case 1c
4Pipe3dy3 7rd8 20 - Yes 8179 1178 Case 1c
4Pipe3dy4 rd8 20 No 8179 1178 Case 1c

1.23.2 Participant B - Participant B solved
Case la (except for the case of IJD=5), Case lb,
and Case 3b. The finite element code used by
Participant B was ABAQUS.

For the symmetrically restrained cases, a quarter
symmetry model with 776 elements and 4,641
nodes was applied. Regardless of the restraint
length, the same FE model with a pipe length of
30Dm (pipe mean diameter) was used. Only the
location to apply the load and the boundary
condition were changed in'accordance with the
restraint lengths specified for each problem.

For the cases of the asymmetric restraint length,
a half symmetry model with 1,160 elements and
6,897 nodes was applied. Similarto the
symmetric restraint cases, a single FE model
with a pipe leingth of 50Dm was used."

For all the cases, two layers of elements were
used for pipe thickness. The crack tip region
was discretized with a focused mesh. The 20-
noded second-order brick elements were used.
Figure 1.9 and Figure 1.10 show the finite
element meshes for the symmetric restraint

length and asymmetric restraint length cases,
respectively.

The axial load was applied on the cross-section
plane at a distance equal to the restraint length
from the cracked plane as a uniform tensile
stress calculated from the axial force.

Boundary conditions for the unrestraint cases

In the symmetric restraint model, the z-
directional symmetry boundary condition was
applied to all nodes in the crack ligament and the
y-directional displacement at a node on the
center of the crack ligament was fixed to prevent
the free body motion.

In the asymmetric restraint model,' a node oni the.
center of the crack ligarient was fixed in the y
and z directions to prevent the free body motion.
In addition, the tensile stresses were applied on
the two planes at the respective restraint lengths
from the crack plane.

In both models, the rotations induced by applied
axial load was allowed.
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Figure 1.9 Finite element mesh used by Participant B for symmetric restraint cases

Figure 1.10 Finite element mesh used by Participant B for asymmetric restraint cases

Boundary conditions for the restraint cases

The restraint to pressure-induced bending was
simulated by constraining the movement in both

the radial and circumferential directions, but
allowing for the axial movement, for all the
nodes beyond the restraint lengths. This is
shown in Figure 1.11 and Figure L12.
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Figure 1.11 Boundary conditions for restraining the bending induced

tension in the symmetric FE model

T FV ,Vv ~_._44 . *.i *

Figure L12 Boundary conditions for restraining the bending induced
tension in the asymmetric FE model

1.233 Participant C - Participant C used e- lement (Node 1 in Figure 1.13) located on the
ABAQUS Version 5.8-14 for the COD axis of the pipe. The total axial force is applied
calculations. 20-noded second-order solid brick through the coupling element that then
elements with reduced integration (ABAQUS - distributes the load to the end of the pipe.
element type C3D20R) were used. The pipe
length was set to the restraint length for the: - To simulate the pipe restraint effects, the end of
symmetric restraint cases (quarter-symmetrical the pipe is fixed against the radial and
model), and the sum of the two restraint lengths circumferential movement, while allowing for
for the asymmetric restraint cases (half- the axial movement This is shown in Figure
symmetrical model). For the unrestraint cases, L14 and Figure LI5, respectively, for the
the length of the pipe was set to 20Dm. - - - symmetric, and asymmetric restraint length
Additional analyses were also performed with Ho - cases, respectively.
pipe lengths up to 100Dm to evaluate the effect
of pipe length on the unrestraint CODs. Figure I.16 shows the axial stress and

The prescribed axial load was imposed using the
"Distributing Coupling Element" feature in
ABAQUS as shown in Figure 1.13. The
distributing coupling element ties all the nodes
at the end of the pipe to a single-noded coupling

displacement distributions obtained with the
distributing coupling element. It clearly shows
that, although the displacement is relatively
uniform, the stress varies significantly at the
restraint plane.
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Figure 1.13 The "Distributing Coupling Element" in ABAQUS

Axial Fomet No in-plane motion
/for restraint case

Synmmetric BC
Figure L14 The finite element mesh and associated boundary conditions used by

Participant C for the symmetric restraint cases
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The finite element mesh and associated boundary conditions used
by Participant C for theiasymmetric restraint cases
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Axial displacement . .- : Axial Stress
Figure 1.16 Axial displacement and stress distributions using the distributing coupling

element to impose the axial load (Case la, DM=1, Ol7r118, Participant C)

1.23A Participant D - Participant D used
ABAQUS Version 5.8-17'to solve all the cases.
8-noded first-order solid-biiclk"ele'mients 'with
reduced integration (ABAQUS element type
C3D8R) were used to discretize the pipe. The
number of element layers along the pipe
thickness was one.: Since there was no node at
the mid-thickness, the COD was calculated by
averaging the displacements of the nodes on the
inner and outer surfaces of the pipe at the crack
center.
Similar to Participant B, the pipe length in the

finite element model was the-same for all the
cases analyzed, which is 20D for the symmetric
cases, and 30D for the asymmetric cases. The
restraint length effect was treated by changing
the boundary conditions such that the restrained
section of the pipe only allowed for the axial
displacement.'

Figure I.17 shows the finite element mesh used
by Participant D. Focused mesh was not used.
The pipe was meshed out evenly in the
circumferential direction, but with a finer
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element length in the axial direction at the
cracked section.

The axial load was applied to the end of the pipe
as a uniform tension stress calculated from the
axial force.

CrckPlanc

ap .

It

.:

-. . .

I--.. *�**.
.y ..,

Figure 1.17 Boundary conditions and mesh used by Participant D

1.23.5 Participant E - Participant E followed
the basic steps as described in the NUREG/CR-
6300 report, which were:

Step 1: Create a finite element model of a
cracked pipe with a total pipe length of
twice the restraint length.

Step 2: Apply an arbitrary positive (tensile)
displacement loading, A in the axial
direction of the pipe to all the nodes in
the cross section located at a distance LR
from the cracked plane.

Step 3: Conduct a finite element analysis and
determine the COD resulting from the
remote displacement, A. The stresses at
the cross section A-A are not uniform
and can be decomposed into a bending
component and a tensile component.
Denote the COD (unscaled) and the
tension stress by S.d and a,,,
respectively.

Step 4: Compute the scaled COD,
65 = 4Sx((a,fd,j, , where q,,ef is

reference tensile stress.
Step 5: In the same finite element model apply a
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tension stress loading of magnitude a,

but allowing free rotation. Denote the
resultant COD by d_.

Step 6: Divide the scaled COD, 68, by the
reference COD, d_, to get the
normalized COD, 8NOR = 6 /-*. .

Step 7: For a given crack geometry, repeat Steps
1-6 for several values of LR. Develop a
plot of 8NOR versus LR IDm and hence,
determine the effects of the normalized
restraint length, LR IDm on the COD.

Figure I.19 shows a typical mesh for the
asymmetric case, which is a half symmetric FE
model. A focused mesh was also used at the
crack tip. The total number of elements was
1,552. All displacements and rotations were
fixed at one end of the pipe (the right end in
Figure 1.19), while the other end was subjected
to the given applied axial displacement. The
COD values were normalized by the
unrestrained COD values from Case lb.

T 0. 2 al D.,.... r D-9-u -- # V

Figure I.18 shows a typical mesh design for the the COD values using MARC, a commercial
symmetric restraint case. Linear elastic finite finite element package. 20-noded 3D solid brick
element analyses were performed using the 20 elements were used, with a focused mesh near
noded 3D brick elements in ABAQUS. -A the crack tip. The number of element layers
focused mesh was used at the crack tip. The : along the pipe thickness was one
total number of elements was 936. Two layers
of elements were used through the thickness. On the restrained section, all the nodes were tied
Considering the symmetric condition, only one to the node where the rotation around all three
quarter of the pipe was modeled. The abitra axes was fixed (see Figure 1.20), so that all the
applied axial displacement, a, was set equal to * - -- nodes on the restraint plane remained plane
applied mduring loading. The concentrated axial load was
2.54 mm (0.1inches) (Step 2). The applied -'then applied to the tying node.
displacement was applied through a MPC
(multi-point constraint in A.BAQUS) at the end'--
(muthpi-peow creotation in noAQUS) at the end For the unrestrained cases, the pipe length wasof the pipe (allow free rotation and no
ovalization restrictions). The COD values were set to be equal to 20 times the mean diameters.
estimated at the mean thickness of the center of -
the crack.

Figure 1.18 Typical Finite element mesh for the symmetric case by Participant E
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Figure L19 Typical finite element mesh for the asymmetric case by Participant E

Figure 1.20 Typical finite element mesh used by Participant F
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Table I.8 Summary of model features

Participant Participan Participant Participa Participant Participant
A tB -'C ntD E F

Restraint 30Dm Restraint 20D, Restraint Restraint
Pipe length length 50Dm v) length 30D length length

On On -

Simulation Ao Straint At pipe end restraint At pipe end restraint At pipe end At pipe end
of restraint length length

Application Concentrated Uniform Concentrated Uniform Uniform Concentrated
of axial force at the restraint force at the restraint displacement force at the

load TIE node rlane TIE element lane s. at pipe end tying node

3D 20-node 3D 8-node
Element 3D 20-node 3D 20- brick wvith brick with 3D 20-node 3D 20-node

type brick node brick - reduced reduced brick brick
-integration integration

Number of
element

layer 1 2 1 1 2 1
through 1 2

walln
thickness

MRefined Focused - Focused Focused
rese regular mesh mesh at a cused mesh R mesh at mesh at crackrefinement at crc i* at crack tip . esh

catp crack tip - c crack tip - tip
FEM code ABAQUS ABAQUS -::ABAQUS ABAQUS- ABAQUS MARC

( for symmetric and asymmetric restraint, respectively.-

I.2.4 Remarks On Modeling Approaches 1.2.5 Results And Discussion

Clearly, there are some marked differences 1.2.5.1 Effect of Pipe Length on COD of
among the modeling approaches used by the six Unrestraint Pipe - The problem statement did
participants. *Except for Participant D, all other not specify the pipe length for the COD
participants used 20-noded second order solid - calculation of the unrestrained pipe (i.e., the
brick elements and the focused mesh around the,- end-capped vessel). Theoretically, it should be
crack tip. The number of element layers through I infinitely long. Both Participants C and F
the pipe wall thickness was divided: four investigated the effect of the pipe length on
participants used I layer of elements whereas the COD of the unrestrained pipe. Figure L21
other 2 participants used 2 layers. Moreover, shows the results by Participant F for the longest
different approaches were employed to deal with'' crack length (8=rr2), where 0 is half the total
the restraint length and the application of the crack length. Clearly, pipe lengths greater than
axial load, reflecting the differences in: 20Dm, as used for all the participants, are
participants' interpretation of the restraint : -. sufficiently long for the COD calculations for
condition in the actual pipe systems. Table I.8 the unrestrained pipe.
summaries the major features of each
participant's modeling approach. -:
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Figure L21 Effect of pipe length on COD of unrestrained pipe for the longest
crack length Investigated in this program. Participant F

I.2.6 Comparison of Round-Robin (Case 1)
Results

1.2.6.1 Comparison of COD Values in
Unrestrained Pipes - Error! Reference source
not found.L22 shows the companison of the
COD values of the unrestrained pipes (the end-
capped vessel case) obtained by all participants

140.0%

120.0%

l 1000%

o 0.0%

*40.0%.

20 .

for the common round-robin cases (RU/t = 10).
The COD values are normalized by the mean
COD value of all participants for the same case.
Overall, the results from Participant C, E, and F

are consistent among each other. The
discrepancies are within 1% from the mean
COD value averaged among these three
participants, as shown in Figure L23.

aCaselal/4

'.E sels

Csase1blff

A B C D E F
PWtn

Figure 1.22 Comparison of the unrestrained COD values for Cases la-ic. The COD values
are normalized with respect to the averaged COD value of all participants
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Figure I.23 Comparison of the unrestrained COD values from Participant C, E, and F for
Cases la-lc. The COD values are normalized by the mean COD value of the

three participants of the same case

For the two shorter crack lengths (0=ir/8, and
0eJW4), the COD values from Participant A were The biggest discrepancies were from Participant
close to the average. However, the CODs of the- D for the two long crack cases (Oit/4 and
longest crack length (0=iri2) were only 80% of 0-JV2). The COD values are over 20 percent
the averaged values. higher than the mean values. Table 1.9

summarizes the observations on the unrestrained
Participant B also did reasonably well, expect - COD comparisons.
for one particular case (Case la, 08=irJ) where
the COD was about 120% of the mean value.

Table I9 Observations on unrestrained pipe case

Participant Comparison to average-frroim group Case-by case scatter

A Lower for longest crack length Significant

B About the same One case much higher

C Very close' Very low

D Much higher Significant

E - -Very close - Very low

F Very close- Very low

.:. - I . ;

1.2.6.2 Effect of Pipe Diameter - Despite the
fact that the COD values for a specific case

could be different, among the different
participants all participants reported that the pipe
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diameter has no noticeable effect on the
normalized COD values for all the cases in Case
1. The normalized COD only depends on the
crack length, Rdt ratio, and the restraint length.
This is illustrated from the data of Participants A

and C in Figures 1.24 and I.25, respectively. The
independence of COD on pipe diameter
simplifies the comparison of the round-robin
results (Case 1) - it is unnecessary to distinguish
the results from different diameter pipes.

I _ _ _ _

V.7

0.7

a
0 0.5U

I 0.5

J 0.4

OD = 323.85 00= OD 114.3 rmn

us

0.1

.*4 ... 0/n = 1/8 ... By... 01rt = 118_
- 0--1 =114 -- 0- O= 5114/4

0 G/- ==1/2 - 0/G =l/2FI I -GM 1/2

0 2 4 6 8 10 12 14 18 18 20
Nornallzed Restraint Length (LlDl)

Figure 1.24 Normalized COD values for Case la-Ic from Participant A

........................................ ... qj

i

c:8C
0cU
I

z(

OD=711.2mm OD=323.85mm OD=114.3mm

_ .. . Oh... 0/- 118 .-.. . 01st- 118 ..--0. G/7== 118_

-- +-- Or-114 -G---hnt=114 -- G--OMn=114

_ OM =1/2 - OM =e e 1/2 9 0=,n-1/210.1

a I
0 2 4 6 8 10 12 14 16 18 20

Normrlized Restraint Length (L/D)

Figure 1.25 Normalized COD values for Case la-ic from Participant C
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1.2.63 Comparison of Restraint Cases in
Case I - Figure 1.26 through Figure 1.28 show
the normalized COD, respectively for each of-'.
the crack lengths investigated in the common
round-robin cases. Also shown in these figures
are the results reported in NUREG/CR-6443
(Ref. 1.1). Overall, all participants reported the
same trends on the effects of the restraint length
and crack length on the normalized COD. The
results from Participant C and F are always
consistent for all the cases in the round-robin.

Participant D. The previous results reported in
NUREG/CR-6443 (Ref. 1I) also show
noticeable discrepancies when compared with
the round-robin results.

Excluding the results from Participant D, the
results from all other five round-robin
participants are plotted in Figure 1.29, for all the
round-robin cases. The results are quite
consistent for the two short lengths (0=-r/8, and
0--Oi/4), with the exception of one data point
from Particinant B at (110=1 and f)-OrI4). On

The normalized COD calculated by Participant the other hand, there is noticeable scatter for t
D were consistently lower than those by the - cases with the longest crack length (0=7r/2).
other five participants. This might be attributed
to the use of the one-layer, first-order elements Table I.10 summarizes the comparison of the
and the non-focused mesh around the crack tip . round-robin cases among all participants.
by Participant D. Also troublesome was the use,
of uniformed stress to apply the axial load by
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Figure 1.26 Comparison of normalized COD in Case 1, half crack length = 7r/8
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Figure 1.29 Comparison of normalized COD for all round-robin cases in Case 1,
excluding the results from Participant D and NUREG/CR-6443 (Ref. I.1)

Table 1.10 Observations on the round-robin case comparisons

Participant Comparison to Average from Group
A Agrees with C, F for 6=td8 and m'4 but higher for 0--ir2
B Agrees with C, F except for shortest restraint length

C, F Agree with each other all the time and in the middle of entire group results
D Generally lower than others -

E Agrees with C, F for 0e--r8 and Wr/4 but lower for 0e-i/2
NUREG/CR-6443 Highest for short flaws, lower than C, F for longer flaws

1.2.7 Effect of R./t Ratio (Case 2) participants took part in Case 2, and each
participant analyzed a subset of Case 2. The

The effects of Rdt ratio on the normalized COD riesults are presented in Figure I.30 through
are analyzed by comparing the results in Case 1 Figure 1.33. The normalized COD increases as
and Case 2. As shown in Table I.4, only four - Rm/t ratio decreases.
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Figure 133 Effect of R./t ratio on normalized COD. Participant D, OD=28-inch

1.2.8 Effect of Asymmetric Restraint Leingtli._ results. Similar to the effect of reducing the
(Case 3) - - - - symmetric restraint length from both sides of the

crack plane, the normalized COD value
Similar fo Case 2, each participant was assigned .- -- :-, decreases as the restraint length from one side of
to solve a subset of Case 3. -The results are- the crack plane is shortened. The effect of the
tabulated in Table 1.1 ito Table I.13. The effects asymmetric restraint length is more pronounced
of non-symmetric restraint are depicted in - as the asymmetry in the restraint length
Figure I.34 to Figure 1.36, using a subset of the_ increases. However, significant reductions from
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the normalized COD of the symmetrically
restrained pipe only exist when the crack length

is longest (0-8c/2), or the restraint length on one
side of the crack plane is very short (L2/D =1).

Table 1.11 Normalized COD under asymmetric restraint length, OD=28-inch

Case 3a Participant F
L,/D

1tUlI8 1 5 0 2
1 0888915 0.924125 0.93891 0.95639

LA4) 5 0.981084 0.983291 0.984323
10 0O.99047t 0.991539

__ __ 20 .0.9952920;
LIMa

Mt k114 _-1 5 10 20
1 0.59183 0.68585 0736959 0.805576

L2ID 5 0.897811 0.908835 0.914071
1 0 l x 0.94f23 0.952008
20 0.972409

L,/D
oto 11! . I1 51 101 20

1 .0.14317 0.203 0.251817 0.349994
L2/D 5 (Y. 0.516988 0.533301

2 10 i 0.6550,571 0.681819
20  1;07JM94

Table L12 Normalized COD under asymmetric restraint length, OD=12.75-inch

Case 3b Participant B Case 3b Participant E

8/113 L,11
8f3 t1n3 i * - .10 20 EBIc118 e 101 20

1 0.940865 0950959 0.958131 0.969925 1 0.935 0n963 0.974 0Q97
L2-D 5 - .983497 0.977444 0.9s5965 5 0.s .91 0.997

?10 E .9 .99 osst9! L2/D t0 0o9 0.996sE ss

20 .0.99~ss3 20 0,, i .9971

.G *1/4 1 . 10 2 OM 114 e 10 20
1 0.742396 0.774126 0.803464 0.853369 1 ,o 0. 597 0.8 0.86 0899

L.. D -__ 0.910451 0.919498 0.922728 L a i,:i Qsse 0.928 0.955
10 0.950063 0.954941 10 v 0.945 0.964
20 0.973478 20 972

6h3 LD
Oft = 1n2 e 101 20 01th 1n2 11 slT to 20

1 0.24671 0.275446 0.313982 0.40025 1 X.. o.1 13 0.273 0.404 0.549

L,1D eQ2sE Q45os ss L2/D 5 0.f39 .0 628
D 0.673468 0.697404 10 0.66

1. 7 se4 s _ tv- '-0.73

Table 1.13 Normalized COD under asymmetric restraint length, OD=4.5-inch

Casa 3c Participant C Case 3c Partcipant D

L,/D | LID
MI-1/8 1 5 101 20 oft 1/8 1 51 20

1 0.895167 0.9293688 0.944238 0.959108 1 0.824699 0.869431 0.889782 0916129

L2(D 5 0O.982156 0.98513 o.98st: L01981 5 I0.966211 0.980468 0983354
1 0o 0 r.991078 0.992565 iz-' l0.981931 0.949
20 10995539 20 | |0984239

LM3 L,ID
OM 114 1 s ol 20 Oft 114 1 5 I 0 20

1 0.617438 0.705071 0.756228 0.824066 1 .0429606 0.49354 0.542892 0.628249
5 10904359 09.14146 0.919706 5 .M079474 0.826453 0.841462

1 10 1 1 0.949956 0.95529Z 12/D 1 I 087329 0.9

09 - r 74199 20 L Z 8 890479
L,/D| L,ID1

GM 1/2 1 5 1 0 20 6.-1/2 1 5s 1 20
10t157449 02182150 02708081 0373945 10.00894511 0.12277 0.137155 0.207064

0.20 5 0.507238 0.539204i 0.555338 - 02864851 0.3150241 0.337098
I 10 `0.67491 0.700694 10 0.3913551 0.453497

- 20 10806393 - 20 0.416638
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Figure 1.36 Normalized COD under asymmetric restraint length from Participant C

1.2.9 Summary of First Round Robin
Analyses

Six organizations from thre'e countries
participated in this first round robin analysis to
investigate the effect of pipe-system restraint on
the linear elastic COD values in axially loaded
pipe systems. The results from the round-robin
cases revealed that:

* The results from Participant C and F agree
with each other for all the cases analyzed,
and are in the middle of group results.

* The results from Participant A agree with
those of Participants C and F, except for the
cases of the longest crack length (0-irJ2)
where the CODs of unrestrained pipe are
significantly lower, and the normalized
CODs are significantly higher.

* The results from Participant B agree with
those of Participants C and F, except for the
cases of shortest restraint length (LJD=1).

* The results from Participant D show lower
normalized CODs for the restrained pipes
and higher CODs for the unrestrained pipes,
when compared to those of the other
participants. These discrepancies might be

attributed to the use of first-order, unfocused
elements by Participant D.

* The results from Participant E agree with
those of Participants C and F, except that the
normalized COD for the longest crack
length (08=rI2) are significantly lower.

Other findings from this study include:

* The pipe diameter has negligible effect on
the normalized COD results.

* As the RdIt ratio increases, the restraint
effect increases, resulting in lower
normalized COD values.

* As the difference in the restraint lengths
from the two sides of the crack increases,
the asymmetric restraint effect on the
normalized COD increases. The effect
becomes significant once one of the restraint
lengths is reduced to L/D=l, or the crack
length is longest (0--rr2).
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1.3 SECOND ROUND ROBIN (EFFECT OF
RfT RATIO ON SURFACE FLAWVED PIPE_
EPFM ANALYSES)

1.3.1 Background

1.3.2 Past Round-Robin and FE Efforts

Over the years, there has been many efforts
aimed at developing a better solution to the
problem of determining an analysis procedure to
predict the failure loads of a pipe with a

One of the objectives of the ASME Section XI circumferential surface crack under pressure,
Working Group on Pipe Flaw Evaluation is to axial tension, and bending loads. The initial
extend the flaw evaluation criteria to other than efforts focused on Class 1 pipe that operates at
Class 1 piping. The extension of the in-service higher temperatures and is generally thicker-
flaw evaluation criteria to Class 2, 3, and - ; walled pipe (Rlt<15). In the early
balance-of-plant (BOP) piping has two aspects developmental efforts, there was concern over
that require further development than needed for, the accuracy of finite element (FE) solutions,
Class 1 piping. The first is that these piping and the ability to use those results to develop or
systems may operate at lower pressures, and validate simpler closed-form solutions that could
hence have higher radius-to-thickness (Rft) lead to a codified procedure.
ratios. The second is the lower operating
temperature effects on the fracture behavior of One of the initial efforts was a 1986 ASME PVP
ferritic steels. This round-robin problem - .Round-robin (RR) analysis of a surface-cracked
focused on the Rlt effects on the crack-driving - pipe test (Ref. 1.3). This involved a 16-inch
force relationships. diameter schedule 100 A106B pipe, where the

crack was 66-percent of the pipe thickness for
the entire length of half of the pipe
circumference, see Figure 1.37.
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Figure 137 Pipe test analyzed in 1986 ASME PVP round robin

The J versus load-line displacement values from
all the 3D analyses at that time are given in
38. There was considerable scatter in the plastic
region, and the mesh refinement in the ligament
was found to be the major concern, see Figure
I.39. Figure I.40 shows the results from that

same round robin when the participants used
different estimation schemes. The 1986 results
showed that FE meshing was important, and that
there was considerable scatter in the estimation
scheme results.
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Figure 1.40 Results for estimation analysis of 1986 ASME PVP round robin

The work in the 1986 round robin also spurred,
additional analyses afterwards. For instance,
Brickstad conducted analyses using line-spring
elements in ABAQUS as part of the
Swiss/Swedish Cooperative Program that was:
presented at 7th IPIRG-1 TAG meeting in
November, 1989 (Ref. 1.4), Shimakawa and
Yagawa (Ref. 1.5), Doi et al. (Ref. 1.6),
Takahashi et al. (Ref. 1.7), and Miyoshi (Ref.

Table 1.14 Post round-robin analyses of ti

Jatini
Brickstad (Line-spring)

Shimakawa and Yagawa, (3D)
Doi et al., (3D)
Takahashi et al., (3D)
Miyoshi (3D - finest mesh)

* I.8) also did 3D analyses of the 1986 PVP RR
with more refined meshes. Miyoshi had the..
finest mesh. The results of the J values at the
displacement that corresponded to
experimentally measured crack initiation are
given in Table 1.14. Figure 1.41 shows that the
Brickstad line-spring results compared very
closely to the Myoshi 3D analysis with the finest
mesh.

ie 1986 ASME round-robin problem

itiation, M/m'-.

0.235

0.213
-0.194 - -
0.185

0.264
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Figure 1.41 Comparison of Brickstad and Miyoshi results showing good
agreement between line-spring and very refined 3D FE results

Another round-robin effort for circumferential
surface cracks was conducted in the IPIRG-1
program, i.e., Round-Robin Problem 2-1. The
results of that round robin are summarized in
NUREG/CR-6233 Vol. 4 (pg 2-107) (Ref. 1.9).
This IPIRG-1 round-robin problem involved
estimation scheme analyses of an aged cast
stainless steel pipe test under pressure and quasi-
static bending, i.e., 16-inch diameter, Schedule
100, Rlt = 8, pressure of 15.5 Mpa (2,250 psi),
and test temperature of 288C (550F).
Predictions were made of crack initiation and
maximum load given an actual tensile stress-
strain curve and L-C C(T) specimen J-R curves.
Table 1.15 presents a summary of the initiation
load predictions, and the maximum load
predictions are given in Table L16 The
difference in the load predictions was much
greater than desired, and some participants had
significant differences even though they used the
same basic analysis procedure.

Another effort that is of value to summarize here
is from Mohan, where he compared 3D and line-
spring FE results in an IPIRG-2 report for elbow
applications (Ref. LI0). Mohan first conducted
an analysis to validate the line-spring approach
against full 3D FE analyses for straight-pipe
with a circumferential surface crack (Ref. .10).
This was done for the same 1986 ASME PVP
RR problem, i.e., DP3II Experiment 4112-8.
Those results showed that the line-spring
analysis gave good agreement with a full 3D
brick element analysis when sufficient mesh
refinement was used, see Figure L42.
Additionally, Mohan compared full 3D FE
results for a surface crack in an elbow to results
from using line-spring elements (Ref. 1.10).
Those results also showed good agreement, see
Figure 1.43.
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Table 1.15 Initiation load predictions from IPIRG-1 round-robin using estimation schemes

Experimental

Participant A

R6-Option 1

R6-Option 2

Participant B

R6-Option 3'

Participant C

JT Analysis
Participant D

. Load,
-kN;

319.1 '

,- 179.2

199.7

301.8 '

Moment,
IN-m
> 656.6

368.5

410.6

Predicted
Experimental

.0.56

0.63

0.95

, 173.1' 0.54

R6-Case I

R6-Case 2

Participant E

EPFM (with Press. Corr.)

SC.TNP 1
SC.TKP I

314.7
' 285.5

0.99

0.89

...

634.1
465.7

0.97
0.71

Table 1.16 Maximum load predictions from IPIRG-1 round-robin using estimation schemes

Load, oment,
kWf(Idp) * -ef-In4b)

Exipermental 326.3 (73A) - '; 672.5.95x10'

Participant B 301.S (67.S)

Participant C

IWB-3640 259.6 (533)

:J Analysis 245.7(552)

1,Analysis 293.7 (66.0)f

Net-Section-ColLapse 3663 (3)

Participant D

R6-Case I , * -:330 (74.3) .

R6-Case 2 3135 (70.4)

R6&Cuse 3 3232(72.6)

ParticipantE B -

Nct-Secion-Collapse

1.15 o-AYg 454.3 (102.1) 934.0 (2i7x10')

Pmredited
* Experimental

. . .092

'0.79

* 0.75

0.90

1.12

* 1.01 -

0.96.

-'0.99
,, .- . - :

a-Avg . .;. 3t0 (86.5) 792.0 (7.01xl0')

3 S. . 341.0 (76.7) . , 702.0 (6.isxlO')

IWB-3 640 (No Safety Factor) 254.0 (57.0) 522.0 (4.62xt 0')

DPZP (Best fit for SC) ;

1.15 o-Avg 389.0 (33.6). , ,799.0 (7.OUxlO'

O.Avg 351.0 (7.9) 721.0 (6.39x10')

EPFM (with Pres. Corr.)

SC.TNPI . 363.0(31.4) 745.0 (6.59x10')

SC.TKPI 256.0 (57.4) 525.0 (4.65x I0')

i..
1.13

. 1.04

0.78

*1.19 : -

:1. O' , "'' '

1.11

0.78
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1.3.3 J-estimation Scheme Development

The J-estimation schemes for surface-flawed
pipes have elastic and plastic contributions. The
elastic contribution is known from tabulated
elastic F-functions for global bending and axial
tension in the open literature.

The elastic-plastic contributions to J are more
difficult to establish. During past NRC
programs on piping, several circumferential
surface-cracked-pipe J-estimation schemes were
developed for Class 1 piping where the Rlt ratios
were less than 15. These estimation schemes are
available in the computer code NRCPIPES (Ref.

I.il). The available options in NRCPIPES are:

* SC.TNP1 and SC.TNP2,
• SC.TKPI and SC.TKP2, and
* SC.ENGI and SC.ENG2.

The differences in these solutions are briefly
noted below.

SC.TNPI is the original SC.TNP solution by
Ahmad in NUREG/CR4872 (Ref. L12). This
analysis used the 360-degree GEIEPRI surface-
crack h-functions with a thin-shell assumption in
creating circumferential finite length flaw h-
functions for pipes in bending.
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* SC.TNP2 is a modification by Mohan in
NUREG/CR-6298 (Ref. I.13). This was a
modification to the Ahmad solution where
the distance from the crack plane to the'
point where the unflawed pipe stress
distribution existed was calibrated against '-
numerous finite element (FE) analysis
results. The original assumption in the
Ahmad SC.TNP solution was that this
distance was equal to the pipe thickness.
Mohan found that this distance (L) was
equal to the pipe thickness (t) times a
function of the material strain-hardening
exponent (n), i.e., L=(n-I)t. This relation
was derived from pipes with only one RFt
ratio of approximately 7.5.

* SC.TKP1 is the original SC.TKP solution by
Ahmad in NUREG/CR4872 (Ref. I.12).
This analysis used the 360-degree GE/EPRI
surface-crack h-functions with a thick-shell
assumption in creating circumferential finite
length flaw h-functions for pipes in bending.

* SC.TKP2 is a modification by Mohan in
NUREG/CR-6298 (Ref. I.13). This was a
modification to the Ahmad solution where'
the distance from the crack plane to the
point where the unflawed pipe stress
distribution existed was calibrated against
numerous finite element analysis results.
The original assumption in the Ahmad
SC.TKP solution was that this distance was
equal to the pipe thickness. Mohan found
that this distance (L) was equal to the pipe
thickness (t) times a function of the material
strain-hardening exponent, i.e.,
L=[(n+1)/(2n+1)]t. This relation was
derived from pipes with only one Rlt ratio of
approximately 7.5. ;

circumferential through-wall-cracked pipe
estimation scheme of Brust in NUREG/CR-
4853 and NUJREG/CR-6235 (Refs. I.14 and
I.15). The Brust circumferential through-
wall-cracked pipe estimation scheme was
called LBB'.ENG. Rahman's SC.ENG1
analysis used the original net-section-
collapse limit-load equations in calculating a
parameter H(alt), which was equal to the
thickness of the unflawed pipe, divided by
an equivalent thickness to reach limit-load
conditions.

SC.ENG2 is an estimation scheme
developed by Rahman for circumferential
surface flaws that also parallels the through-
wall-cracked pipe estimation scheme of
Brust (Refs. I.14 and I.15). Rahman's
SC.ENG2 analysis used the Kurihara
modification of the original net-section-
collapse limit-load equations in calculating a
parameter H(alt), which was equal to the
thickness of the unflawed pipe; divided by
an equivalent thickness to reach limit-load
conditions. The Kurihara solution modified
the net-section collapse equations'
empirically so that they would work better
for short deep flaws (Ref. 1.16).

In addition to the results shown above, there is
another set of interesting calculations. This was
work done by Mohan and others for validation
of the ASME FAD curve approach in Code Case
N494-2 (Ref. I.17). From the work in that
paper, it was shown that several investigators
got the same moment versus J values by 3D
calculations and line-spring analyses. The
results then showed that the Code-Case N494-2
needed a maximum limit of Rlt of 15 to avoid

,. under predicting the crack-driving force, see
- - - - - Figure I.44. Mohan also explored the effect of

X SC.ENG1 is an estimation scheme - - -, - x, constant depth versus elliptical flaw shapes on
developed by Rahman for circumferential - ; t the elastic F-function.
surface flaws that parallels the
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Figure L44 Differences in J-estimation scheme predictions for same diameter
pipe with crack dimensions of OFir= 0.5 and alt = 0.5 and n = 5
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13.4 Objective of this Round Robin flaws were centered in the plane of the bending
on the tension side of the pipes. The J values

The objective of this round robin was to evaluate:, were taken at the mid-length of the surface
analysis procedures that were capable of : cracks, i.e., the location with maximum nominal
providing consistent crack-driving force for tension stress. Aiy analysis approaches deemed
higher Rit pipe. The crack driving force appropriate by the individual organization were
solutions were used to I - - acceptable. The manner in which the bending

-- moment/displacement was applied was up to the
* assess if any of the estimation schemes in individual participating organization. The end

NRCPIPES can be used for higher RIt pipes, effects from the application -of the bending
and moment/displacement should be minimized.

* provide procedural basis for the - - The stress-strain relation was assumed to obey
development of J-estimation schemes for, - the generic Ramberg-Osgood power-law
higher RPt pipe in Class 2, 3, and balance-of- hardening relationship,
plant piping with internal circumiiferential
surface flaws. The actual development of a I+ (11)
the schemes is being done as part of a - 'o CF oa

separate DINP task.''' '~r . - where ca and E c-E are the reference yield
35 Problem Statement '----stress and strain, respectively, ais a

- -i dimensionless parameter, E is the elastic
: modulus, and n is the strain hardening exponent.

There were several parts to-this round-robin
problem. The Problem Set A contained
problems for all participants. The results were -

to be used to check the computation capabilities
of all the participants. The Problem Sets B and
C involved cases that would expand the
numerical solution database for assessing the J-
estimation schemes. The five participating
organizations are identified as P1, P2, P3, P4,
and P5 in this report. P1 and P3 were in Group'
1, and the rest in Group 2.

The'participating organizations were tasked to"-
generate J versus bending moment curves for;
pipes with internal circumferential surface flaws
with or without internal pressure: -The surface '

Three sets of problems and associated
participating groups are su rmmarized in Table
1.17. The overall dimensions of the pipe is
determined by its outside diameter (OD) and the
pipe wall thickness (t). The size of the flaws is
defined by its length (6), and depth (a). The
flat-bottom flaws have a constant depth for the
entire length. The flaw shape of semi-elliptical
cracks corresponds to semi-elliptical flaws in a
flat plate that is then transforned into the pipe
curvature. The material parameters that define
the Ramberg-Osgood stress-strain relationships
and the magnitude of applied internal pressure
are given in Table 1.17.

. - -_ q - I .1
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Table 1.17 Summary of the problem sets and dimensional and material parameters

sOD t l | alt D | ao n a | " Comments |
toShape -u- _

IL~d a.-a

(mm) (mm) II _ I (GPa) (MPa) (MPa)l

A-1 406.4 36.945 0.25 0.500 Fiat bottom 182.72 0.30 150.0 5.00 1.00 0.00 Baseline case - o

A-2 406.4 36.945 0.25 0.500 Semi-elliptical 182.72 0.30 150.0 5.00 1.00 0.00 defect shape .Y

diff. from A-i 1Z
Pipe C

A-3 406.7 9.500 0.25 0.476 Flat bottom 182.72 0.30 224.0 4.95 5.01 1.55 experiment
- - - - - __ 1.2.1.20 0

B-1 406.4 9.912 0.25 0.500 Fiat bottom 182.72 0.30 150.0 5.00 1.00 0.00 B mat2d _ ..

B-2 406.4 5.017 0.25 0.500 Flat bottom 182.72 0.30 150.0 5.00 1.00 0.00 Based on A-i, 2
__ _ __ _R mIt=40

C-1 406.4 36.945 0.25 0.500 Flat bottom 182.72 0.30 150.0 5.00 1.00 27.00 Based on A-i1,
_ _ _with pressure -0

Based on B-i,C-2 406.4 9.912 0.25 0.500 Flat bottom 182.72 0.30 150.0 5.00 1.00 6.75 with pressure 2

C-3 1406.4 5.017 020.500 Flat bottom 1182.721 0.30 1150.0 5.00 1.00 3.38 Baedo eB2

1.3.6 Analysis Approach

This section describes the analysis approach
taken by the five participating organizations.
General-purpose FE codes, either ABAQUSO or
MARC'" were used by the participants.

I.3.7 Geometry Models

The FE models were constructed either by shell
and line-spring elements or 3-D solid elements.
A typical model using shell and line-spring
elements from Participant P1 is shown in Figure
I.45 and Figure L46. Only one quarter of the
pipe was modeled due to symmetry conditions.
The shell and line-spring elements were of the
type S8R5 and LS3S per ABAQUS notation,
respectively. There were ten equally-spaced
line-spring elements covering the one-half crack
front in the model. The 14 shell elements were
geometrically-spaced around the circumference,
having smaller elements in the region adjacent to
the crack. The axial length of the quarter model
was lODm, where Dm is the mean diameter of the

pipe. A typical FE model using 3-D solid
elements (C3D20 in ABAQUS) is shown in
Figure 1.47 and Figure 1.48 from Participant P2.
The crack area was modeled using a refined
mesh with quarter-point-singularity elements at
the crack tip. The 3-D solid element model for
Problem A-2 from Participant P3 is shown in
Figure L49 and Figure L50. The model was
made to work with the MARC code.

1.3.8 Loading

Bending loads were imposed on the pipe section
by applying a rotation at the far end of the pipe
through a kinematic coupling or by four-point
bending. In the shell and line-spring element
models of Participant PI, the nodes on the far
end of the pipe were tied to a reference node
through "*KINEMATIC COUPLING" as
provided in ABAQUS. The rotational degree of
freedom applied to the reference node is then
transferred to the end of the pipe through the
kinematic coupling. The same coupling
mechanism was used in the 3-D solid element
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model of Participant P2. The far end of the pipe
was sufficiently far from the cracked plane so
there was no end effect at the crack of interest.

A four-point bending set up was used by
Participant P3, as illustrated in Figure 1.51. A
similar four-point bending set up was also used
by Participant P5.

I-t --

: 1 . .

In cases with internal pressure loading, the
internal pressu're and the associated axial load
were applied first The magnitude of the axial
load represented the end cap load from the
internal pressure. The bending loads or
displacements were applied subsequently. There
was no pressure applied to the crack face in the
cases with internal pressure loading.

Figure IAS Atypical model using shell and line-spring elements from Participant P1
* . . . -.. 2 ._ us; a;. - - . , .

Figure 1.46 Focused view of the shell and line-spring model, looking at the
cross-sectional plane containing the line-spring elements
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Figure 1.47 A typical 3-D solid element model from Participant P2

Figure 1.48 A focused view of the cracked region of a 3-D solid element model from Participant P2
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Figure IA9 The 3-D solid element model of Problem A-2 from Participant P3
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Inc: 0
Time: O.SOtC+00

Figure 1.50 The focused view of the flawed area of the 3-D solid
element model for Problem A-2 from Participant P3
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Figur'e .1 Loading Conditions

Figure 1.51 Application of bending and internal pressure by Participant P3
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1.3.9 FE Procedure Formulation

A small-strain and small-displacement
formulation was used by all participants except
P3. Participant P3 employed large-strain (LS)
and large displacement (LD) formulation for
most of its analysis. For comparison, small-
strain and small-displacement formulation was
tried for some cases by Participant P3. The
Ramberg-Osgood stress-strain relation of
Equation L1 conforms to the
"*DEFORMATION PLASTICITY definition
of ABAQUS. In the case of 3-D solid models,
this definition can be used to precisely represent
the power law hardening relationship of
Equation LI. In the case of shell and line-spring
models, the "*DEFORMATION PLASTICITY'
definition does not work with the line-spring
elements. Consequently, the material property
has to be defined by the "*ELASTIC" and
"*PLASTIC' cards in ABAQUS. The first line

of the "*PLASTIC" card defines the plastic flow
stress at zero plastic strain. In the case of
Ramberg-Osgood stress-strain relation, the non-
linearity starts at zero stress. Strictly speaking,
the first line of the "*PLASTIC' card would
have zero plastic flow stress at zero plastic
strain. However, ABAQUS does not allow zero
plastic flow stress at zero plastic strain.
Consequently, a small, but finite plastic flow
stress, has to be given at zero plastic strain. The
examination of the analysis results revealed that
the magnitude of this finite plastic flow stress at
zero plastic strain does not affect the J versus
moment relation provided that this initial flow
stress was less than one-third of reference yield
stress, or ob:. The analysis procedures and the
associated FE codes of all participants are
summarized in Table Ll8. Theblank cells of
the table indicate that the corresponding
information was not available to the authors.

Table U.18 Summary of the analysis procedures of all participants

P4 rtic ipantSoft vare
ro pt Cod 3 Element Type Application of Geometry/Strain

Bending load Formulation

P1 1 ABAQUS Shell and line-spring Kinematic coupling Small

P2 2 ABAQUS 3-D solid Kinematic coupling

P3 1 .MARC 3-D 1sold Four-point bending Large and small

P4 2, ABAQUS 3-D solid

P5 2 ABAQUS Shell and line-spring Four-point bending

13.10 Confirmation of the Analysis
Procedures

To ensure the quality of the results, it was
necessary to verify that the stress and strain state
at the cracked plane was not affected by the
boundary conditions applied at the far end of the
model. The deformed shell and line-spring
model from Participant P1, shown in Figure
L52, demonstrates that the cross-section of the
pipe at the far end of the pipe remains circular,
as if it were a cross section from a very long
pipe. Figure L53 shows that the axial stress has

the expected circumferential variation around
the circumference of the pipe. This variation is
independent of axial position for much of the
model, except in the region close to the cracked
plane. As expected, the axial stress redistributes
in the cracked plane due to the reduced load
carrying capability along the length of the
surface crack. The deformation and stress
patterns of Figure L52 and Figrue 1.53 confirm
that the stress and strain state in the cracked
plane are free of end effects.
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t -. Figure L52 A-deformed shell and lille-springJ . . -:. . .: . . . : .
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Figure 1.53 Contours of axial stress of a deformed shell and line-spring model from Participant P1

1.3.11 Comparison of J versus Moment (between Participants P1 and P2) is
Relations approximately 11%. In Case A-2 of Figure 1.55,

the maximum difference in bending moment
One of the objectives of this round robin was to - (between Participants Pl and P2) is reduced to
provide some baseline J versus' moment approximately 8%. The only difference between
relations so the J estimation scheme can be Case A-1 and A-2 is the flaw shape. Case A-i
expanded to higher Rirlt ratios than those in the has flat-bottom flaw shape, while Case A-2 has
current version of NRCPIPES. This section - semi-elliptical flaw shape: In the line-spring
compares the J versus moment relations model, the flaw depth is defined as a function of
generated by'all the participating organizations. the circumferential position of the nodes that are

- .- ' tied to the line-spring elements. For the flat-
In the baseline Case A-i, the Jversus moment bottom flaws, the flaw depth in the entire flaw
relations have generally good agreement, see' ' ' 'length covered by the line-spring elements was
Figure 1.54. At a J level of 500 N/mm, the given as a constant. The sharp transition at the
maximum difference in bending moment end of the flaw length could not be defined
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precisely in the line-spring modeL In the case of
semi-elliptical flaw shape, the flaw depth was
gradually transitioned to a zero depth. The line-
spring model can define the gradual transition of

1500 _ .
-*-P1

P2
P3, LS and LD

: a P4
1000 P5

Case A-1

500 -_-----------

. 0
0 l

flaw depth more precisely. This may have
contributed to the reduced difference in Case A-
2.

0 500 1000
Moment (MN-mm)

1500

Figure 1.54 The J versus moment relations of Case A-1. LS and LD stand for large strain
and large displacement, respectively

1500 9____I. IEarul* 1 -K7 Y7P-I

1000

E
E

500

0
0 500 1000

Moment (MN-mm)

Figure L55 The J versus moment relations of Case A-2

1500
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Case A-3 of Figure 1.56 was set to simulate pipe
Experiment 1.2.1.20. The Rt, is much greater_
than Cases A-1 and A-2. Furthermore, there is a
small internal pressure. The maximum moment
difference at J=500 N/mm is approximately
18%. The results of Participants P1, P2, and P3
are in one group, while the results of Participants
P4 and P5 are in another group. This grouping
is not consistent with the grouping of modeling
approach (shell and line-spring versus 3-D solid
elements). For instance, Participant P1 used
shell and line-spring elements, while
Participants P2 and P3 used 3-D solid elements.
Furthermore, Participants P1 and P2 used a
small-strain and small-displacement
formulation, while P3 used a large-stain and
large-displacement formulation. Yet the results
of Participants P1, P2, and P3 are in the same
group. Similarly, Participants P4 used 3-D solid
elements, while Participant P5 used shell and
line-spring elements. Yet the results of
Participants P4 and P5 are in the same group.

bending moments. The large-strain and large-
displacement formulation of Participant P3
captured the effect of cross section change of the
pipe. This change eventually resulted in
buckling of the pipe. Therefore there is an
upper-bound limit of the bending moment, as
reflected by the asymptotic increase of the J
with little increase of bending moment.

The results of Participant P3 in Case B-2
demonstrate that the effect of buckling is more
pronounced for pipes with large Rd/t as
compared to Case B-i, see Figure 1.58. The
upper-bound moment was achieved at a
relatively low J of approximately 300 N/mm in
the analysis with large-strain and large-
displacement formulation. Interestingly, the
small-strain and small-displacement results of
Participant P3 are closer to its own large-strain
and large-displacement results, not the small-
strain and small-displacement results of
Participant P1.

In Case B-1 of Figure 1.57, the results of
Participants P1 and P3 are close until the large

1500

1000

E

. 5

500

0

0 100 200 300 400

Moment (MN-mm)
F.T .I u m t r o Cs

-Figure 1.56 They[ verses mnoment relations of Case A-3

500
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Figure 1.57 The J versus moment relations of Case B-i
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Figure 1.58 The J versus moment relations of Case B-2. SS and SD stand for
small strain and small displacement, respectively
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Cases C-1, C-2, and C-3 were designed to
examine the effects of R,,/t on the J versus
moment relations with internal pressure. The
difference in the J versus moment relations
increases substantially with the increase of R,,,It,
see Figures I.59, I.60, and I.61. The largest
difference is in Case C-3 with an 80 percent
spread in moment at the J value of 500 N/mm.
In Cases C-1 and C2, the results are grouped by
the types of FE models. For instance, the results
of Participants P1 and P5 are in one group; both
used shell and line-spring elements. The results
of Participants P2 and P4 are in another group;':
both used 3-D solid elements. However, such
grouping does not exist for Case C-3. The
results of Participant P3 are particularly
puzzling. The J versus moment curve does not
have the asymptotically vertical trend as seen in
Cases B-i and B-2. Instead, the slope of the
curve decreases with the increase of moment in
the last few load increments. The Case C-3
results of Participant P3 are of large-strain and
large-displacement formulation, the same as for
Cases B-I and B-2.

1.3.12 Discussion of Results

The effects of modeling approaches were
investigated further. The focus was on the
difference between the shell and line-spring
model versus the 3-D solid element model. The
results of Participants P1 and P2 were the focus
of this further investigation. To further simplify
the comparison, elastic solutions were generated.
The additional benefit of the elastic solution is
that the results from open literature can be used
for further validation.

The pipe geometry of Case A-i was selected and
first loaded in axial tension. The results of
Participant P1, with either flat-bottom or semi-
elliptical crack shape, are compared with those
of Anderson (Ref. I.18) in Figure I.62. The
solution of Anderson was derived using 3-D
solid elements with semi-elliptical crack shape.
The results of Participant P1 compare very well

with those of Anderson for the same crack
shape. As expected, the J value of flat-bottom
crack is higher than that of the semi-elliptical
crack at the same load level.

Similar comparison was conducted for the 3-D
solid element results of Participant P2, see
Figure I.63. The first impression is that the
difference between the flat-bottom and semi-
elliptical crack shapes is much smaller than that
from the shell and line-spring model.: The
agreement between the results of Participant P2
and those of Anderson is very good.

Appreciable difference is observed between the
line-spring results of Participant P1 and that of
Anderson under remote bending, see Figure I.64.
Figure I.65 shows that the results of Participant
P2 using 3-D solid elements are in better
agreement with those of Anderson under the
same loading condition. The comparison of
Figure I.64 and Figure I.65 suggest that it is
possible that the shell and line-spring model may
overestimate the elastic J. The same conclusion
cannot be drawn from the results of all cases
listed in 17. In some of those cases, the shell
and line-spring models provided higher J values
than those of the 3-D solid models. In other
cases, the opposite was true.

Using essentially the same analysis approach as
Participant P1, Wang obtained elastic K -

solutions of internal circumferential cracks of
various sizes (Ref. I.19). The line-spring
solutions of semi-elliptical shape agreed well
with the 3-D solid element solutions with semi-
elliptical shape of Chapuloit (Ref. I.20), as
shown in Figure I.66. The difference in J versus
moment curves among the participating
organizations cannot be attributed entirely to the

"difference in the use of FE elements. It may be
deduced that the 3-D solid element solutions of

rChapuloit are different from those of Anderson,
although a direct comparison of those two
solutions was not conducted in this round robin.
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Figure I.61 The J versus moment relations of Case C-3
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Figure I.62 Comparison of the line spring results of Participant P1 with the 3-D solid element
results of Anderson for a pipe section loaded in tension
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Figure 1.64 Comparison of the line-spring results of Participant P1 with the 3-D solid element
results of Anderson for a pipe section loaded in bending
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Figure 1.66 Comparison of the normalized K solutions from the line-spring solution of Wang
(Ref. 1.19) with the 3-D solid element solution of Chapuloit (Ref. 1.20).'
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1.3.13 Concluding Remarks

The differences among all participants in
bending moment at the J level of interest in
Cases A-1, A-2, B-1, B-2, and C-1 are typically
less than 10 percent. Larger differences are
observed in Cases A-3, C-2, and C-3. By
comparison, the cases with internal pressure
show larger differences than the cases without
internal pressure. Although the use of shell and
line-spring versus 3-D solid elements may cause
some difference in the J versus moment
relations, it cannot possibly be responsible for
the large differences observed in some cases.
Further investigation is needed to understand the
causes of those large differences in some cases.

As indicated earlier, the possibility of local
buckling at the surface crack location increases
with the increase of R,,,t ratio. The local
buckling reduces the load-carrying capability of
the pipes. If the J estimation scheme were to
extend to large Rlt ratios, the effect of this local
buckling should be considered in the FE analysis
by using large-strain and large-displacement
formulation. This work showed that sufficient
accuracy could be obtained with the line-spring
FE approach for the purpose of
developing/validating an estimation scheme
procedure. However, care should be taken in
developing that approach for pipe with Rit of 40
or greater since local buckling at the crack may
reduce the pipe's load-carrying capacity more
than determined from using the small-strain
formulation required for line-spring analyses. A
separate effort for the BINP program involves
comparing the FE line-spring results to different
J-estimation schemes for the purpose of
selecting or modifying one that gives consistent
agreement with the FE analysis for the applied J
versus moment behavior.
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